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Abstract

The growing complexity of large-scale, thin-walled structures can be managed through the
use of hierarchical modelling approaches. In aeroelastic wing design, efficient models are
needed during the concept and preliminary design phases, as a large design space must be
explored. However, in structural engineering, these models are often reduced-order models
that use time-consuming CAD-based FEM models to capture important detail. Shear panel
theory has historically been used for such problems, even though it has been reported
that the method cannot model the bending-induced torsion of swept wings. Additionally,
the assumptions used to derive the parallelogram panel have been criticised for being
inconsistent, resulting in deviations in stiffness and stresses. This paper presents a novel
formulation for parallelogram shear panels and a novel smearing approach for normal
stiffness that does not lead to an overestimation of in-plane bending stiffness. These new
formulations are validated through comparisons with FEM reference models of single
panels and swept and unswept wings. The results demonstrate that the stiffness and stress
state of the new panel formulation match those of the reference model, and that using the
formulation achieves the desired bending–torsion coupling of swept wings. Furthermore,
the proposed smearing approach allows wing sections to be modelled with the fewest
possible degrees of freedom while avoiding the overestimation of bending stiffness.

Keywords: shear panel theory; preliminary design; thin-walled structures; finite element
method; reduced model

1. Introduction
The design of aircraft is increasingly driven by multidisciplinary requirements and the

co-development philosophy. Early in the design process, environmental impact [1], cost and
manufacturing [2,3] need to be considered alongside structural requirements. To handle
this increasing complexity, a formalised and consistent hierarchical modelling approach
can be adopted throughout the entire design process [4,5], selecting appropriate models
for the available and required design stage information. Efficient models are especially
required during the concept and preliminary design phases, where large design spaces
must be explored [6]. Accordingly, various methods and strategies have been developed
for the structural analysis of wings.

In the context of aeroelastic tailoring, a prominent approach is the use of reduced-order
models [7–9], with the challenge that the structural influence of components such as ribs
must be represented adequately [10,11]. By incorporating analytical submodels, individual
components can be examined in greater detail [12,13]. However, most modelling techniques
ultimately rely on finite element method (FEM) models, which require time-consuming
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preparation of Computer-Aided Design (CAD) models and therefore limit the efficient
exploration of large design spaces. Before the establishment of the FEM, the shear panel
theory (SPT) was used to calculate complex wing and fuselage structures in a simple and
efficient manner [14]. SPT can therefore be seen as a modelling approach that bridges the
gap between analytical methods and highly detailed FEM models.

The SPT is a modelling approach for stiffened thin-walled structures and beam profiles
in which the structure is idealised using panels and surrounding stiffeners [15]. For
rectangular panels, the SPT approximates the shear flow in the panels as constant and the
axial forces in the stiffeners as linearly varying. It can be shown that this idealisation is valid
if the cross-sectional area of the panel is much smaller than the area of the stiffeners [16].

However, in modern lightweight structures, these assumptions are often not fulfilled.
To address this limitation, Gienke [17] describes a smearing technique for skin and local
stringers when the normal stiffness of these structures cannot be neglected. A similar
smearing concept for one-dimensional unstiffened structures is described by Dieker and
Reimerdes [16], in which the structure is discretised and a trade-off between accuracy and
computational cost must be chosen. More recently, Baess and Schroeder [18] developed a
three-dimensional curved shear panel formulation capable of modelling curved fuselage
and wing sections with low computational effort. Baess et al. [19] applied the curved SPT
to NACA wings to investigate the potential for aeroelastic optimisation by comparing the
computational efficiency with FEM models of different mesh sizes. The extension of the
SPT to non-rectangular geometries was addressed by Garvey [20], who applied the basic
assumption of pure shear at the panel edges to parallelogram-shaped panels, resulting in
an analytical model with a constant stress state:

σ11 = 2τ12 tan(α),

σ22 = 0.
(1)

Based on these assumptions, several stress-based FEM elements for quadrilateral
panels have been proposed [21–23]. These formulations were compared against the an-
alytical solution of Garvey [20] and reported to be exact [21–23]. However, Gienke [6]
mentions that existing SPT formulations for parallelogram-shaped stiffened panels lack a
consistent coupling between normal and shear deformations, as illustrated in Figure 1. As
a consequence, bending–torsion coupling effects, which are characteristic of swept wing
structures, cannot be depicted.

In order to validate the SPT, Baess and Schroeder [24] investigated the stiffness and
stress behaviour of single rectangular and parallelogram panels by comparison with FEM
reference models. A significant influence of the second moment of area of the surrounding
stiffeners on both stiffness and stress distributions was observed. Inconsistencies in the
assumptions and derivation of the parallelogram panel were identified, leading to errors
in the calculation of stiffness and stress distributions not consistent with the analytical
solution of Garvey [20]. The study showed that the assumptions underlying the rectangular
shear panel cannot be directly transferred to parallelogram-shaped panels, as the coupling
of normal and shear stresses introduces additional compatibility constraints with the
surrounding stiffeners [24].

This work presents a revised formulation for parallelogram-shaped panels based on
the findings of Baess and Schroeder [24]. The resulting formulation is referred to in the
following as Improved Shear Panel Theory (iSPT). In contrast to classical formulations
based on the postulation of pure shear traction at the panel edges [20–23], the present ap-
proach enforces equilibrium and compatibility between panels and surrounding stiffeners.
A stress-based finite element formulation is derived using the principle of complemen-
tary virtual work, enabling a consistent representation of the coupling between normal
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and shear deformations required to capture bending–torsion interaction in swept wing
structures [6]. In addition, an improved smearing approach for panel normal stiffness is
introduced, extending existing concepts [16,17]. The approach avoids the overestimation of
in-plane bending stiffness caused by conventional virtual stiffener placement while main-
taining the computational efficiency required for reduced-order structural models. The
proposed formulations are validated against detailed FEM reference models in single-panel
studies [24] as well as in unswept and swept wingbox configurations [10,11], demonstrating
accurate stiffness and stress calculations and the correct reproduction of bending–torsion
coupling effects.
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Figure 1. Elastic behaviour of rectangular and parallelogram-shaped structural elements, taken
from [6]. (a) Definition of section forces on rectangular element; (b) definition of section forces on
parallelogram-shaped element; (c) elastic behaviour of rectangular panels; (d) elastic behaviour of
parallelogram-shaped panels.

2. Method
2.1. General Formulation of Stress-Based Elements

FEM elements can be derived with different approaches, as described in the litera-
ture [25,26]. Most common is the formulation of displacement-based finite elements, in
which Ansatzfunctions for displacements are formulated. Less common is the formulation
of stress-based elements that make assumptions about the stress field inside the element.
In the following, the derivation of stress-based elements is described using the Principle of
Complementary Virtual Work, as described by Curtis and Greiner [22] and Robinson [26],
also known as the Principle of Virtual Forces. In the following sections, this method is
specialised to a shear panel element with a constant stress field where equilibrium and
compatibility conditions uniquely determine the stress parameters.
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A system is in equilibrium if the internal complementary virtual work δU⋆
i is equal to

the external complementary virtual work δW⋆
e :

δU⋆
i = δW⋆

e (2)

The internal complementary virtual work is defined as

δU⋆
i =

∫
V

δσTε dV, (3)

while the external complementary virtual work is given by

δW⋆
e = δfT

nun +
∫

Ω
δtT

s us dΩ +
∫

V
δbTu dV, (4)

where fn is the nodal load vector, un is the nodal displacement vector, ts is the surface
traction vector, us is the boundary displacement field, u is the displacement field and b is
the body force vector. dΩ describes the boundary surface differential element and dV the
volume differential element. In the following, the terms with the body forces are neglected.
Equation (2) will be transformed to be expressed in nodal displacements. As stated above,
a self-equilibrating stress field inside the element is assumed. Often the Airy stress function
forms the basis for the stress field ensuring compatibility. The stress vector can than be
expressed in terms of the generalised load vector, also called the stress parameter β:

σ = Pβ, (5)

where P gives the stress distributions and is called the matrix of stress polynomial terms, if
polynomial fields are chosen. The strains can be expressed as

ε = DPβ, (6)

where D describes the strain–stress relations. The surface tractions ts, the boundary dis-
placement field us and the nodal loads fn can be expressed in terms of the generalised load
vector β:

ts = Lsβ

us = Nsun

fn = Tnβ,

(7)

where the form of Ls is dependent on the chosen coordinate system, Ns is the boundary
shape function and Tn establishes the relation between the generalised loads and the nodal
point load vector. Inserting Equations (5)–(7) into Equation (2) yields∫

V
δβTPTDPβ dV = δβTTT

nun +
∫

Ω
δβTLT

s Nsun dΩ. (8)

As Equation (8) must hold for all virtual loads δβ, the equation yields[∫
V

PTDP dV
]

β =

[
TT

n +
∫

Ω
LT

s Ns dΩ
]

un. (9)

Equation (9) has the form of
Hβ = TTun, (10)

where H is called the natural flexibility matrix and T is defined as

T = Tn + Ts, (11)
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with
Ts =

∫
Ω

LT
s Ns dΩ. (12)

An equivalent nodal load vector fs can then be defined as

fs =
∫

Ω
NT

s ts dΩ. (13)

Equation (10) can be transformed into the general FEM form

TH−1TTun = keun = fn, (14)

where ke is the elemental stiffness matrix and fn is the nodal load vector. The generalised
load vector β can be recovered from calculated nodal displacements by

β = H−1TTun. (15)

2.2. Derivation of the Stress State for a Parallelogram Shear Panel

The parameter studies performed by Baess and Schroeder [24] showed that the stress
state inside the shear panel, as well as the stiffness behaviour, is not consistent with the
analytical solution. The following reasons were identified:

• No compatibility conditions between the panel and stiffeners.
• No compatibility conditions between neighbouring panels.
• Assumptions of pure shear on the panel’s edges.

In the following, a revised shear panel formulation for the parallelogram panel and
isotropic material behaviour is derived by dropping the assumptions of pure shear at the
edges and by introducing compatibility conditions between the panel and stiffeners as well
as neighbouring panels. Rigid behaviour of the stiffeners in normal and bending stiffness
is assumed, consistent with the rectangular theory [15,16]. The basis of the derivation is
a compatible stress field of the first degree, consistent with the observations in [24]. The
stress components σ12, σ11 and σ22 are therefore constant. Figure 2 shows the shear panel
with the resulting traction loads for (a) the state-of-the-art formulation (SPT-SOTA) and (b)
the iSPT.

x1α

x2

tt,2b

a

tt,3

tt,4

tt,1

x1α

x2 tt,2
b

a

tt,3

tt,4

tt,1

tn,3

tn,2

tn,4

tn,3

(a) (b)

Figure 2. Resulting surface traction loads tt,i and tn,i for (a) the state-of-the-art stress field (SPT-SOTA)
and (b) the stress field of the Improved Shear Panel Theory (iSPT). In contrast to the SPT-SOTA, the
postulation of pure shear traction at the panel edges is omitted.
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It should be explicitly noted that, in contrast to other derivations [21–23], it is not
required for the normal traction component tn,i to vanish. The normal and tangential
stresses at the edges are

σn,i = σ11 v2
2,i + σ22 v2

1,i − 2 τ12 v1,iv2,i, (16)

σt,i = (σ11 − σ22) v1,iv2,i + τ12 (v2
2,i − v2

1,i), (17)

where vi = [v1,i, v2,i]
T is the unit vector along the i-th edge in the counterclockwise direction.

ni = [v2,i,−v1,i]
T , tn,i ≡ tn,i ni, tt,i ≡ tt,i vi. (18)

Due to the constant stress field, the resulting normal forces and tangential forces
simplify to

Sn,i =
∫ li

0
σn,i h ds =

∫ li

0
tn,i ds = σn,i h li, (19)

St,i =
∫ li

0
σt,i h ds =

∫ li

0
tt,i ds = σt,i h li, (20)

where li is the corresponding edge length. It is required that the internal forces of the panel
are in equilibrium:

4

∑
i=1

F1,i = 0, (21)

4

∑
i=1

F2,i = 0, (22)

4

∑
i=1

M3,i =
4

∑
i=1

(ri × Sn,i)3 +
4

∑
i=1

(ri × St,i)3 = 0, (23)

where ri denotes the vector from the centre of the panel to the edges. Assuming a constant
stress state, force equilibrium is satisfied identically. Moreover, the tangential tractions
cancel out pairwise, i.e., ∑4

i=1(ri × St,i)3 = 0, such that moment equilibrium reduces to

4

∑
i=1

(ri × Sn,i)3 = 0. (24)

This yields a condition of the form

h (c1σ11 + c2σ22 + c3τ12) = 0. (25)

with

c1 =
4

∑
i=1

v2
2,ili(ri × ni)3,

c2 =
4

∑
i=1

v2
1,ili(ri × ni)3,

c3 =
4

∑
i=1

−2v1,iv2,ili(ri × ni)3.

(26)
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For the parallelogram geometry defined in Figure 2b, these coefficients reduce to

c1 = −ab cos α sin α, (27)

c2 = ab tan α
(

1 − sin2 α
)

, (28)

c3 = 2ab sin2 α. (29)

From the requirement that the stiffeners are rigid, and because the strain in the stiffener
direction must therefore be zero, in combination with the assumption of a plane stress state,
an additional equation is obtained:

ε11 =
1
E
(
σ11 − νσ22

)
= 0 =⇒ σ11 − νσ22 = 0. (30)

It should be noted here that both stringer directions can be used, but the x1-direction
is chosen to avoid transformations. Solving Equations (25)–(30) results in

σ11 = −2ν tan α

1 − ν
τ12,

σ22 = −2 tan α

1 − ν
τ12.

(31)

It is evident that the derived stress state in the parallelogram differs significantly
from the stress state described in the literature [15,16,20–22]. For one, the constrained
transverse contraction is reflected in the stress state, and, additionally, the normal stress in
the y-direction is not equal to zero. It can be shown that the stress state of a parallelogram
shear panel for α = 0 is equal to the stress field of the rectangular panel, as both σ11 and σ22

become zero.

2.3. Derivation of the Stiffness Matrix

The shear panel considered in the following, illustrated in Figure 3, is a plane, thin-
walled structure of parallelogram shape with uniform thickness h and linear-elastic isotropic
material behaviour.

α

St,1

Sn,1

Sn,2

Sn,3

Sn,4

St,4

St,3

St,2

1 2

34

σ22

σ22

τ12

τ12

τ
σ11

σ11 b

a
x1

x2

Figure 3. Definition of parallelogram-shaped shear panel for FEM derivation. 1 to 4 indicate the
node numbering.

The four nodes of the panel, numbered counterclockwise from node 1 to node 4 ,
form a flat reference plane. The dimensions a and b represent the length and width
of the panel; α describes the angle of the parallelogram. The x1-axis of the Cartesian
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coordinate system is oriented along the line connecting node 1 and node 2 . The x2-axis
is oriented perpendicular to the x1-axis. The derivation adopts a stress-based finite element
formulation, as described in Section 2.1. With the derived stress field from Equation (31),
the stress relations Equation (5) can therefore be assumed:

σ = Pβ =

 − 2ν tan α
1−ν

− 2 tan α
1−ν

1

τ. (32)

As a plane stress state is assumed, the stress–strain relation matrix D is given by

D =

 1
E − ν

E 0
− ν

E
1
E 0

0 0 1
G

. (33)

The natural flexibility matrix H therefore results in

H =
∫

V
PTDPdV = abhPTDP, H ∈ R1×1. (34)

As forces are only applied to the edges of the panel as the surface tractions by the
surrounding stiffeners, Equation (4) for external complementary virtual work simplifies to

δW⋆
e =

∫
S

δtT
s us dΩ (35)

and should be expressed in the form of∫
Ω

δtT
s us dΩ = TT

s un. (36)

This can be achieved by equally distributing the acting shear and normal traction
forces (St,i, Sn,i) along the edges to the adjacent nodes. The corresponding surface tractions
on the edges can be derived from Equations (16), (17) and (32):

ts,i = h

[
σn,i

σt,i

]
= h

[
v2

2,i v2
1,i −2v1,iv2,i

v1,iv2,i −v1,iv2,i v2
2,i − v2

1,i

]
−2ν tan α

1 − ν

−2 tan α

1 − ν
1


︸ ︷︷ ︸

Ls,i

τ. (37)

The complete matrix of edge operators is then assembled as follows:

Ls =


Ls,1

Ls,2

Ls,3

Ls,4

, Ls,i ∈ R2×1 (i = 1, . . . , 4) ⇒ Ls ∈ R8×1. (38)

The boundary shape function Ns transforms the edge tractions into the panel coordi-
nate system and distributes them to the adjacent nodes:

Ns =
1
2

diag
(
T1, T2, T3, T4

)
N, (39)
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where

Ti =

[
v2,i v1,i

−v1,i v2,i

]
, i = 1, . . . , 4,

and

N =



1 0 1 0 0 0 0 0
0 1 0 1 0 0 0 0
0 0 1 0 1 0 0 0
0 0 0 1 0 1 0 0
0 0 0 0 1 0 1 0
0 0 0 0 0 1 0 1
1 0 0 0 0 0 1 0
0 1 0 0 0 0 0 1


.

As the stress field is constant, Equation (12) simplifies to

Ts =
∫

Ω
LT

s Ns dΩ = h



a
a

b cos α

b cos α

a
a

b cos α

b cos α


LT

s Ns, (40)

and the local element stiffness follows with T = Ts as

ke = TsH−1TT
s . (41)

2.4. Improved Smeared Stiffness Approach—Derivation

The SPT is based on the assumption that the in-plane normal stiffness of the panel can
be neglected. However, this assumption is not always valid—particularly for unstiffened
structures, where the contribution of the panel’s normal stiffness becomes significant. In
the state-of-the-art smearing approach (SOTA smearing), to enable the analysis of such
structures within the SPT, the normal stiffness of the panel is represented by introducing
virtual stiffeners along the panel edges [15–17]. These virtual stiffeners are designed
such that the overall normal stiffness of the structure remains unchanged. However,
when representing the in-plane normal stiffness of a panel by virtual edge stiffeners, the
associated Steiner contributions lead to a systematic overestimation of bending stiffness for
coarse discretisations. To illustrate this issue, consider an unstiffened rectangular section
with height b and thickness h. The analytical expressions for its area Aana and second
moment of area Iana are given by

Aana = hb, (42)

Iana =
b3h
12

. (43)

If the same section is modelled using two virtual stiffeners placed along the edges of
the shear panel, the resulting expressions are

ASPT = hb, (44)

ISPT =
b3h
4

. (45)
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It can be observed that the second moment of area is overestimated due to the Steiner
contributions associated with the virtual stiffeners. This overestimation necessitates a
discretisation of the panel into multiple elements, as illustrated in Figure 4.

b

h

A=hb

ξ=0.2886

ξ=0.7114

ξ

A/2 A/4 A/6 A/8 A/10 A/12 A/2

x1

x2

x3

Figure 4. Discretisation of a single web with SOTA smearing and the improved smearing approach (right).
Dotted lines indicate the relative distance to the center of the stiffeners.

Figure 5 shows the ratio between the analytical and the modelled second moments of
area for varying numbers of discretised elements using the SOTA smearing approach. As
the number of elements increases, the ratio converges toward unity. To achieve an error
below 5%, at least six elements are required. However, this improved accuracy comes at
the cost of increased computational effort. Furthermore, there is a risk that discretisation
will result in the formation of a kinematic chain.

1 3 5 7 9 11 13 15

Number of Shear panel elements

1.00

1.25

1.50

1.75

2.00

2.25

2.50

2.75

3.00

I S
PT I a
na

[
]

Figure 5. Ratio between the analytically computed in-plane second moments of area and those
obtained using the SOTA smearing approach for a single-web structure, parametrised by the number
of elements used in the discretisation.
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To accurately represent the second moment of area even with a single shear panel
element, the optimal position of the virtual stiffeners is derived analytically in the following.
The area and second moment of area of the actual panel are given by Equations (42) and (43).
In the SPT model, these quantities are determined by the Steiner contributions of the virtual
stiffeners, expressed as

Astiff =
hb
2

, (46)

ISPT = 2Astiff z2, (47)

where z denotes the distance of each virtual stiffener from the panel’s centreline. By
equating the analytical and SPT expressions for both the area and the second moment of
area, the ideal position zopt of the virtual stiffeners can be obtained as

b3h
12

= 2Astiff z2
opt, (48)

zopt =
b√
12

= 0.2887 b. (49)

Although the example is one-dimensional, the underlying mechanism directly trans-
fers to two-dimensional shear panel representations, where the panel normal stiffness is
similarly concentrated along the edges.

2.5. Improved Smeared Stiffness Approach—Implementation

In this section, the implementation of the virtual stringers with an optimised position
is described for a parallelogram shear panel with the thickness h. The four corner nodes of
the panel are defined as outer nodes ( 1 – 4 ), whereas two additional inner nodes ( 5 – 12 )
are defined along each edge with respect to the calculated distance for stringer placement

ξ =
li−2zopt

2li
. The four stringers are then defined to connect the inner nodes, as seen in

Figure 6.

x2

A1 A2

A3A4

a

bα

zb

zaza

zb

x1
1 2

34

5 6

7

8

910

11

12

Figure 6. Definition of outer (black) and inner nodes (grey) and optimal positioning za and zb of
virtual stiffeners inside a parallelogram-shaped shear panel. Colored regions A1–A4 indicate the area
of the adjacent fields.
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The cross-sectional area of the virtual stringers is calculated by dividing the volume of
the adjacent fields through the length of the stringers:

A5,10 = h
A1 + A4

l5,10

A6,9 = h
A2 + A3

l6,9

A7,12 = h
A1 + A2

l7,12

A5,11 = h
A3 + A4

l8,11
.

(50)

The inner nodes are kinematically coupled to the adjacent nodes of each edge (see
Figure 7) with the following relationship:

u5,1 = (1 − ξ)u1,1 + ξu2,1

u5,2 = (1 − ξ)u1,2 + ξu2,2

u6,1 = ξu1,1 + (1 − ξ)u2,1

u6,2 = ξu1,2 + (1 − ξ)u2,2

u7,1 = (1 − ξ)u2,1 + ξu3,1

u7,2 = (1 − ξ)u2,2 + ξu3,2

u8,1 = ξu2,1 + (1 − ξ)u3,1

u8,2 = ξu2,2 + (1 − ξ)u3,2

u9,1 = (1 − ξ)u3,1 + ξu4,1

u9,2 = (1 − ξ)u3,2 + ξu4,2

u10,1 = ξu3,1 + (1 − ξ)u4,1

u10,2 = ξu3,2 + (1 − ξ)u4,2

u11,1 = (1 − ξ)u4,1 + ξu1,1

u11,2 = (1 − ξ)u4,2 + ξu1,2

u12,1 = ξu4,1 + (1 − ξ)u1,1

u12,2 = ξu4,2 + (1 − ξ)u1,2

(51)

A static reduction is applied to the element stiffness matrix of each stringer to condense
the system to the outer master nodes following the procedure described in [27,28]. The
reduction is exemplarily shown for stringer 5 – 10 , given by

kglob,5,10 = TT
5,10kTruss,5,10T5,10 (52)

with transformation matrix

T5,10 =


I8×8

(1 − ξ) 0 ξ 0 0 0 0 0
0 (1 − ξ) 0 ξ 0 0 0 0
0 0 0 0 ξ 0 (1 − ξ) 0
0 0 0 0 0 ξ 0 (1 − ξ)

, T5,10 ∈ R12×8. (53)
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The stiffness matrix k of a the panel results in the sum of the stiffness matrices of the
shear panel and the virtual stringers:

k = kSPT +
i

∑ ki i ∈ [1, 4] (54)

The described kinematic coupling and static reduction ensure that the introduced
virtual stiffeners contribute to the intended normal stiffness without overestimating in-
plane bending stiffness while preserving the global degrees of freedom of the shear
panel element.

ui,1

ui+1,1

ui+1,2

ui,2

uξ,1

ξ

uξ,2

ξ
~

ξ

Figure 7. Kinematic coupling of an inner node to the adjacent outer nodes.

3. Results
In this section, the Improved Shear Panel Theory (iSPT) for parallelogram-shaped pan-

els is validated against a detailed FEM reference model and the state-of-the-art formulation
(SPT-SOTA). The validation is first performed at element level using a single-panel bench-
mark. Subsequently, the improved stiffness smearing approach for panel normal stiffness
is assessed on an unswept wing structure to isolate its influence on the global stiffness
response. Finally, the shear panel formulation is evaluated for swept wing configurations
to investigate its ability to reproduce bending–torsion coupling effects.

3.1. Single-Panel Validation of the Parallelogram Shear Panel Formulation

This benchmark is used to validate the iSPT formulation at the element level. Specif-
ically, it assesses whether the derived stress state and stiffness response of a single
parallelogram-shaped panel are consistent with a detailed FEM reference model when the
surrounding stiffeners approach rigid behaviour. Baess and Schroeder [24] performed FEM
parameter studies to investigate the stiffness behaviour and stress field of a parallelogram
shear panel, as shown in Figure 8, and compared the results to the analytical solution of
Garvey [20].

The shear panel formulation is considered valid if both the stiffness behaviour and the
stress state are consistent with the FEM reference model. The relative difference in stiffness
is calculated as follows:

kdi f f =
kSPT − kFEM

kFEM
. (55)

Figure 9 shows the relative difference in shear stiffness between the FEM refer-
ence model and the SPT-SOTA formulation (a) as well as the iSPT formulation (b).
Baess and Schroeder [24] described a strong dependency of the second moment of area
of the stiffeners on the stiffness and argued that adjacent panels would act as an infinite
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second moment of area, as observed in Wagner panels [29,30]. In contrast to the SPT-SOTA
formulation, the difference in the stiffness kdi f f of the iSPT formulation converges to zero
for increasing second moments of area. In addition, the reported stress components by
Baess and Schroeder [24] for a large second moment of area match the stress ratios derived
in Equation (31). The agreement observed for large second moments of area confirms
that the iSPT reproduces both the correct stiffness behaviour and the derived stress state,
thereby validating the underlying stress field assumptions introduced in Section 2.2.

G h

a

b α

x2

x1

F

Figure 8. Parameter study of the parallelogram panel, taken from [24].
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Figure 9. Comparison of the stiffness difference between analytical and reference solutions. Influence
of angle and second moment of area on the stiffness difference of the (a) SPT-SOTA formulation [24]
and (b) iSPT formulation. In the models, panel dimensions a = 100 mm and b = 100 mm and a
thickness h = 1 mm and stiffener cross-sectional area of A = 108 mm2 are used. An isotropic material
with E = 210,000 MPa and ν = 0.3 is assumed.

3.2. Validation of Smearing Approach on Wingbox

The improved smearing approach is validated through the structural analysis of a
steel wingbox benchmark based on [10,11], shown in Figure 10. This benchmark isolates
the influence of the smearing approach on the global structural response. The structure
is made of steel with a Young’s modulus of E = 210,000 MPa, Poisson’s ratio of ν = 0.3
and density of ρ = 7.85 × 10−9 t/mm3. The skin thickness is hskin = 1 mm and the ten ribs
have a thickness of hrib = 0.5 mm. In addition, longitudinal stringers with parametrised
cross-sectional area A are placed at the four corners of the box. Four models of the wingbox
are investigated:

(i) A detailed FEM model serving as reference (FEM);
(ii) A coarse FEM model (FEM coarse);
(iii) An SPT model using the state-of-the-art smearing approach (SPT + SOTA smearing);
(iv) An SPT model using the improved smearing approach (SPT + improved smearing).
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x

z

Figure 10. Model description of unswept wingbox based on [10,11].

The reference model is implemented in Abaqus (Abaqus/CAE 2024) using S4 shell
elements and T3D2 truss elements. The mesh is generated with a global element size of
2.5 mm and ten elements along each edge in the z-direction to ensure mesh convergence.
The coarse FEM model uses one element for each of the edges, which feature a reduced
number of degrees of freedom to decrease computational cost. The shear panel models
are represented by structural discretisation using the respective shear panel element and
smearing approach for the skin and ribs. Moreover, a standard two-node truss element
formulation is used to model the stringers and circumferential frames derived from the
ribs and adjacent skin, by applying the smearing approach. Table 1 summarises the mesh
parameters, the resulting number of elements and nodes and the total degrees of freedom
of the respective models.

Table 1. Definition of the investigated models and their mesh parameters.

Model
Approx. Global

Element Size
[mm]

Number of
Elements in
z-Direction

Number of
Elements

Number of
Nodes

Degrees of
Freedom

FEM 2.5 10 22,960 21,658 64,974
FEM coarse 70 1 82 40 240
SPT + SOTA smearing – – 122 40 120
SPT + improved smearing – – 82 40 120

The translational degrees of freedom of all four corner nodes of the root section are
constrained in all three models. Four load cases are applied to the models: two bending,
one torsion and one modal. For the linear static bending load cases, a resulting tip load of
Q = 1 N is applied at the four corner nodes in the x-direction respective in the z-direction.
The average deflection and rotation of each cross-section are defined as

ux =
1
4

4

∑
i=1

ux,i,

uz =
1
4

4

∑
i=1

uz,i,

ϕz =
1
4

4

∑
i=1

ϕz,i.

(56)

The rotation ϕx,i at corner node i is calculated using the change in orientation between
the unloaded configuration (0) and the loaded configuration (1). Let ri,0 and ri,1 denote the
2D vectors (in the x–z plane) from the cross-section centre to corner node i in the unloaded
and loaded states, respectively. The signed angle between these two vectors is then

ϕx,i = atan2(−(rx,i,0rz,i,1 − rz,i,0rx,i,1), rx,i,0rx,i,1 + rz,i,0rz,i,1). (57)

https://doi.org/10.3390/aerospace13040301

https://doi.org/10.3390/aerospace13040301


Aerospace 2026, 13, 301 16 of 27

The bending stiffness is then given by

kb,x = Qz/uz,

kb,z = Qx/ux.
(58)

For the torsion load case, a torsional moment of Ty = 1 Nmm is applied at the tip. This
is done by applying concentrated forces. These forces are applied in the positive z-direction
to the front spar corner nodes and in the negative z-direction to the rear spar corner nodes.
The torsional stiffness is then defined as follows:

kt = Ty/ϕy. (59)

In addition, the first five eigenfrequencies are computed for all models in order to
assess the accuracy of the improved smearing approach and the chosen mass matrix. To
access the quality of the modal shapes, the modal assurance criterion (MAC) [31] is used:

MACi =

∣∣ϕT
i ϕFEM

∣∣2(
ϕT

i ϕi
)(

ϕT
FEMϕFEM

) , (60)

where ϕi is the modal vector of the investigated model and ϕFEM is the corresponding
modal vector of the FEM reference model.

Figure 11a,b present the bending stiffness kb,x about the x-axis and the bending stiff-
ness ratio ki/kFEM for varying stringer cross-sectional areas, respectively. As the Steiner
contributions of the web may be considered small, both smearing approaches show good
agreement with the FEM reference model across the full range of stringer sizes. However,
the improved smearing method shows a smaller error than the SOTA smearing approach.
The coarse FEM model yields results comparable to those of the SPT model with im-
proved smearing but slightly overestimates the stiffness and shows a slower convergence
toward unity.
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Figure 11. Out-of-plane bending stiffness (a) of the FEM models and the SPT models with improved
and SOTA smearing approaches as well as the bending stiffness ratios (b) for varying sizes of stringer
cross-sectional areas.

Figure 12a,b present the bending stiffness kb,z about the z-axis and the bending
stiffness ratio ki/kFEM for varying stringer cross-sectional areas, respectively. In contrast
to the bending stiffness around the x-axis, the SOTA smearing approach shows significant
deviation in bending stiffness, overestimating the stiffness for the unstiffened case by a
factor of 2.6 and converging only for large stiffeners. The improved smearing approach
shows strong agreement with the FEM reference model across the full range of stringer
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sizes, indicating that the method captures the stiffness contribution of both small and
large stiffeners effectively. This behaviour directly reflects the overestimation of in-plane
bending stiffness inherent to the SOTA smearing approach, which is explicitly avoided
in the improved smearing approach. The coarse FEM model yields similar results to the
SPT with improved smearing.

Figure 13a,b show the torsional stiffness kt and the torsional stiffness ratio ki/kFEM

as a function of the stringers cross-sectional area. Both SPT modelling approaches predict
nearly identical torsional behaviour compared to the FEM reference, including the effect of
warping restriction, indicating that the torsional response of the structure is less sensitive to
the specific smearing formulation. This can be explained by the fact that torsional rigidity
is primarily governed by the shear flow of the closed section rather than the axial stiffness
contribution of the individual stringers. The coarse FEM model, however, deviates by
approximately 8% from the reference solution.

0 20 40 60 80 100

Area [mm²]

200

400

600

800

1000

1200

1400

1600

Be
nd

in
g 

st
iff

ne
ss

 [N
/m

m
]

SPT + improved smearing
SPT + SOTA smearing
FEM coarse
FEM

0 20 40 60 80 100

Area [mm²]

1.0

1.2

1.4

1.6

1.8

2.0

2.2

2.4

2.6

Be
nd

in
g 

st
iff

ne
ss

 ra
tio

 [-
]

SPT + improved smearing
SPT + SOTA smearing
FEM coarse

(a) (b)

Figure 12. In-plane bending stiffness (a) of the FEM models and the SPT models with the improved
and SOTA smearing approaches as well as the bending stiffness ratios (b) for varying sizes of stringer
cross-sectional areas.
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Figure 13. Torsional stiffness (a) of the FEM models and the SPT models with the improved and
SOTA smearing approaches as well as the bending stiffness ratios (b) for varying sizes of stringer
cross-sectional areas.

For modal analyses of SPT-based structures, an appropriate mass matrix formulation is
required. In the present work, both a consistent and a lumped mass matrix are employed for
the SPT elements in order to assess their influence on the dynamic response. The consistent
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mass matrix follows the standard finite element formulation for shell elements [25]. The
lumped mass matrix is constructed by row-sum lumping of the consistent mass matrix

Mlumped
e,ii = ∑

j
Mconsistent

e,ij , (61)

resulting in a diagonal element mass matrix. To assess the accuracy of the improved
smearing approach in combination with the mass matrix formulation, the first five eigenfre-
quencies and corresponding eigenmodes are computed for all models. Two representative
configurations with stringer cross-sectional areas of A = 0 mm2 and A = 100 mm2 are
considered and compared to the FEM reference model in Figure 14.
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Figure 14. Eigenfrequencies and eigenmodes of the unswept wing models with stiffeners with a
cross-sectional area of (a) A = 0 mm2 and (b) A = 100 mm2, comparing the smearing approach and
mass matrix formulation to the FEM reference. IP-Bending (in-plane) describes the bending mode
around the z-axis, while OP-Bending (out-of-plane) describes the bending mode around the x-axis.

Figure 14a presents the calculated eigenfrequencies for the unstiffened wingbox con-
figuration. The improved smearing approach combined with a consistent mass matrix
accurately reproduces the first four eigenmodes. A larger deviation of approximately 15% is
observed for the third out-of-plane bending mode, which can be attributed to the increased
complexity of the mode shape relative to the limited number of degrees of freedom of
the reduced-order model. Using the SOTA smearing approach yields comparable results
for most eigenmodes, except for the in-plane bending mode, where the eigenfrequency is
significantly overestimated. This behaviour is consistent with the stiffness overestimation
observed in the static bending results discussed in Section 3.2. The use of a lumped mass
matrix slightly reduces the bending eigenfrequencies but leads to a significant underesti-
mation of the torsional eigenfrequency. This effect is caused by the increased rotational
mass moment of inertia resulting from the concentration of mass at the corner nodes. The
coarse FEM model yields a similar level of accuracy to the SPT model using the improved
smearing approach and a consistent mass matrix.

Figure 14b shows the eigenfrequencies for the stiffened wingbox configuration. As
in the previous case, combining the improved smearing approach with a consistent mass
matrix accurately reproduces the first four eigenmodes. Compared to the unstiffened
configuration, the deviation in the third out-of-plane bending mode is reduced but still
significant, consistent with the static bending results discussed in Section 3.2. The lumped
mass matrix still leads to a slight reduction in the predicted eigenfrequencies, but its
impact is less pronounced than in the unstiffened case. The coarse FEM model again yields
results comparable to those of the SPT model with improved smearing and a consistent
mass matrix.

The MAC analysis indicates an excellent correlation between the eigenmodes of the
reduced models and the FEM reference model. All MAC values exceed 0.987, confirming
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that the modal shapes are accurately reproduced. The lowest correlation is observed for the
third out-of-plane bending mode, which can be attributed to the limited number of degrees
of freedom in the reduced models.

In summary, the improved smearing approach provides more accurate eigenfrequency
predictions than the SOTA smearing approach for both unstiffened and stiffened wingbox
configurations. The coarse FEM model yields a similar level of accuracy to the SPT model
using the improved smearing approach and a consistent mass matrix. The consistent mass
matrix is particularly beneficial for unstiffened structures, while its influence diminishes as
the contribution of stiffeners to the overall mass and stiffness increases.

Having demonstrated the accuracy of the improved smearing approach for unswept
configurations, the following section evaluates the iSPT formulation on swept wing struc-
tures, where bending–torsion coupling becomes critical.

3.3. Validation of Proposed Parallelogram-Shaped Shear Panel Formulation on Wingbox

The Improved Shear Panel Theory (iSPT) for parallelogram-shaped panels is validated
on the structural level using a swept wingbox geometry based on [10], shown in Figure 15.
The swept wingbox benchmark is specifically chosen to assess whether the proposed formu-
lation can reproduce the bending–torsion coupling effects that are known to occur in swept
wing structures but are absent in state-of-the-art shear panel formulations (SPT-SOTA) [6].

70mm

630mm

x

y
α

70mm

y~

Figure 15. Model description of the swept wingbox based on [10,11].

The structural response calculated by the iSPT is compared against the SPT-SOTA,
coarse FEM and a detailed FEM reference models. The shear panel models employ the
improved smearing approach in combination with the respective SPT element formulation,
whereas the FEM models follow the setup described in Section 3.2, with the sweep angle
introduced as an additional parameter. In addition, the dynamic behaviour of the models
is assessed through modal analysis, including a comparison of natural frequencies and
modal assurance criterion (MAC) values. In contrast to the unswept wing benchmark,
only two static load cases are considered for the swept wingbox: bending about the global
x-axis and torsion about the y-axis. All evaluations are performed in the global coordinate
system. Further details regarding model setup, load definition and evaluation procedures
are provided in Section 3.2.

Figures 16–18 present the bending stiffness kb,x and torsional stiffness kt as functions
of sweep angle α for different stringer cross-sectional areas A. For the unstiffened wingbox
configuration, shown in Figures 16a,b, both shear panel formulations accurately capture the
bending stiffness across the full range of sweep angles, including the reduction in bending
stiffness with increasing sweep. For torsion, the SPT-SOTA model shows slightly better
agreement with the FEM reference solution, particularly at large sweep angles. However,
it should be noted that the wing structure is not an SPT structure due to the absence of
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stiffeners, and therefore the panel can contract freely without introducing additional stress
components. The coarse FEM model qualitatively follows the reference model for both
bending and torsional stiffness but exhibits the largest deviation among the investigated
models for sweep angles below 30◦.
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Figure 16. Bending stiffness about x-axis (a) and torsional stiffness about y-axis (b) of iSPT, SPT-
SOTA, FEM coarse and FEM reference models for a cross-sectional area of A = 0 mm2 and varying
sweep angle.

Figures 17a,b show the corresponding results for the stiffened configuration with
A = 100 mm2. The iSPT model reproduces the bending stiffness over the whole range of
sweep angles with a maximum deviation below 1.5%, while the SPT-SOTA model shows a
slightly larger deviation of approximately 4%. In contrast, the torsional stiffness calculated
by the SPT-SOTA model deviates significantly from both the FEM reference and the iSPT
as it decreases with increasing sweep angle instead of increasing. The coarse FEM model
shows good agreement in bending, with a maximum deviation of less than 2%; however, it
exhibits a larger deviation of around 8% in torsional stiffness.
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Figure 17. Bending stiffness about x-axis (a) and torsional stiffness about y-axis (b) of iSPT, SPT-SOTA,
FEM coarse and FEM reference models for a cross-sectional area of A = 100 mm2 and varying
sweep angle.

For very large stringer cross-sectional areas of A = 1000 mm2, shown in Figure 18a,b,
the bending stiffness becomes largely insensitive to the sweep angle. The maximum devia-
tion of the iSPT model remains below 1%, while the SPT-SOTA model shows deviations
slightly above 1%. More importantly, the iSPT closely reproduces the torsional stiffness of
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the FEM reference, including its increase with sweep angle, whereas the SPT-SOTA model
again exhibits a significant decrease in torsional stiffness. As in the previous cases, the
coarse FEM model qualitatively follows the reference solution in both bending and torsion
but shows larger deviations in torsional stiffness.
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Figure 18. Bending stiffness about x-axis (a) and torsional stiffness about y-axis (b) of iSPT, SPT-SOTA,
FEM coarse and FEM reference models for a cross-sectional area of A = 1000 mm2 and varying
sweep angle.

To further investigate bending–torsion coupling, several configurations subjected to
bending load at a sweep angle of α = 20◦ are examined in Figures 19–21. The bending
deflection lines calculated by both shear panel models, shown in Figures 19a–21a, are
in close agreement with the FEM reference. Figures 19a–21a show the torsional rotation
induced by bending along the wing span. While the torsional rotation calculated by the
iSPT qualitatively follows the FEM reference with maximum deviations below 15%, the
SPT-SOTA model shows no induced torsion. This directly reflects the missing coupling
between normal and shear deformations inherent to the SPT-SOTA model and confirms the
ability of the iSPT to capture stiffness coupling effects arising from sweep. The coarse FEM
model shows good agreement with the reference solution in both bending deflection and
torsional rotation, with a maximum deviation of approximately 6% in torsional rotation. It
should be emphasised that the torsional rotation of the wing cross-section is not strictly
uniform because the cross-section may deform. Consequently, the evaluated error exhibits
a certain spread depending on the location at which the rotation is measured and on the
specific definition used for its calculation.

The following section examines the dynamic properties of the iSPT, SPT-SOTA, FEM
coarse and FEM reference models. For the SPT formulations, consistent mass matrices are
employed. The dynamic behaviour is assessed by comparing the natural frequencies and
by evaluating the modal assurance criterion (MAC) for both an unstiffened wing and a
stiffened wing.

For the unstiffened case (A = 0, mm2), the iSPT model shows the best agreement
with the FEM reference solution in terms of natural frequencies (see Figure 22a). Only the
frequency of the third out-of-plane bending mode is overestimated. The SPT-SOTA model
exhibits similar behaviour but shows a larger deviation in the first torsional mode. The
coarse FEM model provides comparable results. However, in addition to the deviation in
the third bending mode observed for the iSPT, it also shows a larger discrepancy in the
first in-plane bending mode.
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Figure 19. Deflection in z-direction (a) and torsional rotation about y-axis (b) of the iSPT, SPT-SOTA,
FEM coarse and FEM reference models for tip unit load in the z-direction along the wing span for a
cross-sectional area of the stiffeners A = 0 mm2.
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Figure 20. Deflection in z-direction (a) and torsional rotation about y-axis (b) of the iSPT, SPT-SOTA,
FEM coarse and FEM reference models for tip unit load in the z-direction along the wing span for a
cross-sectional area of the stiffeners A = 100 mm2.
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Figure 21. Deflection in z-direction (a) and torsional rotation about y-axis (b) of the iSPT, SPT-SOTA,
FEM coarse and FEM reference models for tip unit load in the z-direction along the wing span for a
cross-sectional area of the stiffeners A = 1000 mm2.
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Figure 22. Eigenfrequencies and eigenmodes of the 20◦ swept wing models with stiffeners with a
cross-sectional area of (a) A = 0 mm2 and (b) A = 100 mm2, comparing SPT formulations and the
coarse FEM model to the FEM reference. IP-Bending (in-plane) describes the bending mode around
the z-axis, while OP-Bending (out-of-plane) describes the bending mode around the x-axis.

The accuracy of the corresponding eigenmodes is evaluated using the MAC values (see
Figure 23a). All models show high MAC values close to unity for most modes, indicating
a good representation of the modal shapes. Only the third out-of-plane bending mode is
reproduced less accurately, which can be attributed to the coarse structural resolution.
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Figure 23. MAC values of the 20◦ swept wing models with stiffeners with a cross-sectional area
of (a) A = 0 mm2 and (b) A = 100 mm2, comparing SPT formulations and the coarse FEM model
to the FEM reference. IP-Bending (in-plane) describes the bending mode around the z-axis, while
OP-Bending (out-of-plane) describes the bending mode around the x-axis.

For the stiffened case (A = 100, mm2), all reduced-order models show good agreement
with the FEM reference solution in terms of natural frequencies (see Figure 22b). As in the
unstiffened configuration, noticeable differences occur mainly for the third bending mode.
In this case, both the iSPT and FEM coarse models slightly overestimate the corresponding
frequency, while the SPT-SOTA model shows a larger deviation.

The MAC values for the stiffened configuration are shown in Figure 23b. Here, a clear
difference between the models becomes visible. While the iSPT and coarse FEM models
reproduce the modal shapes well, the SPT-SOTA model shows a reduced accuracy for the
first torsional mode and the second out-of-plane bending mode. This behaviour can be
attributed to the absence of bending–torsion coupling in the SPT-SOTA formulation.

Overall, the swept wingbox benchmark demonstrates that the iSPT model consistently
captures bending–torsion coupling effects induced by sweep. While the SPT-SOTA model
performs adequately for unswept configurations, it fails to reproduce these coupling effects
in swept wing structures, in agreement with the observations of Gienke [6]. Across all
investigated configurations, the iSPT closely matches the FEM reference while retaining
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a significantly reduced number of degrees of freedom. The coarse FEM model performs
similarly to the iSPT in terms of bending stiffness prediction and shows superior results
in representing the bending–torsion coupling; however, it is less accurate at predicting
torsional stiffness than the iSPT model.

4. Discussion
The results demonstrate that the proposed improvements to shear panel theory address

the two central limitations of the current state of the art: the overestimation of bending
stiffness and the absence of coupling between normal and shear deformations. As a result,
the proposed formulation provides a clear improvement over classical SPT approaches.

At the element level, the single-panel benchmark confirms that the iSPT reproduces
the correct stiffness behaviour and stress state for parallelogram-shaped panels when the
surrounding stiffeners approach rigid behaviour. In contrast to the SPT-SOTA formulation,
the iSPT converges to the FEM reference solution with increasing stiffener second moment
of area, which supports the validity of the modified stress assumptions. In addition, the
formulation consistently reduces to the classical rectangular shear panel formulation for
α = 0, confirming its consistency with the established theory in the limiting case.

For the unswept wingbox, the improved smearing approach significantly enhances
the prediction of both stiffness and dynamic properties and shows close agreement with
the FEM reference solution. The largest benefit is observed for the in-plane bending
response of the unstiffened configuration, where the SOTA smearing approach strongly
overestimates the bending stiffness. The coarse FEM model performs at a similar level to the
SPT model with improved smearing, although it shows a larger deviation in the torsional
stiffness prediction. In the modal analysis, the improved smearing approach combined
with a consistent mass matrix provides the most accurate eigenfrequency prediction and
reproduces the mode shapes with very high MAC values. The remaining deviations are
mainly limited to the higher out-of-plane bending mode, which can be attributed to the
limited number of degrees of freedom of the reduced-order representation.

For the swept wingbox, the advantages of the Improved Shear Panel Theory become
even more evident. While both shear panel formulations predict bending stiffness rea-
sonably well, only the iSPT is able to reproduce the increase in torsional stiffness with
sweep angle and the bending–torsion coupling observed in the FEM reference model. The
SPT-SOTA formulation fails in these cases because it does not include the coupling between
normal and shear deformation that arises in parallelogram-shaped swept panels. This
deficiency is also visible in the response under bending load, where the SPT-SOTA model
predicts no induced torsional rotation, whereas the iSPT captures the coupled deformation
with good agreement to the FEM reference. The modal analysis of the swept wingbox
further confirms this result. The iSPT yields the closest match in eigenfrequencies and
modal shapes, while the SPT-SOTA model shows reduced accuracy, particularly for modes
influenced by coupling effects. The coarse FEM model also reproduces the sweep effects
qualitatively and, for several stiffness measures, yields errors comparable to those of the
iSPT. In particular, it shows smaller errors for the bending-induced torsional rotation.
However, across all investigated cases, the coarse FEM model is less accurate than the
iSPT model in predicting torsional stiffness. The comparison therefore indicates that both
reduced-order approaches are suitable for preliminary design studies, but that the iSPT
provides a more consistent representation of the coupling mechanisms governing swept
stiffened wing structures.

For the structures considered here, the iSPT and coarse FEM models perform compa-
rably overall. Both require significantly less computational effort than the high-resolution
reference FEM model because of their low number of degrees of freedom and are therefore
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suitable as reduced models for preliminary design applications. However, for more com-
plex geometries, such as curved wing sections, dedicated SPT formulations may provide
substantially better results than a coarse FEM model (see [19]). In this context, the iSPT con-
tributes to establishing a consistent reduced-order theoretical framework for both unswept
and swept stiffened structures.

The sensitivity of the formulation to geometric parameters should also be considered.
The panel aspect ratio mainly influences the representation of higher-order deformation
modes, particularly for unstiffened configurations where bending is dominant. The panel
thickness primarily affects the relative importance of normal stiffness contributions. For
very thin panels, the structural behaviour approaches the classical shear panel assumption
where normal stiffness effects become negligible and the assumed stress field is well
satisfied. With increasing thickness, however, the influence of normal stresses becomes
more pronounced and the accuracy of simplified smearing approaches may decrease.
Finally, the sweep angle directly affects the accuracy of shear panel formulations. As the
angle increases, the coupling between normal and shear stresses becomes stronger, which
may amplify modelling errors when the structural configuration deviates from the ideal
assumptions of shear panel theory.

The iSPT is intended for reduced-order modelling in preliminary design. It assumes
a constant stress field, linear-elastic isotropic material behaviour and small deformations.
Consequently, it does not resolve local stress concentrations, local effects at cut-outs or
junctions or post-buckling behaviour. Nevertheless, the proposed formulation is not
inherently limited to isotropic materials. In principle, the panel constitutive relation could
be extended by introducing an orthotropic in-plane stiffness matrix representing composite
laminates, as proposed in [22]. In such a case, the coupling between shear and normal
stresses would depend on the anisotropic stiffness components of the laminate. However,
the present kinematic assumptions would likely no longer be sufficient, and additional
boundary conditions associated with the second stiffener direction would need to be
considered. A detailed investigation of orthotropic material systems is therefore left for
future work. An extension to general quadrilateral panels is not straightforward. The
present derivation is based on the assumption of a constant stress field, which is compatible
with rectangular and parallelogram-shaped panels. For general quadrilaterals, the stress
state is expected to become significantly more complex and would likely require additional
kinematic assumptions and boundary conditions.

5. Conclusions
A revised shear panel formulation for parallelogram-shaped panels has been devel-

oped that resolves the inconsistency in classical shear panel approaches. By enforcing
compatibility between panels and surrounding stiffeners, the proposed formulation in-
troduces the necessary coupling between normal and shear stresses required to represent
bending–torsion interaction in swept wing structures. In contrast to state-of-the-art for-
mulations, which suppress this coupling and may predict non-physical torsional trends
with increasing sweep angle, the proposed iSPT model consistently reproduces the stiffness
behaviour observed in detailed FEM reference models. The formulation reduces to the clas-
sical rectangular shear panel case for zero sweep angle, ensuring consistency. In addition,
an analytically derived smearing approach for consideration of panel normal stiffness has
been introduced that eliminates the overestimation of in-plane bending stiffness caused
by conventional virtual stiffener placement. This improved smearing approach therefore
maintains the computational efficiency required for reduced-order modelling. The pro-
posed iSPT therefore extends the applicability of shear panel theory from unswept to swept
stiffened wing structures while retaining the computational efficiency required for use in
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hierarchical and aeroelastic preliminary design frameworks. Future work may focus on
extending the formulation to additional panel geometries relevant to aircraft structures,
such as trapezoidal panels arising in tapered wing configurations. Furthermore, experi-
mental validation of reduced-order shear panel models through static and modal testing
of representative wingbox structures could provide additional insight into the practical
applicability of the proposed approach and the SPT in general.
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