
Range Extender with a combustion engine and a generator of-
fer a high energy density to electrify vehicles. To be competitive,
Range Extender need to be cost effective, compact and very
reliable, thus the switched reluctance generator is one potential
solution. To assess the switched reluctance generator technol-
ogy, two speed scenarios are considered and analyzed in this
work. A new design approach is introduced to compare a vast
number of potential machine configurations in a very short time.
The machine performance is then analyzed with the help of sim-
ulation results and prototype measurements. From the analysis,
a recommendation on the most suitable machine configuration
is derived. Finally, the influence of the control parameter and
power variation on the machine efficiency and the acoustic be-
havior is analyzed. The work offers guidance in the choice of an
appropriate switched reluctance generator configuration as well
as its operational speed for Range Extender applications.
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1 Introduction

Road transportation is responsible for about 19 % of the German CO2 emissions in 2017,
with approximately 170 Mio. t [Umw18]. Beginning of 2018, about 99 % of the 46 million
passenger cars in Germany run on fossil fuel, such as gasoline or diesel [Kra18]. These cars
emit greenhouse and additional toxic gases, such as NOx. Electrification of the transporta-
tion sector, in particular passenger cars, is a viable solution for de-carbonization and the
reduction of local emissions. However, the energy density of current battery technology as
well as the cost, make it not always desirable to cover the total required energy with a bat-
tery storage system. To electrify the fleet of passenger cars, one possible solution are range
extender (REX). Present day range extender (REX) comprise a small internal combustion
engine (ICE) combined with an electrical generator. The REX technology makes use of the
high power density of fossil or synthetic fuel and converts it into electrical energy. Especially
for continuous long trips or when the distance between charging stations is large, REX offer
a compact solution compared to large battery packs or fuel cells. REX offer some significant
advantages over more complex hybrid drive trains. If the REX is activated before complete
battery depletion, only the average vehicle power needs to be installed. As no direct connec-
tion to the tires exists, the REX can run at energy efficient operation points and, therefore,
achieve a higher system efficiency compared to a traction drive. As the energy density of
fossil fuel is by a magnitude higher than current battery storage systems, with a comparable
small fuel tank a large range extension can be achieved. Finally, refilling can be done within
a few minutes at widely available infrastructure.
To be competitive REX need to be cost effective, compact and very reliable as in an

optimal use case they are rarely activated. These targets, combined with the fact that
the system shall mainly run at nominal power, lead to the switched reluctance generator
(SRG)(i) as one potential electric generator candidate. Within this thesis, possible SRG
solutions regarding machine design and control for REX applications are discussed.
To assess the potential of SRG technology for REX, two drive configurations, a low- and

a high-speed scenario, with an input power Pm,sh of 20 kW are considered and analyzed. To
select a suitable machine design, a solution space based pre-design (SSBPD) approach is
introduced in this thesis. In contrast to existing design tools, which focus on the optimization
of a certain design or configuration, this approach enables the comparison of a vast number
of potential machine configurations in a very short time without analytical tuning factors
or expert knowledge. This comprises a variation of the number of phases Nph and pole pairs
np as well as the stator outer diameter Dst and, consequently, the machine stack length Lstk.
Three machine designs are derived for a more detailed analysis of the machine performance,
concerning efficiency, power density, acoustic behavior as well as material cost and torque
profile. This analysis is not based only on finite element analysis (FEA) simulation results,

(i)As this thesis is dealing with a generator in particular, for the sake of readability only the term SRG will
be used, including the general switched reluctance machine
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1 Introduction

but also on full-scale prototype measurements of the chosen machines. From the analysis
at nominal operation point, a recommendation on the most suitable machine configuration
for REX is derived. Finally, the influence of the control parameter and power variation on
the machine efficiency and the acoustic behavior is analyzed, even if REX should mainly be
operated at nominal operation point. From the analysis of the partial load operation points,
a recommendation for the power variation in terms of efficiency is derived. In addition,
implications of the chosen machine configurations on power electronics and system design
are presented. All together, the thesis offers guidance in the choice of an appropriate SRG
configuration as well as its operational speed for REX applications. Therefore, the thesis is
subdivided in the following chapters:
Chapter 2 - Fundamentals
The first part gives a short introduction to the REX application as well as an overview on

existing products and prototypes. Requirements of the REX are combined with a brief dis-
cussion of potential electric generator solutions and the specifications of the two mentioned
drive configurations. The second part covers essential fundamentals of SRG, including con-
trol and power electronic basics as well as employed system models.
Chapter 3 - Solution Space Based Pre-Design
Firstly, the fundamental idea of the SSBPD approach is introduced and compared to ex-

isting design approaches. Secondly, the design rules and the setup of the underlying solution
database with the help of FEA based machine characteristics are presented together with a
discussion of the obtained results. As the solution database comprises strongly differing ma-
chine configurations, a fast approach to compare application dependent thermal, electrical
and mechanical aspects based only on available geometric parameters and comprehensible
boundaries, such as the maximal coil temperature ϑcoil,max, is presented. This approach is
compared to design results obtained with literature recommendations. Finally, prototype
machine designs for the two drive configurations are assessed and selected.
Chapter 4 - Generator Design and Discussion
The machine designs for the low- and high-speed scenario are discussed and compared

in detail based on simulations and measurements. In addition, a comparison between two-
and three-phase SRGs is performed. The detailed evaluation of all relevant losses includes
ac copper losses, iron core losses and mechanical losses. Based on the derived machine
efficiency, a thermal analysis of the different solutions and an evaluation of the achievable
power density is conducted. Besides, the acoustic behavior, the material cost and the torque
profile of the various solutions are analyzed. The chapter concludes with a recommendation
of machine configurations for REX.
Chapter 5 - Control and Power Variation
The potential of a converter freewheeling period on the system efficiency, including the

source losses, is investigated. In addition, the influence on the eddy-current copper losses
Pl,cu,eddy is analyzed and a fast empirical prediction method is derived from the performed
FEAs. The chapter includes a discussion of acoustic behavior at variable speed operation
and in combination with an ICE. Finally, the additional findings are aligned with the results
from chapter 4, to give an overall recommendation on SRG configurations for REX.
Chapter 6 - Summary and Conclusion
Chapter 6 summarizes the thesis, presents the main findings and gives an outlook on

possible future work.
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2 Fundamentals

This chapter introduces the basics of a REX application, including an overview of existing
products and prototypes in section 2.1. From this discussion, two drive configurations are
derived in section 2.1.2 to assess the potential of the SRG technology. The second part in
section 2.2 introduces relevant SRG fundamentals. This includes a discussion of SRG losses
as well as prototype solutions found in literature. Finally, the system models employed for
further analysis in chapter 4 and 5 are introduced in section 2.3.

2.1 Range Extender System
Different configurations of hybrid drive trains exist for long time [Ema+05; Hof14]. In the
world of hybrid electric vehicles (HEVs), vehicles with a REX can be categorized as serial
HEV. A serial HEV as shown in fig. 2.1 combines a full electric drive-train, consisting of
a battery, one or more inverters and electric traction machines, with an alternative power
source. This alternative power source has no mechanical connection to the propulsion sys-
tem. The alternative power source is only meant to recharge the battery during operation,
when a wider operation range is required [AK11]. In the scope of this thesis, the alternative
power source is based on an ICE combined with a generator and a power electronic inverter.

Fig. 2.1: Exemplary drive-train of an HEV with REX (taken from [Ind+16]).

The design of a REX can be simplified as it is only installed as a backup system for
the primary battery. Therefore, the REX only needs to cover the continuous power of the
HEV instead of the peak power [GN11]. This allows for a downsizing of the individual
components. Also the operation point of the system can be freely chosen, allowing an
optimization regarding system efficiency or acoustic behavior. While most control strategies
simply operate the REX to guarantee a certain state-of-charge of the electric power source
[And+12], more advanced strategies take the driving cycle or the cabin heat management
into consideration [Gis+15]. Finally, the reduced number of operation points simplifies the
exhaust treatment of the ICE [MST12]. Compared to more complex parallel HEVs, which

3



2 Fundamentals

have to be operated in various operation points, the combustion and exhaust treatment can
be optimized for a small amount of operation points.
To supply the shaft input power Pm,sh to the generator, a large variety of power sources can

be found in [Fer+12; HQD14]. Four-stroke gasoline piston engines offer a good compromise
between efficiency, power density, acoustic behavior and emissions. Due to the small required
mechanical input power Pm,sh, mainly piston engines with less than three cylinders are
considered [Pis+12; And+12; BMW17; Ind+16]. Another promising solution with a high
power density are rotary wankel engines [Fis+09; Eng18]. The compact design and low
vibrations make this engine type an interesting candidate, also for aircraft applications
[Sig18]. The efficiency is reported to be slightly lower than in four-stroke gasoline piston
engines [HQD14] and only a limited number of manufacturers of rotary wankel engines are
available. All piston engines have in common that their rotational speed nICE is below
10 krpm, while a large variety of shaft power Pm,sh is available.
The before mentioned piston engines are mainly based on derivatives of available series

ICEs for traction applications. For larger shaft power Pm,sh as well as higher power density,
micro gas turbines [gre10; cap18; gre18] are proposed. While for the stationary power and
gas markets these solutions are already widely in use [Ben13], for mobile applications only
prototypes and press releases are available up to now. Especially at low power of several
10 kW the efficiency of these turbines is reported lower than piston engines [Ben13]. Another
solution discussed in literature are free piston linear motors [HL16]. While many mechanical
parts in the ICE are eliminated by this concept, a linear electric generator is required to
transform the created thrust into electrical energy. Up to now, only laboratory prototypes
of this technology were presented.
In the automotive industry, the REX research was initially driven by cost and volume

issues of the available battery packs. With the development of electric vehicles with large
battery packs covering sufficiently large operation ranges, interest in REX cooled off. The
only large series REX available on the market is the BMW i3 [BMW17] and the Voltec
system of GM [Pis14] in the first Chevrolet Volt edition. The latter is not a pure REX as
the ICE is able to directly drive the wheels through a complex gearbox.
In applications, such as aircraft and heavy-duty vehicles, the current battery technology

still does not reach the required gravimetric energy density for long operation ranges. Also
the total cost of ownership and environmental impact of large battery packs, which are rarely
used for everyday driving cycles, have to be kept in mind [Pis14]. In such applications, REX
can offer an interesting alternative to large battery storage systems.

System Voltage

Most electric passenger vehicles available on the market today, are equipped with a lithium-
ion based energy storage system. The chosen energy storage system not only defines the
nominal system voltage Usrc,nom, but also the losses. Fig. 2.2 depicts the internal resistances
Ri,src of several vehicles over Usrc,nom, which were characterized over their lifetime in an
extensive field test by the US Department of Energy [Ida17]. The relevant Ri,src for charging
is in the range of 65 up to 180 mΩ, while Usrc,nom ranges from 300 up to 360 V.
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Fig. 2.2: Ri,src of exemplary electric vehicles over Usrc,nom. Each data point signifies a
specific charging (x) or discharging (+) measurement [Ida17].

2.1.1 Generator Choice
Currently, available REX are mainly based on permanent magnet synchronous machines
(PMSMs). However, the choice of a specific electric machine type as generator strongly
depends on the application. In [Bur+17], an overview on advantages and disadvantages of
various electric machine types can be found.
The major advantage of SRGs over conventional PMSMs is the lack of permanent magnets

in the rotor. [KF17] exemplary shows the cost advantage for a small 250 W SRG over a
PMSM. Beside the absolute cost advantage, which strongly depends on the raw material
prices, availability of raw materials is of high importance for large-scale producers. An
SRG mainly requires iron core material, shaft steel and copper, available from a large
number of suppliers. In contrast, the rare earth magnet material supply is currently nearly
completely controlled by one single country [Yat17]. The high generator speeds nSRG possible
with SRGs, are of interest in extreme applications, such as direct attachment to high-
speed turbines [gre10]. Additional advantages, such as wide field weakening region and high
overload potential, are of secondary interest for a REX application.
Concerning SRG disadvantages, the operation mode of a REX mitigates them partially.

ICEs show highest efficiency at high torque levels [MST12], at which also SRGs show highest
machine efficiency ηmach [Ral+17; Tak+12]. Therefore, the efficiency disadvantage compared
to a PMSM is reduced. Also the complete system efficiency from fuel to battery is much less
influenced by the electric generator, due to realistic ICE efficiencies ηICE between 20 and 40 %
[Fer+12]. High vibration amplitudes and torque ripple are expected to be partially covered
by similar behavior of the ICE. Also, they can be influenced by the choice of operation point
(generator speed nSRG, total output torque Ttot), as the system behavior is detached from
the current driving situation of the HEV.

2.1.2 Drive Configuration
To assess the potential of the SRG technology for REX applications, two scenarios with
different drive configurations are considered in this thesis. The low-speed scenario generator
is directly linked to an ICE with nICE = 7500 rpm. In the high-speed scenario, the SRG is
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2 Fundamentals

System parameter low-speed high-speed
input power Pm,sh 20 kW

generator speed nSRG,nom 7500 rpm free
total machine torque Ttot 25.5 Nm free
stator outer diameter Dst 220 mm free
stator stack length Lstk 60 mm free

dc-link voltage udc 300 V 400 V

Table 2.1: Scenario specifications.

linked by a gearbox to a rotary wankel engine with nICE = 6000 rpm. Table 2.1 lists the
requirements for the two scenarios. The mechanical input power Pm,sh was set to 20 kW in the
range of current prototypes and available products for compact HEVs. The corresponding
generators for the two scenarios are chosen in section 3.4.

2.1.2.1 Low-Speed Scenario

Generator torque ripple and acoustic behavior play a secondary role for this scenario, because
a single cylinder combustion engine with a low frequency torque ripple [MST12; Ind+16] is
employed. The main target of this scenario is to obtain a cost-effective solution to replace
current PMSM technology. To reduce the required cables between generator and inverter
and the number of power electronic devices, machines with a low number of phases Nph < 3
are of interest for this scenario. The high compression ratio and the dead center of the single
cylinder ICE require a quite large peak torque [Mül10; Gv15]. As single phase machines
provide very limited starting torque, even with special rotor designs [Hen+11], an external
starting device would be required. Configurations with a higher number of phases Nph = 2
are able to supply sufficient torque with a simple asymmetric rotor design, which will be
discussed in section 4.4.2. From these considerations, 2-phase machines are of main interest
for the low-speed scenario. This scenario is also an example for an application, in which
the generator has to fit in a given envelope volume of a compact car [Ind+16]. The source
voltage usrc of the available prototype battery system is 300 V.

2.1.2.2 High-Speed Scenario

A decoupling of the SRG nominal speed nSRG,nom from the ICE speed nICE offers the potential
to increase the generator power density φP,tot, as the required generator output torque Ttot
is reduced by an increased nSRG,nom. This is especially important for applications where the
weight and volume of the system is of high importance, such as small aircraft. The envelope
volume is not pre-defined and can be chosen to maximize the generator power density φP,tot.
In the high-speed scenario, the high torque ripple of 2-phase machines (see section 4.4.2)
might cause acoustic issues in the gearbox [FNP16]. Therefore, 3-phase machines with a
reduced torque ripple need to be considered for this scenario. Within this constraints, the
number of phases Nph and number of pole pairs np can be freely chosen to optimize machine
efficiency ηmach, generator power density φP,tot and acoustic behavior. As current battery
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2.2 Switched Reluctance Generator

packs have a nominal source voltage usrc up to 360 V and the internal source resistance Ri,src
increases the dc-link voltage udc during charging, udc is set to 400 V for this scenario.

2.1.3 Bearing Configuration
For the two scenarios, different bearing configurations are used (see fig. 2.3). For the low-
speed scenario, two grease-lubricated grooved ball bearings are employed. For the high-speed
scenario in addition to one grease-lubricated grooved ball bearing (B4 in fig. 2.3b) in the
generator, three oil-lubricated grooved ball bearings are required in the gearbox. Two on
the low-speed side (B1 and B2) and one on the high-speed side (B3).

(a) low-speed

generatorgearbox

Dd

B

B4B3

B2B1

(b) high-speed
Fig. 2.3: Bearing configuration for low- and high-speed scenarios.

2.2 Switched Reluctance Generator
SRGs were first proposed by Taylor in 1840 [Tay]. With the development of modern
power electronics, this machine type got more attention by scientists starting in the 1980’s
[Law+80]. Since then, the working principle and control of SRGs was described in detail in
[Mil93; DPV11]. An overview of current research activities can be found in [Bur+17]. In
this section, the most important fundamentals of SRGs are introduced.
Radial flux SRGs, as exemplary shown in fig. 2.4a, consist of a salient stator and rotor

defined by the number of stator poles Ns and rotor poles Nr. The number of stator poles Ns
are calculated from the number of phases Nph and the number of pole pairs np by (2.1). Two
stator poles form one pole pair of a specific phase. In case of machines with more than one
phase, the number of rotor poles Nr has to be chosen different from the number of stator
poles Ns to create a contiguous torque. As Nr > Ns negatively influences the machine
efficiency [Mil93], in this thesis only the case Nr < Ns, defined by (2.2), is considered.
Table 2.2 lists the pole configurations investigated in this thesis in chapter 3. The naming
convention of machine configurations can be found in section A.2.1.

Ns = 2 · np ·Nph (2.1)

Nr = 2 · np · (Nph − 1), Nph > 1 (2.2)
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(a) θel = 0 ◦el, unaligned (b) θel = 180 ◦el, aligned

Wmag

Wco

θel = 180 ◦el

θel = 0 ◦el

Ψph

iph

(c) coenergy Wco of one phase
Fig. 2.4: Characteristic positions of a (3,1) SRG in relation to the red phase and

definition of coenergy loop Wco. stator: gray, rotor: black, windings: colored

parameter configuration
number of phases Nph 2 3 4
number of pole pairs np 1 2 3 1 2 1
number of stator poles Ns 4 8 12 6 12 8
number of rotor poles Nr 2 4 6 4 8 6

Table 2.2: Considered SRG configurations in this thesis.

In fig. 2.4a and 2.4b, the characteristic unaligned and aligned rotor position in relation
to the red machine phase are depicted, respectively. By exciting the red phase close to the
unaligned position, a magnetic flux Φpl is created, which tends to minimize the magnetic
resistance, or reluctance, of the magnetic path through stator and rotor. The resulting
tangential force pulls the rotor towards the aligned position. This procedure is repeated for
all phases and rotor poles to create a continuous rotation. Therefore, one electric period is
defined by the mechanical angle θm of one rotor pole. The electrical angle θel, periodic to
360 ◦el, is then defined by the mechanical angle θm and the number or rotor poles Nr by
(2.3). The electric base frequency fel is calculated from the rotational speed of the shaft
nSRG and the number of rotor poles Nr by (2.4).

θel = Nr · θm (2.3)

fel = Nr ·
nSRG

60 (2.4)

The resulting torque Ttot can be calculated with the help of the coenergy loopWco enclosed
by the characteristic unaligned and aligned position [Mil93]. The coenergy loopWco defined
by (2.5) is exemplary depicted for a constant phase current iph in fig. 2.4c. In this case,
the coenergy loop Wco is equal to the maximally available coenergy loop Wco,max between
unaligned and aligned position at a given peak phase current Iph,pk. Assuming symmetry of
all phases, the machine output torque Ttot of the SRG is than calculated by multiplication
of the coenergy loop Wco of one phase pulse with the number of rotor poles Nr and the
number of phases Nph (see (2.6)).
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S2

S1

Lph iph
Cdcudc

Rcab isrgLcab

usrc

Ri,src

isrc
D1

D2

uph

magnetizing freewheeling demagnetizing

I II III

Fig. 2.5: Electric equivalent circuit of a 1-phase SRG and characteristic switching states
of an asymmetric-half bridge (AHB).

Wco =
˛

Ψph(iph,θ) diph dθ (2.5)

Ttot = Nph ·Wco ·
Nr

2π (2.6)

To operate SRGs continuously, a power electronic inverter is required. In [BP98] an
overview on possible inverter topologies can be found. Most common is the asymmetric-half
bridge (AHB), as shown in fig. 2.5 for a 1-phase SRG. For each phase, an output stage of
two switches and two diodes is required. With this topology, the phase current iph of each
phase can be controlled independent from the remaining phases with the three switching
states, magnetizing (I), freewheeling (II) and demagnetizing (III), as depicted in fig. 2.6.

During the magnetizing period ∆θmag, (I) defined by (2.7), both switches S1 and S2 are
closed and the positive dc-link voltage udc is applied to the phase. In freewheeling period
∆θfw, (II) defined by (2.8), no external voltage is applied to the phase, as only one of the
two available switches is closed. Finally, in demagnetizing (III) both switches are opened,
and the negative dc-link voltage udc is applied to the phase by the two conducting diodes
D1 and D2, until the phase current iph reaches 0 A at the angle θdecay.

∆θmag = θfw − θon (2.7)
∆θfw = θoff − θfw (2.8)

An exemplary current profile is depicted in fig. 2.6. The change of current depends on the
relation of the applied external voltage during the three switching states and the machine
internal voltage drops, defined by (2.9). In (2.9) the first term (a) stands for the ohmic
voltage drop caused by the phase resistance Rac,ph and the phase current iph. The second
term (b) stands for the self-induced voltage drop as well as saturation effects. The last term
(c) describes the voltage drop induced by the rotation of the machine and is referred to as
back electromotive force (EMF) e.
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Fig. 2.6: Characteristic control angles, externally applied phase voltage uph and phase
current iph for one phase during one electric period.

uph = Rac,ph · iph + dΨph

dt

= Rac,ph · iph︸ ︷︷ ︸
a

+
(
Lph(iph,θ) + iph

∂Lph(iph,θ)
∂iph

)
diph

dt︸ ︷︷ ︸
b

+ iph
∂Lph(iph,θ)

∂θ

dθ
dt︸ ︷︷ ︸

c

(2.9)

All phase related quantities are influenced by the number of turns per pole Nw,pl and
the interconnection of individual poles in serial and parallel [Car08; Bra13]. In this thesis,
only the parallel connection of all poles of each phase is considered. The phase current iph,
phase flux linkage Ψph, phase inductance Lph and total phase resistance Rac,ph can than be
calculated by (2.10) - (2.13), respectively.

iph = 2 · np ·
Θpl

Nw,pl
(2.10)

Ψph = Ψpl = Nw,pl · Φpl (2.11)

Rac,ph = Nw,pl
2 · Rac,pl,1

2 · np
(2.12)

Lph = Nw,pl
2 · Lpl,1

2 · np
(2.13)

By changing the number of turns per pole Nw,pl, the resulting uph at a constant generator
speed nSRG and phase current iph can be adapted to the available dc-link voltage udc [Bra13]
to achieve a certain current profile at nominal operation point. In hysteresis current control
(HCC), iph can be controlled by the inverter as the relation udc � uph is valid. Therefore,
the system behavior in terms of instantaneous torque or force [Bur+17] can be influenced.
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While sacrificing controllability, SRGs are rather operated in single pulse control (SPC)
than in HCC to achieve a higher drive efficiency ηdrive, as discussed in [Bra13] and further
analyzed in section 4.1.1. Finally, the continuos conduction mode (CCM) offers the potential
to overload SRGs [HHM11], rather than being a steady-state operation mode.
Fig. 2.7 shows exemplary the effect of an increasing number of turns per pole Nw,pl on

the pole magneto motive force (MMF) Θpl (fig. 2.7a) and the resulting coenergy loop Wco
(fig. 2.7b) of a fixed machine geometry to achieve the same total output torque Ttot. The
maximum available coenergy loop Wco,max is exemplary depicted by the green dashed line
for the SPC in fig. 2.7b. While in HCC the achieved coenergy loop Wco is nearly equal to
Wco,max, in SPC and CCM Wco is much smaller than Wco,max. The implications on the SRG
design process will be discussed in section 3.3.2.
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(b) coenergy loop Wco

Fig. 2.7: Influence of the number of turns on pole MMF Θpl (left) and
coenergy loop Wco (right) for a (4,1) SRG at Dst = 120 mm.

2.2.1 System Loss Modeling
From the mechanical input power Pm,sh to the electrical power supplied to the source Pel,src,
a multitude of losses occur in SRG systems. Fig. 2.8 depicts the naming of the input and
output power of the different system parts discussed in this thesis and the corresponding
losses. Subtracting the machine losses Pl,mach from the mechanical input power Pm,sh, the

Pm,shPel,SRGPel,drivePel,src

Pl,invPl,src Pl,mach
Fig. 2.8: System power flow and corresponding component losses.
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defined relation
gearbox efficiency ηgear (Pm,sh−Pl,gear)/Pm,sh

generator efficiency ηmach Pel,SRG/Pm,sh

inverter efficiency ηinv Pel,drive/Pel,SRG

drive efficiency ηdrive Pel,drive/Pm,sh

system efficiency ηtot Pel,src/Pm,sh

Table 2.3: Defined component and system efficiencies.

electric SRG output power Pel,SRG is obtained. From Pel,SRG the inverter losses Pl,inv are
subtracted to obtain the drive output power Pel,drive. The available charging power Pel,src is
finally calculated by subtracting the source losses Pl,src from the drive output power Pel,drive.
In addition to the losses, the efficiencies listed in table 2.3 are defined.
All losses are summed up to the total system losses Pl,tot as described by (2.14). The sum

of inverter losses Pl,inv and machine losses Pl,mach form the drive losses Pl,drive. This value
is measured on the test bench rather than the complete system losses Pl,tot. The machine
losses Pl,mach are further separated into total copper losses Pl,cu,ac, iron core losses Pl,fe and
mechanical losses Pl,m as stated by (2.15). In the following, the underlying formulas for the
analytic loss modeling are introduced.

Pl,tot = Pl,drive +Pl,src

= Pl,mach + Pl,inv +Pl,src
(2.14)

Pl,mach = Pl,cu,ac + Pl,fe + Pl,m (2.15)

Power Source

To reduce the simulation time and the modeling effort, the battery is modeled by an
ideal voltage source usrc with an internal resistance Ri,src rather than a complex physico-
electrochemical model, for example proposed in [Sch17]. The losses in this source can be
calculated by (2.16).

Pl,src = Ri,src ·
1
Tel

ˆ Tel

0
isrc

2 dt (2.16)

The source is attached to the inverter by a cable, consisting of Rcab and Lcab as indicated
in fig. 2.5. As Rcab is estimated by a factor 100 smaller than Ri,src for reasonable cable
lengths in electric vehicles, the related losses are neglected.

Power Electronics

As mentioned before, an AHB with two insulated-gate bipolar transistors (IGBTs) and
two diodes per phase is assumed in the power electronic inverter. The losses in the power
electronic components consist of conduction losses Pl,cond and switching losses Pl,sw. The
conduction losses Pl,cond are calculated with the help of the current dependent voltage drop
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2.2 Switched Reluctance Generator

across one device udev, derived from datasheets, and the device current idev (2.17). Both
values depend on the switching states shown in fig. 2.5 and the phase current iph.

Pl,cond =
∑
Ndev

1
Tel

ˆ Tel

0
udev(idev)idev dt (2.17)

The switching losses are calculated by (2.18). Eon,dev and Eoff,dev are the current dependent
device turn-on and turn-off switching energies, which depend on the instantaneous device
current idev during a certain switching event i. k represents the number of switching events
per electric period Tel.

Pl,sw =
∑
Ndev

[
fel ·

[
k∑
i=1

[Eon,dev(idev,i) + Eoff,dev(idev,i)]
]]

(2.18)

Copper Losses

The total copper losses Pl,cu,ac (2.19) of an SRG consist of dc copper losses Pl,cu,dc and
eddy-current copper losses Pl,cu,eddy caused by skin and proximity effects.

Pl,cu,ac = Pl,cu,dc + Pl,cu,eddy (2.19)

The dc copper losses Pl,cu,dc can be calculated from the dc phase resistance Rdc,ph, the
instantaneous phase current iph and the number of phases Nph by (2.20).

Pl,cu,dc = Nph ·Rdc,ph ·
1
Tel

ˆ Tel

0
iph

2 dt = Nph ·Rdc,ph · Iph,rms
2 (2.20)

The ohmic resistance of one phase Rdc,ph can be further separated into the dc-copper
resistance of one phase without end-windings Rdc,ph,woEw and an end-winding dc-copper
resistance Rdc,ph,Ew (2.21). Rdc,ph,woEw describes the copper in the stator slot parallel to the
iron core, while Rdc,ph,Ew describes the copper required to connect the coils at both ends of
the machine.

Rdc,ph = Rdc,ph,woEw +Rdc,ph,Ew (2.21)

For design analysis in section 4.1.1 the two additional ac phase resistance Rac,ph and
eddy-current phase resistance Reddy,ph are defined by (2.22) and (2.23), respectively.

Rac,ph = Pl,cu,ac

Nph · Iph,rms2 (2.22)

Reddy,ph = Pl,cu,eddy

Nph · Iph,rms2 (2.23)

To analytically estimate the eddy-current copper losses Pl,cu,eddy in non-rotating trans-
formers, [Dow66] developed a method expressed by (2.24), which decomposes iph in its
fundamental components kI and applies the well known skin and proximity functions φ and
ψ, respectively.
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Pl,cu,ac = Rdc,ph

[
Iph,rms

2 +
∞∑
k=1

[
kI2

(
φ(kx) + n2 − 1

3 ψ(kx)
)]]

(2.24)

kx = dw
√
π

2 ·k β = dw
√
π

2 ·
√
kf0πσµ ·

√
w

wslot
. (2.25)

The method described by (2.24) was applied in [Car08] for a small number of operation
points of one SRG, generally underestimating total copper losses Pl,cu,ac compared to a
coupled FEA (see section 2.3.2). Further analysis in [Sch15] suggest that simple analytical
approaches, such as [Dow66], cannot be applied for SRG with sufficient accuracy. Therefore,
the eddy-current copper losses Pl,cu,eddy will be investigated in detail in section 4.1.1 and
5.1.1 by the help of (2.24) and coupled FEA (see section 2.3.2).
Not regarding the calculation method, the eddy-current copper losses Pl,cu,eddy can be

described by the frequency dependent eddy-loss ratio peddy as a function of the total dc-
copper losses Pl,cu,dc including the end-windings (2.26). To determine the eddy-current
copper losses Pl,cu,eddy it is common to employ a 2-dimensional (2-D) coupled FEA [Car08;
Sch15]. For a better comparison with these results, the eddy-current copper losses Pl,cu,eddy
can be described as a function of the copper losses without end-windings Pl,cu,dc,woEw by the
additional eddy-loss ratio peddy,woEw as defined in (2.27).

Pl,cu,eddy = peddy(fel) · Pl,cu,dc (2.26)
Pl,cu,eddy = peddy,woEw(fel) · Pl,cu,dc,woEw (2.27)

Iron Core Losses

State of the art for the modeling of iron core losses Pl,fe, are empirical or physical models
[Kri14; ESH12]. All models have in common, that they fit a certain amount of parameters
(k,α,β) on measurement data, e.g. from Epstein frame measurements, retrieved for sinu-
soidal flux-densities Bpt(t) at different peak flux densities Bpk and electric base frequencies
fel. The specific iron losses can then be expressed by fitting functions, such as (2.28) - (2.30).

pSE = k ·Bpk
β · fel

α (2.28)
pBertotti = khyst ·Bpk

βhyst · fel + keddy ·Bpk
2 · fel

2 + kexcess ·Bpk
1.5 · fel

1.5 (2.29)
pIEM5 = k1 ·Bpk

β1 · fel + k2 ·Bpk
2 · fel

2 + k3 ·Bpk
1.5 · fel

1.5 + k4 ·Bpk
β4 · fel

2 (2.30)

The most basic Steinmetz equation (SE) [Ste92], expressed by (2.28), only employs one
term with three fitting parameters. Increasing the number of terms and fitting parameters
allows a better fit on the material data for changing peak flux densities Bpk and electric base
frequencies fel, as investigated in [KBD16b] for SRGs. In this thesis, the SE pSE [Ste92],
the Bertotti formula pBertotti [Ber88] and the IEM5 formula pIEM5 [ESH12] are employed
to investigate the iron losses. To account for non-sinusoidal flux linkage waveforms, the
improved generalized Steinmetz equation (iGSE), proposed by [Ven+02], can be applied to
each individual term of pBertotti and pIEM5, as described in [KBD16b].
To calculate the iron core losses Pl,fe in the complete machine, the iron core is separated
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2.2 Switched Reluctance Generator

into iron core sections Npt with a specific part volume Vpt. In the analytical models, a
constant magnetic flux density Bpt is assumed in these tooth and yoke parts. A specific
iron loss density is calculated for each machine part and the iron core losses Pl,fe are then
summed up for all iron core sections Npt, as shown exemplary for the SE pSE in (2.31).

Pl,fe =
∑
Npt

[Vpt · pSE(Vpt)] (2.31)

In the coupled FEA (2.32), a derivate of pBertotti, is applied to each mesh element at
each time step. Afterwards, the iron core losses Pl,fe are retrieved by an integration over
the complete iron core volume Vfe and one electric period Tel (2.33). The results from this
equation will be compared to the analytical model with average flux density in section 4.1.2,
as calculation time is strongly increased by this approach.

pFLUX(t) = khystB̂pt
2
fel

2 + k
′
eddy

(
dBpt

dt

)2

+ k
′
excess

(
dBpt

dt

)1.5

(2.32)

Pl,fe =
ˆ

Vfe

Tel
ˆ

0

pFLUX(t) dt dV (2.33)

Mechanical losses

Mechanical losses Pl,m in SRGs consist of windage losses Pl,wind in the air gap, bearing losses
Pl,bear and the losses of a potential gearbox Pl,gear as indicated in (2.34).

Pl,m = Pl,wind + Pl,bear + Pl,gear (2.34)
The double salient structure of SRGs causes air turbulences and high windage losses Pl,wind

in the air gap. These losses can be estimated with complex computational fluid dynamics
(CFD) calculations. Such calculations were applied to a high-speed turbo charger SRG in
[CJS00] for rotor tip radii R1 from 12.5 to 37.5 mm and air gap lengths dg from 0.1 to
0.3 mm. A good match between the CFD calculations and measurements up to a shaft
speed nSRG = 50 krpm was found. However, CFD calculations are very time consuming
and, therefore, not suitable for a fast comparison of different machine designs. In [CJS00]
an analytical formula is fitted to the CFD results for the investigated range of R1 and
dg. However, in this thesis an air gap length dg between 0.7 and 1.0 mm is considered,
not covered by the parameters given in [CJS00]. As the retrieved fitting parameters are
non-linear, an extrapolation of the derived analytical formula is not possible.
In [Vra68] an analytical method to calculate the windage losses Pl,wind, described by (2.35),

is presented. The saliency factor Ksal is defined by the rotor pole height hpl,r and the rotor
pole tip radius R1 as described in (2.36). For a non-salient air gap (hpl,r/R1 = 0), [Vra68]
defines Ksal = 1. The skin friction coefficient Cd has to be determined from approximations,
as no analytical description is available [Vra68]. Additionally, the air gap fluid density ρfl,
the rotor pole tip radius R1, the generator speed nSRG as well as the machine stack length
Lstk are required to fully define (2.35). A good match between the analytical calculation
of windage losses Pl,wind by (2.35) and measurements was found in [KKC14; Kiy+16] for a
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60 kW traction machine. The applicability to the machines considered in this thesis will be
investigated in section 4.1.3 by measurements.

Pl,wind = Ksal · π · Cd · ρfl ·R1
4 · Lstk ·

(2 · π · nSRG

60

)3
(2.35)

Ksal =
8.5 · hpl,r

R1
+ 2.2 if hpl,r/R1 > 0.06

1 if hpl,r/R1 = 0
(2.36)

The bearing losses Pl,bear are not of main interest in this thesis, however, they need to be
estimated to be able to separate the mechanical losses Pl,m on the test bench. To estimate
Pl,bear, different calculation methods are common in industry. In [GF07] the bearing drag
torque Tbear in high-speed bearings (ν ·nSRG > 2000) is given by (2.37). For definition of the
relevant bearing parameters it is referred to [GF07]. The speed dependent bearing losses
Pl,bear can be assumed to be proportional to nSRG

5/3 from (2.37).

Tbear = 10−7f0(ν · nSRG)2/3d3
m + f1P1dm (2.37)

Estimating gearbox losses Pl,gear is a rather complex task, strongly depending on the
tooth shape, the lubrication concept and oil as well as the chosen bearings within the
gearbox [NW03]. Within this work, an oil-lubricated one-stage spur gear is applied for the
high-speed SRGs. In [NW03] a gearbox efficiency ηgear between 98 and 99 % is stated for
such gears. A similar value was achieved for a two-speed two-stage oil lubricated spur gear
in [AG15]. Hence, for the gearbox a speed independent Tgear of 2 % of the nominal generator
torque Ttot,nom is assumed for all operation points (2.38). This loss torque accounts for all
gear internal losses, including one high-speed bearing as well as all sealings (see fig. 2.3b).
The gearbox losses Pl,gear are, therefore, proportional to the generator speed nSRG.

Tgear = 0.02 · Ttot,nom (2.38)

2.2.2 SRG Prototype examples
Beside as magnet free traction drives [Tak+12; Hof14; WMM15], several applications for
SRGs are proposed in research. Since the late 80’s SRGs are discussed in aircraft applications
as starter-generators for gas turbines [MJ89; Fer+95; RF95; RFR98; Sho+10] with a total
input power Pm,sh between 30 and 250 kW. Also the suitability of SRGs as fuel pumps in
the range of 90 kW was investigated [Rad92; Rad95]. Since around 2000, gearbox integrated
starter-generator [Fah02; SL09] are investigated as well as turbocharger applications [CJS00;
MCA12], for hybridization of conventional ICE driven cars.
A wide overview on high-speed SRG research and applications with generator speeds

nSRG > 20 krpm can be found in [FBE15]. Machine efficiencies ηmach between 89 and 93 %
are reached for generating operation at input power ratings Pm,sh > 20 kW. However, the
listed data shows that most publications are not stating all required information (i.e. iron
core material, exact winding design) to evaluate and compare the reached machine efficien-
cies ηmach. Additionally, many publications are only based on simulations or partial load
measurements. For the two scenarios described in section 2.1.2 the machines listed in ta-
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low-speed high-speed
reference [Lon+03; SL09] [MJ89; Fer+95]

nominal input power Pm,sh 15 kW 30 kW
operational speed nSRG 600 – 2500 rpm 27 – 47 krpm
configuration Ns/Nr 18/12 6/4

electric base frequency fel 120 – 500 Hz 1800 – 3133 Hz
stack length Lstk 85 mm 63.5 mm

total machine length Lact < 135 mm 113 mm
stator outer diameter Dst 440 mm 159 mm
active material volume Vact 20.5 l 2.2 l

volumetric power density φP,act 0.7 kW/l 13.6 kW/l
volumetric torque density φT,act 7.0 Nm/l 4.7 Nm/l

dc-link voltage udc 240 V 270 V
iron core material (-) 2V49FeCo
iron sheet thickness dsh,fe (-) 150µm

number of turns per pole Nw,pl 64 (-)
wire technology solid conductors litz wire

measured machine efficiency ηmach 94.1 % 91 %
at 1000 rpm, 15 kW 30 krpm, 30 kW

Table 2.4: Reference machines for comparison with prototype machine efficiencies ηmach
(section 4.1.5) and active material volumes Vact (section 4.2.4).

ble 2.4 are chosen as reference. For both machines, simulations and prototype measurements
for a speed and power range comparable to the developed low- and high-speed scenario exist.

2.3 Simulation Models

2.3.1 Look-Up Based System Simulation Model
To assess the behavior of the electric drive-train, a system model representing the equivalent
circuit shown in fig. 2.5 is employed. The SRG model implements the voltage equation (2.9)
as shown in fig. 2.9 with the help of machine characteristic lookup tables (LUTs) (pole torque
Tpl, MMF Θpl and radial force Fpl,rad) retrieved from static FEAs. The phase voltage uph
input is determined with the help of the current inverter switching state and the machine
phase current iph by the dynamic dc-link. The electrical angle θel is determined from a
constant speed input.
To determine the influence of the control angles, the model is set up at various constant

generator speeds nSRG. At each operation point for a range of turn-off angle θoff and free-
wheeling period ∆θmag, the corresponding turn-on angle θon is determined to satisfy the
requested total output torque Ttot. Mechanical losses Pl,m are neglected, as they cannot
be influenced by the control strategy. The dynamic results of one full electric period in
steady state are extracted. Beside the ohmic dc copper losses Pl,cu,dc as well as the source
losses Pl,src, all losses introduced in section 2.2.1 are calculated afterwards in post processing.
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Fig. 2.9: SRG simulation model block diagram based on the pole flux Φpl.

However, the voltage drops across the power electronic devices, depending on the inverter
switching state, are considered for the determination of the phase voltage uph.

2.3.2 Coupled Finite Element Analysis
To determine the eddy-current copper losses Pl,cu,eddy in the machine windings, a 2-D coupled
FEA model is built up with the help of the software MATLAB-Simulink and FLUX2D. The
complete simulation process is described in detail in [Sch15]. The inputs, machine phase
current iph and electric position θel, are derived from dynamic drive simulations with the
model described in section 2.3.1. As suggested in [Sch15] a step size of 0.5 ◦el was chosen, as
a compromise of accuracy and simulation time. Only selected operation points are simulated
with this approach, as each simulation takes about 3 – 6 h on a desktop personal computer
(PC) (Intel®Core™ i5-2400, 3.1 GHz, 16 GB RAM, 1 TB HDD, 64-bit operating system),
depending on the number of mesh elements.

2.3.3 Thermal Modeling
Thermal modeling approaches for electrical machines are generally numerical, such as CFD
and FEA, or analytical, such as lumped parameter thermal network (LPTN). FEA can be
very accurate and any machine geometry can be modeled, but rather high model setup and
computational time are major drawbacks [Bog+09]. CFD is normally employed to calculate
thermal behavior on interfaces, which are in contact with fluids or gases, i.e. air gap,
stator-slot, end-winding regions and cooling channels. LPTN are a compromise between
accuracy and computational time. A well-parameterized model is needed, to represent
the machine parts properly with reduced elements, so that the computational time can be
reduced compared to numerical methods [Bog+09; QSD14].
Since the focus of this thesis is to compare different SRG models rather than develop-

ing a sophisticated LPTN, the commercial software MotorCAD is employed. This software
generates an LPTN upon geometric dimensions as well as material, interface, cooling and
accessories parameters. It is based on several scientific publications [SBC05] and constantly
updated to new heat transfer research. As described in detail in [Bog+09; BD15] heat
transportation occurs in form of conduction, convection and radiation. Since thermal con-
ductivity is a material specific parameter, the relevant values can be gathered from data
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sheets or literature. Heat flow by convection is more complex than heat conduction. It
can be separated into natural convection which occurs only because of a heat gradient, and
forced convection when the particle flow is caused by an outer influence, such as the SRG
rotor [Bog+09]. It is assumed for this thesis that convection is approximated well enough by
MotorCAD. Concluded in [Bra13], radiation is not significant in thermal modeling of liquid
cooled SRGs and will therefore not be further considered.

2.3.4 Acoustic Modeling
For the acoustic analysis of the different machines, the modeling process introduced in
[Bös14] is applied. To retrieve the vibration response transfer function and to analyze
the values of the relevant eigenfrequencies, for each machine structural dynamic FEAs are
performed with the software ANSYS. Afterwards, the vibration response is superposed with
the spatially and temporally decomposed force excitation of the SRG, retrieved with the help
of the dynamic simulation model described in section 2.3.1. That way, the time consuming 3-
dimensional (3-D) structural analysis is required only once, while a variation of the control
parameters or a speed variable operation can be quickly analyzed with the help of the
dynamic system model.
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3 Solution Space Based Pre-Design

In certain applications, such as REX, only the available input power Pm,sh is defined at
the beginning of the design process. Hence, various SRG configurations, in terms of the
number of phases Nph and pole pairs np, could be suitable as a generator. If a gearbox
is employed also different combinations of shaft speed nSRG and nominal machine output
torque Ttot,nom increase the number of potential machine designs. Therefore, a quick, but
reliable, pre-design evaluation approach is required at the beginning of the design process.
Section 3.1 discusses classic iterative design approaches and their limitations regarding a

large number of possible solutions. To overcome these limitations, a new pre-design approach
is introduced. Section 3.2 describes the implementation and setup of the solution space for
SRGs together with exemplary application independent design findings. The application
dependent selection within the solution space and the design choice process are presented
in section 3.3. After discussing results for a generic application in section 3.3.5, the SRG
prototypes for the two target scenarios from section 2.1.2 are developed. Finally, a chapter
conclusion is drawn in section 3.5.

3.1 Design Approach

3.1.1 Classic Design Approaches
Classic iterative design approaches of electrical machines, such as [Mil93] and [HM94], are
mainly based on the simplified torque production equation (3.1). This formula links the
rotor diameter Drot and the machine stack length Lstk with the total machine output torque
Ttot by the torque constant ktrq.

Ttot = ktrq ·Drot
2 · Lstk (3.1)

In many publications, e.g. [KAL88] and [AHR01], equation (3.1) can be found with
different focus on electromagnetic aspects or the influence of geometric parameters and
mechanical stress. Common to both approaches is the use of different, mostly empirically
determined, ktrq-factors, which are not directly comprehensible to an inexperienced designer.
The approach developed in [Fue+05], has a closer link to the physical working principle of
SRGs. The author bases the complete design process on a generalized SRG model with
a phase and pole pair number Nph = np = 1. From this generalized model, normalized
flux linkage curves are derived in order to determine the maximum available coenergy loop
Wco,max, hence, the name normalized flux linkage method (NFLM). The normalized maximal
coenergy loop Wco,max is then scaled by a pole-overlap factor and the stack length Lstk to
the actual configuration and machine length. A comprehensive design procedure to cover
the whole design process of an SRG was derived from this method in [BBD12] and further
developed in [Bra13]. The procedure links the design routine to more intuitive design and
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3 Solution Space Based Pre-Design

tuning parameters by applying standard sizing rules for SRGs that have been established
and proven validity in the context of SRG design, such as [Law+80], [AHR01] and [Fai+09].
Application specific requirements, e.g. thermal conditions, requested shaft power Pm,sh or

nominal speed nSRG,nom, are generally input parameters of iterative design approaches, such
as [Bra13; KAL88; AHR01]. This leads to time-consuming calculations of numerous possible
geometries and their torque production capability for each pre-design. In this context, all
results except for those meeting the design requirements are generally discarded, although
they may represent optimal layouts of an application with slightly different specifications.
The calculations are mostly performed with the aid of a reluctance network based simu-

lation software, such as PC-SRD, to speed-up the process. Due to the strongly non-linear
magnetic behavior of SRGs, however, the parameters describing the magnetic path, in case of
PC-SRD, for example the maximum flux density Bm and saturation flux density Bs [SPE08],
vary considerably for different machine configurations over a wide range of the outer stator
diameter Dst. Consequently, the solutions obtained need to be verified via time-consuming
FEA in order to tune the material parameters as exemplarily shown in fig. 3.1.

0.5 1 1.5 2 2.50

0.06

0.12

0.18

Θpl in kA

Ψ
pl

in
Vs
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Fig. 3.1: Pole flux linkage Ψpl vs. pole MMF Θpl curves calculated with FLUX2D and
PC-SRD for the same SRG geometry with Bs = 1.5 T and two different Bm.

Another aspect is the choice of the iteration parameters as well as the starting and solution
points themselves. These parameters influence the quality of the output significantly. For a
calculation starting from an unfavorably chosen solution point, only a local minimum might
be found. Also, limiting the solution space rigidly, e.g. by a maximum stack length Lstk,
might cause the underlying algorithm fail to converge, leaving the system designer without
a deeper understanding of the range of results.
Both limitations lead to a longer pre-design period than expected, and can inhibit a fast

comprehensive drive design. As a machine design is generally a compromise between dif-
ferent technologically conflicting requirements, the designer should furthermore be enabled
to quickly evaluate the design potential, e.g. in terms of the active material volume Vact,
material mass mact or cost, instead of having to tune a set of analytical parameters to obtain
a result at all. Therefore, in the first design stage the aim should be to create a reliable com-
parative overview of different configurations rather than a detailed design. The following
section presents a solution to overcome the mentioned disadvantages.
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3.1 Design Approach

3.1.2 Solution Space Based Pre-Design Approach

To achieve a quick solution overview and to avoid repetitive recalculation of machine char-
acteristics a solution space based pre-design (SSBPD) approach was introduced in [BMD16]
and is developed in detail in this thesis. The basic concept is to decouple the solution
space calculation from application specific requirements. Based on the assumption that the
theoretical torque production capability of the underlying solution space is only defined
by geometric parameters of the iron core cross section and by the employed material, two
calculation paths are defined as shown in fig. 3.2.
In the first calculation path, the torque characteristics of different SRG configurations

defined by the number of phases Nph and pole pairs np are evaluated. To cover a wider
range of designs for each configuration, a geometry variation defined by the stator outer
diameter Dst and STPR (see table 3.1) is analyzed and stored in a solution database. The
exact dataset and its calculation is specified further in the following section 3.2. In the second
calculation path, all possible designs are filtered by application dependent parameters, such
as the required nominal shaft power Pm,sh and generator speed nSRG,nom, along with thermal
and mechanical limitations. These parameters are intuitively and comprehensibly linked to
physical boundaries, such as the maximum coil temperature ϑcoil,max or the maximum shear
stress on the shaft as described in section 3.3.
Instead of optimizing the design in repetitious background computations, the solution

space is visualized in a following step, which offers the possibility to adapt the design
parameters, and hence obtain a better solution. Based on this information, it is possible to
identify the most favorable geometries depending on the application requirements, e.g. a
minimal active material volume Vact, a specific configuration of the number of phases Nph
or pole pairs np, a fixed stator outer diameter Dst or stack length Lstk. Afterwards, the
selected designs can be fine-tuned regarding the coil temperature, torque ripple or acoustic
behavior using more time consuming approaches as presented in [Bra13].

design
range

Dst, STPR
Nph, np

electromagnetic
evaluation

solution
database

valid
solutions

thermal,
electrical,
mechanical

aspects

application
requirements

Pm,sh
nSRG,nom

Fig. 3.2: Concept of the solution space based SRG design: decoupling of the solution
database and the application specific requirements.

23



3 Solution Space Based Pre-Design

3.2 Solution Database
Setting up a solution database requires an effective way of describing machine cross sections
and efficiently storing and addressing a large number of them in an appropriate data struc-
ture. For this purpose, the four geometric parameters listed in table 3.1 are utilized. The
derivation of the STPR, as introduced in [BBD12], is described in appendix A.1.

Quantity Symbol
stator outer diameter Dst
number of phases Nph

number of pole pairs np
slot-to-pole-pitch-ratio STPR

Table 3.1: Parameters to describe one solution database entry.

The STPR is dimensionless and, combined with standard SRG sizing rules described in
section 3.2.1, unambiguously characterizes the stator and rotor outline of the considered
SRG configuration by coupling geometric parameters in a single quantity. Therefore, it can
be used as a variation parameter to examine the range of possible geometries and magnetic
circuits of one specific SRG configuration defined by a certain number of phase Nph, pole
pairs np and a stator outer diameter Dst. As the number of phases Nph and the number of
pole pairs np only form reasonable machine configurations for certain combinations, they
cannot be varied independently from one another in the solution database. Therefore, the
technologically reasonable combinations of Nph and np form one axis of the 3D database as
shown in fig. 3.3.
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Fig. 3.3: 3-D solution database array. Each design is describe by a design quadruple
(Nph, np, Dst, STPR) (see section A.2.1).

To achieve the advantages described in the section before, it is necessary to modify the
sizing procedure based on the generalized SRG model proposed in [Fue+05] with its empir-
ical tuning parameters. Each database entry is directly described by magnetization curves
retrieved from FEA. This offers two main advantages: Firstly, the usage of empirical tuning
parameters to describe the magnetic path can be avoided. Secondly, it is no longer necessary
to derive the torque capability of the machine configurations from the generalized model by
overlap factors as described in [BBD12; Bra13].
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The corresponding pole torque characteristic Tpl (Θpl) is determined by integration of
the pole flux linkage Ψpl (Θpl) curves between the aligned and unaligned position (see
fig. 2.7b). To cover a machine design range of stator outer diameter Dst = 60 – 180 mm and
STPR = 0.59 – 0.77 , nine FEAs were performed for each configuration with a step width
of 60 mm for the parameter Dst, i.e. three FEAs at different STPR for each of the three
outer stator diameter step values Dst = 60 mm, 120 mm and 180 mm. Intermediate values
for stator outer diameter Dst-steps of 5 mm and STPR-steps of 0.005, were determined by
interpolation of the pole flux linkage Ψpl characteristic in the Dst-STPR-plane. For the
total number of about 28 000 geometries, the corresponding pole torque curves Tpl (Θpl)
are stored with the pole flux linkage curves Ψpl (Θpl) in the design database. To make the
designs electromagnetically comparable and limit the size of the database, the stack lengths
are scaled to values so that each geometry features a rotor outer envelope area of 1 m2.

3.2.1 Database Parametrization
As introduced in the previous section, each database entry is defined by four parameters. In
order to describe the detailed stator and rotor cross section defined by a specific database
entry, a standard sizing rule is applied to link the four parameters introduced in the previous
section to the characteristic geometric quantities shown in fig. 3.4 for a radial flux SRG.
The key parameters for this description are the pole arc angles βr and βs for the rotor
and stator, respectively. In combination with the machine radii Rsh, R0, R1, R2 and R3,
describing the shaft, rotor pole ground, rotor pole tip, stator pole ground and stator outer
radius, respectively, the machine is fully described. The air gap length dg is fixed to a value
of 0.7 mm for production tolerance reasons.

βs

τpl,s

hpl,s

R1 + dg R2 R3

bpl,s

wy,s

(a) stator cross section

Rsh R0 R1

wy,r

bpl,r

βr
hpl,r

(b) rotor cross section

Fig. 3.4: Geometry of considered SRG designs and geometric parameters.

The sizing rule employed in this thesis is based on literature recommendations. A general
overview on variations of the main geometric parameters and sizing guidelines can be found
in [Mil93; Kri01; Bra13]. As shown in fig. 3.4, the pole lateral sides are considered parallel
for stator and rotor. The main parameter stator pole arc angle βs is calculated from the
number of stator poles Ns and the stator pole width adjustment factor karc,s by (3.2).
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βs = τpl,s

2 · karc,s = π

Ns
· karc,s (3.2)

In [Mil93] it was stated that the stator pole width adjustment factor karc,s should not
deviate too strongly from a value of one, as this influences the inductance ratio between
aligned and unaligned position, hence, the torque capability. In this work the stator pole
arc adjustment factor is chosen to karc,s = 0.9 as a trade-off between machine efficiency
and torque production [Bra13]. Commonly, the rotor pole arc angle βr is designed slightly
greater than the stator pole arc angle βs, to account for the demagnetization period in the
aligned position and to reduce losses in the rotor [Mil93; Kri01]. However, for the pre-design
stage only the minimum of both values is important as it defines the effective pole overlap
[Bra13]. Therefore, both parameter are set to the same value. The pole width bpl,s is then
directly defined by the trigonometric function (3.3). The rotor pole width bpl,r is calculated
analogously from the rotor pole tip radius R1 and the rotor pole arc angle βr.

bpl,s = 2 · (R1 + dg) · sin(βs

2 ) (3.3)

Beside the width of the poles, the yoke thicknesses wy,s and wy,r of the stator and rotor,
respectively, need to be defined. The yoke thickness influences the machine efficiency by
material saturation as well as the acoustic behavior [Fie07] and a position sensorless rotor
angle acquisition [van12]. A general guideline for the oversizing of the yoke compared to the
stator tooth width bpl,s cannot be given, as this depends on the target application. However,
[Mil93] mentions an oversizing of 20 – 40 % for machines with a number of phases Nph > 1.
For a high efficiency, in this work an oversizing value of 50 % is employed.
Having defined the stator pole arc angle βs and the stator yoke width wy,s, the stator pole

height hpl,s is determined by basic trigonometric relations for fixed values of stator outer
radius R3, rotor pole tip radius R1 and air gap length dg. For the rotor pole height a value of
hpl,r = 0.7 · bpl,r is recommended in [Bra13] to minimize stray flux in the unaligned position,
as [Rad95] suggests no influence on the unaligned inductance above this value.
Applying all before mentioned design rules for a given stator outer diameter Dst, the SRG

cross section design range can be simply described by a variation of the STPR as introduced
in appendix A.1. A small STPR value indicates SRG cross sections with short and wide
stator poles, whereas the stator poles become longer and thinner with increasing STPR as
shown in fig. 3.5.

STPR = 0.60 STPR = 0.65 STPR = 0.70
Fig. 3.5: Influence of the STPR on a (Nph = 2, np = 2) SRG cross section with constant

stator outer diameter Dst. Taken from [Bur+16].
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To fully describe the magnetic behavior, the magnetization characteristic of the material
needs to be defined. In the scope of this thesis, a M330-35A material with datasheet
parameters is employed. The B-H-curve was quadratically extrapolated up to values of 3 T
to cover a wide range of designs. Any effects resulting from 3-D stray flux or the winding
design are neglected in the process of building up the solution database.

3.2.2 Database Discussion
As it is necessary to simulate the flux linkage characteristics of each design sample point, i.e.
solution database entry, the initial calculation of the design database takes an appreciable
computational effort. However, the computations need to be run only once in order to fill
the database with the torque output characteristics of the geometries located in the con-
sidered design range. Additionally, the database can be gradually improved by adding new
configurations or data for an increased diameter range. Organizing the sample geometries in
the database in a contiguous structure with continuous quantities allows for an interpolation
of the torque characteristic of a specific machine configuration. As a result, the database
can be systematically analyzed for the most promising designs for multiple independent sets
of performance requirements, e.g. nominal shaft power Pm,sh and generator speed nSRG,nom.
A side effect of the design database preparation is that several general findings about SRG

configurations can be derived from the FEA flux linkage characteristics. It was already
shown in [Bur+16] that the STPR has a strong impact on the magnetization behavior
and hence torque density φT,act,pl of an SRG, as the aligned and unaligned inductances are
influenced. In fig. 3.6a, it can be observed that for the saturated pole MMF Θpl range the
pole flux linkage Ψpl in the aligned position diminishes with an increasing STPR. This
behavior can be explained with the narrowing and extending stator poles, which cause a
higher drop of the pole MMF Θpl in the stator poles for an increasing STPR. For the
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Fig. 3.6: Influence of STPR on pole flux linkage and pole torque density of a (2,1) SRG.
Stator outer diameter Dst = 120 mm, taken from [Bur+16].
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Fig. 3.7: Variation of the stator outer diameter Dst of a (2,2) SRG configuration with a
constant rotor pole tip radius R1 and width bpl,r.

linear magnetization range, the inductance in the unaligned position increases strongly with
an increasing STPR, similar to a larger karc,s, as discussed in [Mil93]. The effects on the
aligned and unaligned position lead to the torque per volume φT,act,pl dependence on STPR
depicted in fig. 3.6b.
From the basic torque equation (3.1), it is expected that machines with a constant rotor

pole tip radius R1 and rotor pole width bpl,r yield constant torque, as only the rotor volume
is considered. Varying the stator outer diameter Dst along with the stator pole ground
radius R2, could be considered a valid approach to increase the slot area Aslot,st in case of
thermal limitations. Fig. 3.7 shows that the pole flux linkage Ψpl, and consequently the
pole torque Tpl is only independent of the stator outer diameter Dst as long as the machine
is not operated in saturation. Due to the increasing stator pole height hpl,s the length of
the saturated iron increases, once the saturation flux density Bs is reached. Hence, for a
given rotor only extending the stator teeth to obtain a larger winding area Aw in case of
thermal limitations, does not lead to an optimal design. In general, it can be stated that for
a given pole MMF Θpl short-poled geometries achieve a higher torque per working stroke
than designs with long and narrow poles.
Another finding concerns the comparison of machines with an equal number of stator

poles Ns but a differing number of rotor poles Nr, and consequently a different number of
phases Nph. This comparison is shown for four configurations in fig. 3.8. It can be seen
that in the unaligned position and at a constant pole MMF Θpl the pole flux linkage Ψpl of
the 2-phase configurations is lower than the associated higher phase machine. As the pole
flux linkage Ψpl in the aligned position is nearly identical, only influenced by the shorter
yoke length in the 2-phase configuration, this leads to an increased pole torque-per-MMF
Tpl/Θpl in the 2-phase configurations. A comparison considering the machine output torque,
however, is not directly possible, as the electric base frequency fel of the compared machines
differs. Hence, beside the Tpl/Θpl value also the remaining frequency dependent eddy-current
copper losses Pl,cu,eddy and iron losses Pl,fe need to be taken into consideration.
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Fig. 3.8: Comparison of machines with a number of phases Nph = 2 against machines

with Nph > 2 and the same number of stator poles Ns.

3.3 Application Dependent Design Choice
In the solution database depicted in fig. 3.2, the normalized pole torque capability Tpl (Θpl) of
28 000 machine geometries together with the corresponding cross sections are available. The
next design step is to filter these potential solutions with application dependent requirements
and limitations, as shown on the right in fig. 3.2.
The required nominal machine torque Ttot,nom is specified by the nominal shaft power

Pm,sh and generator speed nSRG,nom. Mechanical limitations, such as the maximal allowed
shear stress on the shaft, directly exclude certain designs with a too small shaft radius Rsh.
Having set the required nominal machine output torque Ttot,nom, for each configuration

quadruple (Nph,np,Dst,STPR) the required stack length Lstk could already be determined.
However, as shown in fig. 3.6b, increasing the pole MMF Θpl evidently also increases the
volumetric torque density φT,act,pl and consequently reduces the required stack length Lstk
at a constant stator outer diameter Dst. To chose a suitable pole MMF Θpl, in a first
step, the thermally permitted maximal current density Jth,max of each design quadruple
needs to be specified. In this work, the heat transfer capability from the windings to the
water-cooling jacket is evaluated already at this early design stage by an LPTN for every
design quadruple. Setting up the LPTN, as described in section 3.3.1, requires further
specification of the winding geometry as well as an analytical loss evaluation. The losses
are also influenced by the electric configuration, i.e. the control scheme and consequently
the phase current iph, as described in section 3.3.2.
Having specified the thermally permitted maximal current density Jth,max and conse-

quently the peak pole MMF Θpl,pk, one STPR is chosen for each design triple (Nph,np,Dst)
based on a certain decision criterion. This criterion could be the minimal active material
volume Vact or an efficiency optimization. Two exemplary criteria are presented in sec-
tion 3.3.4 together with the corresponding decision process. The decision is repeated for
each database entry and visualized over the chosen diameter and configuration range. A
generic pre-design discussion is presented in section 3.3.5.

29



3 Solution Space Based Pre-Design

3.3.1 Thermal Design Aspects
The classic approach to compare different machine configurations is to set a fixed current
density in the coils from experience or literature. In that case, the power density only de-
pends on the cooling method and the available coil area [HM94; Bra13]. This approach
allows a quick comparison, as no calculation of the losses or the specific heat transfer to
the cooling medium is required. However, [MRT91] already showed that varying the wind-
ing shape results in a changing contact area between the coil and the stator iron, hence,
influencing the thermal contact resistances. Therefore, presuming a fixed thermally per-
mitted maximal current density Jth,max for the complete design database might lead to
erroneous conclusions about the heat transfer capability of different machine configurations.
Especially, the strongly varying pole shapes, exemplarily shown in fig. 3.5, lead to this
assumption.
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Fig. 3.9: Thermal network of half a stator pole, employed to calculate the thermally
permitted maximal current density Jth,max. Based on [Bur+16].

To set the comparison on a equal thermal basis, the thermally permitted maximal current
density Jth,max for a given maximal coil temperature ϑcoil,max is calculated for each database
quadruple with the help of the LPTN shown in fig. 3.9. This 2-D LPTN was derived from
models described in [MRT91] and [QSD14]. Due to the geometric symmetry in the radial
and tangential direction, it is sufficient to set up the LPTN for the half of a stator pole pitch
τpl,s including the coils and the stator frame. Thermal steady state conditions are assumed,
which cancels out the influence of thermal capacitances. Furthermore, the axial heat flow
is neglected. The heat removal from the SRG windings occurs in the form of a forced liquid
cooling. This allows considering the machine water jacket temperature ϑjacket to be constant
and equal to the coolant temperature.
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3.3 Application Dependent Design Choice

Introducing an LPTN as shown in fig. 3.9 demands for space resolved heat sources. For
simplicity in the pre-design step all heat sources other than the copper losses Pl,cu,ac occurring
in the copper coils, i.e. the iron core losses Pl,fe and mechanical losses Pl,m, are neglected.
This may give the impression of an overly simplified modeling of the heat dissipation all the
more as the iron core losses Pl,fe represent a substantial loss part, especially at high generator
speeds nSRG and electric base frequencies fel. However, the MotorCAD simulations performed
in section 4.2.3 suggest that at a constant electric base frequency fel and generator speed
nSRG, neglecting the frequency dependent iron core losses Pl,fe and mechanical losses Pl,m,
leads to a constant reduction of the coil hot spot temperature ϑcoil,hs. Therefore, these losses
are considered by a reduced maximum coil temperature ϑcoil,max in the pre-design stage.
This implementation allows for a valid comparison of machine configurations with an

equal electric base frequency fel. As in the final application an increased fel would also
imply a reduced machine efficiency ηmach, this simplification is acceptable for the aimed
purpose of this thesis.
Limiting the 2-D-LPTN to only one heat source in the copper coils and one heat sink in

the form of a water-cooling jacket, the given resistive network in fig. 3.9 can be reduced by
application of standard network theory rules. The heat source P ′l,coil,hpl causes a temperature
rise ∆ϑjacket,coil in the coils compared to the water-cooling jacket temperature ϑjacket due to
the thermal resistance of the half of a stator pole pitch R′th,st,hpl as described in (3.4).

∆ϑjacket,coil = ϑcoil − ϑjacket = P ′l,coil,hpl ·R′th,st,hpl (3.4)

The stack length Lstk related coil losses of half a stator pole P ′l,coil,hpl can be expressed by
(3.5) with aid of the specific copper resistivity %sp,cu, the copper area Acu on both lateral
sides of one stator pole and the effective current density in the copper conductors Jeff for
a specific torque Ttot,nom. The determination of the effective current density Jeff is further
specified in section 3.3.2.

P ′l,coil,hpl = Acu

2 · Jeff
2 · %sp,cu (3.5)

Replacing ϑcoil by the maximum coil temperature ϑcoil,max in (3.4) and inserting (3.5)
leads to (3.6). This equation links the geometry dependent copper area Acu and thermal
resistance R′th,st,hpl with a thermally permitted maximal current density Jth,max. The latter
is the limit for a possible effective current density Jeff , and consequently peak pole MMF
Θpl,pk, of a certain design quadruple in the database.

Jth,max =
√√√√ ϑcoil,max − ϑjacket

1/2 · Acu · %sp,cu ·R′th,st,hpl
(3.6)

Winding Design

Due to concentrated windings and the lack of pole shoes, SRG can be produced with pre-
formed coils as well as wound directly on the machine teeth. Preformed coils are pre-
produced on a dummy, often compressed, and slipped on the teeth afterwards. Both pro-
duction schemes come in hand with slightly differing geometric boundaries for the coil spacer
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3 Solution Space Based Pre-Design

dcsp and gap spacer dgsp as shown in fig. 3.10 as well as production limitations. These bound-
aries lead to differing slot fill factors fslot, which describe the ratio between the winding area
Aw that can be filled by copper, and the available slot area Aslot,st. In consequence, different
thermal heat transfer characteristics, arising from the varying contact lengths in tangential
and radial direction, have to be expected.
The available effective copper area Acu finally depends on the number of turns per pole

Nw,pl, the wire diameter dw and the wire insulation thickness dins,w as well as the slot liner
thickness dins. Assuming that the rectangular winding area Aw is filled with wires of a
diameter dw, as shown in fig. 3.10a, an effective copper fill factor fcu of approximately 75 %
can be achieved. The theoretical maximum for such a winding without insulation is 82.9 %,
whereas 90.7 % are attainable neglecting border effects. For wound-in coils, the copper fill
factor fcu is below 50 %. Hence, while the winding area Aw is larger for wound-in coils
(see fig. 3.11a), the advantage is eliminated over a wide range of STPR due to the reduced
copper fill factor fcu. Fig. 3.10c shows this comparison for a copper fill factor fcu = 50 % and
75 % for wound-in and preformed coils, respectively. While in preformed coils the copper
fill factor fcu can still be slightly increased by compression, for wound-in coils fcu = 50 % is
already an optimistic assumption.
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Fig. 3.10: Geometric implications of winding production schemes considered in this
thesis.

Evaluation of Geometric Effects on the Thermal Resistance

For an exemplary evaluation of the thermally permitted maximal current density Jth,max and
the thermal resistance R′th,st,hpl the parametric assumptions listed in table 3.2 were made.
This presumes, that the winding area Aw is utilized to its maximum and the compound of
copper wire and insulation material has a orthotropic thermal conductivity.
Fig. 3.11a shows the effect of the STPR on the slot fill factor fslot for the two winding pro-

duction schemes discussed in the previous section. For wound-in coils, fslot is monotonically
increasing with STPR and decreasing with the number of stator poles Ns. For preformed
coils, the slot fill factor fslot shows a clear maximum, which shifts to smaller STPR with
increasing number of stator poles Ns.
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paramerter value
coil spacer and gap spacer dcsp = dgsp 0 mm

insulation slot liner thickness dins 0.2 mm
copper fill factor fcu 0.65

heat transfer coefficient stator to jacket αst,j 1.057 · 103 W/m2K
thermal conductivity stack lamination λst 20 W/(mK)

thermal conductivity insulation slot liner λins 0.114 W/(mK)
thermal conductivity insulating resin λresin 0.2 W/(mK)

thermal conductivity copper resin compound λcoil 0.8 W/(mK)
water-cooling jacket temperature ϑjacket 60 ◦C

maximum coil temperature ϑcoil,max 110 ◦C

Table 3.2: Parametrization of LPTN for analysis of geometric effects.

Fig. 3.11b shows the influence of the STPR on the different heat paths from the coil to
the cooling jacket in the employed LPTN for the green (2,2) configuration in fig. 3.11a. The
resistances are added up for the different machine sections to convey a better understanding.
These paths are partially in parallel, explaining the fact that they do not add up to the total
thermal stator resistance R′th,st. From fig. 3.11b it becomes clear that the yoke R′th,y and
contact resistance R′th,j have a very small impact on the total thermal stator resistance R′th,st.
At a low STPR, the total thermal stator resistance R′th,st is dominated by the thermal coil
resistanceR′th,c, while at larger STPR this shifts to the pole path due to the increasing length
hpl,s and decreasing thickness bpl,s of the stator pole. In sum, it can be stated that the STPR
has more effect on preformed coils than on wound-in coils. For this specific configuration
R′th,st,hpl varies within a 10 % range over the complete investigated STPR range. Fig. 3.12
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depicts the total thermal stator resistance R′th,st and the resulting thermally permitted
maximal current density Jth,max for different machines over a wide stator outer diameter
Dst range. Fig. 3.12a shows that for various configuration triples (Nph,np,Dst) the total
thermal stator resistance R′th,st is influenced by the STPR in a different manner. While
for the (2,1,90) configuration, R′th,st increases by 20 % from the minimal to the maximal
STPR, for the (3,2,90) configuration it decreases by 22 %. Also between configurations of a
constant stator outer diameter Dst, the total thermal stator resistance R′th,st varies strongly.
Exemplarily, this can be observed for the (3,1,120) and the (2,1,120) configuration, with the
latter showing a reduced R′th,st by 19 % at a STPR = 0.65. Combined with the copper area
Acu as described in (3.6) and the temperature limits from table 3.2, a decreasing thermally
permitted maximal current density Jth,max over the STPR and stator outer diameter Dst
is obtained (see fig. 3.12b). Therefore, it is not correct from a physical point of view to
assume a constant current density over a wide range of STPR, outer stator diameters Dst
and machine configurations of number of phases Nph and pole pairs np, as it is conventionally
done in literature [KAL88; HM94; BBD12].
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Fig. 3.12: Influence of STPR on stator thermal resistance R′th,st and thermally permitted
maximal current density Jth,max for different configurations and stator outer
diameters Dst with preformed windings. Dst indicated next to lines in mm.

3.3.2 Electric Aspects
To achieve an application dependent machine torque Ttot,nom, each design in the database
requires a certain effective current density Jeff (Ttot,nom). The effective current density Jeff
(Ttot,nom) needs to be compared to the value resulting from (3.6) in order to filter the database
for valid designs with respect to the thermally permitted maximal current density Jth,max.
The link between the effective current density Jeff and the torque characteristic is created by
expressing Jeff in terms of the peak pole MMF Θpl,pk with (3.7). For idealized rectangular
current waveforms, the duty cycle kd is defined by (3.8) only by the geometric quantities
number of rotor poles Nr and stator poles Ns as well as the stator pole width adjustment
factor karc,s. This relation describes the fraction of time during which the peak pole MMF
Θpl,pk is applied to the coil during one revolution. The correction factor kd,cor equals to one
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3.3 Application Dependent Design Choice

in this case. Deviations from the idealized rectangular current profile are discussed below.
The copper loss correction factor kcu in (3.7) accounts for the frequency dependent eddy-
current copper losses Pl,cu,eddy in relation to the dc copper losses Pl,cu,dc as described by (3.9).
Depending on the wire diameter dw and the electric base frequency fel, these eddy-current
copper losses Pl,cu,eddy can account for the majority of the total copper losses Pl,cu,ac [Car08;
Ral+17] and will be investigated in detail in section 4.1.1 for the nominal operation point
as well as for variable speed operation in section 5.1.1.

Jeff = Θpl,pk · kd
1/2 · Acu

· kcu (3.7)

kd = kd,cor ·
√

Nr

2 ·Ns
· karc,s (3.8)

kcu =
√

1 + peddy,woEw (3.9)

As mentioned in section 2.2, an SRG can be be operated for drive efficiency ηdrive reasons in
SPC rather than HCC (see fig. 2.7). During the pre-design stage, a current profile deviating
from HCC current can be accounted for by the before mentioned duty cycle correction factor
kd,cor and a torque derating factor dt. dt describes the ratio between the effectively used
coenergy loop Wco and the maximum available coenergy loop Wco,max at a certain peak pole
MMF Θpl,pk (3.10). Wco,max is exemplarily depicted by the green dashed line for SPC in
fig. 2.7b.

dt = Wco

Wco,max

∣∣∣∣∣
Θpl,pk=const

(3.10)

The duty cycle kd and torque derating factor dt are depicted in fig. 3.13 for a wide range of
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Fig. 3.13: Influence of the number of turns per pole Nw,pl on the duty cycle factor kd and
torque derating factor dt for different SRG configurations at Dst = 150 mm.
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number of turns per pole Nw,pl for several machine configurations at a constant stator outer
diameter Dst. At low numbers of turns per pole Nw,pl, the duty cycle kd has approximately
the value expressed by (3.8) with a correction factor kd,cor = 1. These values are depicted
in fig. 3.13a by dashed lines. At number of turns per pole Nw,pl = 30 – 40 , where the
current takes a single pulse shape, the duty cycle kd drops from kd,cor = 1 to approximately
kd,cor = 0.9. From this point on, the duty cycle correction factor kd,cor rises monotonically
for increasing Nw,pl. A duty cycle correction factor kd,cor = 1 is reached again at the point
where the SRG is operated in CCM.
The torque derating factor dt decreases monotonically with an increasing number of turns

per pole Nw,pl. For a number of turns per pole Nw,pl = 30 – 40 , where the current takes
a single pulse shape, the negative gradient of the torque derating factor dt increases. Sim-
ulations with more number of turns per pole Nw,pl-steps showed a torque derating factor
dt = 0.75 at the point where single pulse operation starts for all considered configurations.
Also configurations with the same number of pole pairs np show similar values and gra-
dients of the torque derating factor dt at a constant number of turns per pole Nw,pl, e.g.
configuration (3,2) and (2,2).
For any control scheme at nominal operation point (HCC,SPC,CCM, see fig. 2.7a) a duty

cycle correction factor kd,cor = 1 is a valid worst case assumption. This maximizes the
effective current density Jeff for a certain peak pole MMF Θpl,pk. The torque derating factor
linearly decreases with an increase in the number of turns Nw,pl, as the effectively used
coenergy loop Wco remains constant, but the maximum available coenergy loop Wco,max
increases. Between an idealized rectangular current waveform at a number of turns per pole
Nw,pl = 1 and the point where SPC is applied, a linear reduction of torque derating factor
dt from 1 to 0.75 is advised, based on the simulation results depicted in fig. 3.13b.

3.3.3 Mechanical and Economical Aspects
Mechanical and economical aspects are not of main interest in this thesis. In the scope
of the pre-design, two aspects are considered from the mechanical point of view. Firstly,
the minimal shaft radius Rsh is deduced from the allowed shear stress of the employed shaft
material. All designs, which do not meet this requirement are excluded from the comparison.
Secondly, the windage losses Pl,wind in the air gap require an increased machine stack length
Lstk to meet the input power Pm,sh requirement. The windage losses Pl,wind are calculated
for each design by the analytical approach proposed in [Vra68]. The economical aspects of
a certain machine design are only based on the material costs of the iron core, copper wires
and shaft. Production costs and auxiliary devices, such as housing, additional sensors and
bearings, are assumed to be constant for all machines of one set of application parameters
and, therefore, neglected.

3.3.4 Comparison Criteria
All design quadruples (Nph,np,Dst,STPR) stored in the solution database are evaluated
under the application specific thermal, electrical, mechanical and economical boundary con-
ditions described in the previous sections. Subsequently, the optimal STPR is found with
respect to an application dependent optimization goal for each design triple (Nph,np,Dst).
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Based on the optimization goal and all optimal quadruples found that way, relevant design
quantities, such as the stator stack length Lstk, the active material volume Vact or the ma-
terial cost, are derived for the entirety of the design triples (Nph,np,Dst). In a last step,
the resulting dataset is used to visualize characteristic machine parameters over the whole
investigated design range. To determine the meaning of optimal in this context, a com-
parison criterion needs to be set. Within this work, the two criteria Maximum Volumetric
Torque Density and Torque-per-Θpl Peak-Point Derating were implemented and are
explained in detail in the following.

Maximum Volumetric Torque Density

It can be shown that the volumetric torque density φT,act,pl of the active material can be
directly derived from the normalized torque characteristic if the winding overhangs are
neglected [BBD12]. For any SRG design, the φT,act,pl (Θpl,pk) curve strictly rises with the
applied peak pole MMF Θpl,pk as exemplarily shown in fig. 3.6b. To find the STPR with
the maximum volumetric torque density φT,act,pl for a certain design triple (Nph,np,Dst), it is
thus necessary to determine the maximal permitted thermal current Jth,max for each STPR.
Fig. 3.14 exemplarily illustrates how the optimal STPR in terms of the volumetric torque

density φT,act,pl of one design triple (Nph,np,Dst) is found. In the left part of fig. 3.14,
the thermally permitted maximal current density Jth,max for all STPR of a (3,2,120 mm)
configuration is depicted. The curve is determined with the help of the LPTN as described
in section 3.3.1. In the right part, the corresponding φT,act,pl curves are depicted over the
effective current density Jeff for four exemplary STPR. These curves are determined from
the φT,act,pl (Θpl) curves stored in the database, by substitution of Θpl with the help of (3.7)
as described in section 3.3.2.
Combining the left and the right part of fig. 3.14, as shown by the dashed lines for the

four exemplary STPR, the maximal torque density φT,act,pl of each STPR is found. In
the given example of a (3,2,120 mm) configuration, the STPR = 0.63 features the highest
torque per active volume φT,act,pl. On the first view, this seems to be in contradiction to
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Fig. 3.14: Determination of optimal STPR for Maximum Volumetric Torque Density.
SRG configuration (3,2,120 mm), ϑjacket = 60 ◦C, ϑcoil,max = 110 ◦C.
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the finding in section 3.2.2, stating that the lowest STPR show the highest torque densities
φT,act,pl. The reason can be seen in fig. 3.10c. As the available copper area Acu decreases
with decreasing STPR, the effective current density Jeff increases for a constant pole MMF
Θpl. The example outlines the importance to consider both thermal and electric aspects in
the pre-design process. The same procedure is repeated for each design triple (Nph,np,Dst)
in the solution database.

Torque-per-MMF Peak-Point Derating

One approach to efficiently operate electric machines is to operate them in the point of
maximum torque per current. Applied to SRG, the pole torque curves Tpl (Θpl) stored in
the solution database are divided by the corresponding pole MMF Θpl. In the next step,
the Θpl is substituted by Jeff with the help of (3.7) as described in section 3.3.2. Due to
the saturation of the iron core, the resulting curves, exemplarily depicted for four STPR
of a (2,1,120 mm) configuration in fig. 3.15, show a characteristic maximum. Analyses
conducted in [BBD12] showed that the peak pole MMF Θpl,pk values for an operation with
the maximum machine efficiency ηmach corresponded to pole torque-per-MMF Tpl/Θpl-ratios
located slightly below the characteristic maximum of the pole torque-per-MMF Tpl/Θpl-curve.
The derating can be expressed by a torque-per-MMF derating factor dderate as described in
(3.11) and ranges between 3% and 10%. As the volumetric torque density φT,act,pl increases
monotonically with the effective current density Jeff , the derated peak-point in the Tpl/Θpl-
curve is a compromise between efficiency and maximum torque density.

design (Tpl/Θpl) = dderate ·max (Tpl/Θpl) (3.11)

With the help of fig. 3.15 the effective current density values for the design (Tpl/Θpl)-
points are determined. Those geometries with an effective current density Jeff exceeding
the thermally permitted maximal current density Jth,max (see (3.6)) are excluded from the
further evaluation. The remaining thermally valid geometries are compared with each other
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Fig. 3.15: Tpl/Θpl derating with dderate = 0.95.
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to find the STPR providing the maximum design (Tpl/Θpl) of the pole torque-per-MMF ratio
Tpl/Θpl. In the given example, the geometry with STPR = 0.67 yields the highest value for
the Tpl/Θpl peak-point derating. The resulting effective current density Jeff is then used to
determine the volumetric torque density φT,act,pl, and consequently the required stack length
Lstk. This procedure is analogously applied to the other configuration triples (Nph,np,Dst)
in the solution database.

3.3.5 General Pre-Design Result Discussion
To visualize the effect of SSBPD, the outlined approach was applied to the solution space
from section 3.2 for an application with the specifications listed in table 3.3. The complete
solution space of approximately 28 000 geometries, with the stator outer diameter Dst range
and configurations as depicted in fig. 3.3, was considered. The LPTN was parametrized
as described in table 3.2. Additionally, from the discussion of the electric aspects in sec-
tion 3.3.2, a torque derating factor dt = 0.75 for SPC is assumed. Frequency dependent
copper losses Pl,cu,eddy are taken into account with a copper loss correction factor kcu = 1.5,
iron core losses Pl,fe are considered by the reduced maximal coil temperature ϑcoil,max as
discussed in section 3.3.1. The frequency dependent losses are assumed constant for all
configurations, which can be considered as an advantage for configurations with higher
number of pole pairs np, hence electric base frequency fel. The comparison is performed for
the two optimization criteria, Maximum Volumetric Torque Density and Torque-per-Θpl
Peak-Point Derating. For the latter a torque-per-MMF derating factor dderate = 0.95 is
assumed.

Symbol Value
output power Pm,sh 20 kW
nominal speed nsh 25 000 rpm

torque derating factor dt 0.75
copper loss correction kcu 1.5

torque-per-MMF derating factor dderate 0.95

Table 3.3: Application specifications for the exemplary pre-design discussion.

In fig. 3.16, the resulting active material volumes Vact and weights mact for an optimiza-
tion criterion Maximum Volumetric Torque Density over a wide range of the stator outer
diameter Dst are depicted. Both parameters, Vact and mact, show a similar behavior over the
investigated stator outer diameter Dst range. At lower stator outer diameters Dst, config-
urations with fewer stator poles show a lower active material volume Vact and weight mact.
Comparing 2-phase configurations, for a stator outer diameter Dst > 105 mm, the (2,3)
configuration shows a lower active material volume Vact than the (2,2) configuration. In
terms of the active material weight mact, the (2,3) configuration shows values similar to the
(2,2) configuration for a stator outer diameter Dst > 110 mm. The (2,1) configuration, with
again fewer stator poles, would only show a reduced volume and weight compared to the
(2,2) configuration for stator outer diameters Dst < 60 mm, which is outside the investigated
diameter range of the solution database. A similar behavior can be observed for the 3-phase
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Fig. 3.16: Comparison of the active material volume Vact and mass mact.

application specifications: table 3.3; optimization criterion: Maximum
Volumetric Torque Density

configurations (3,1) and (3,2). The (3,2) configuration shows a lower active material volume
Vact for stator outer diameters Dst > 90 mm, while a lower active material weight mact can
be observed for Dst > 115 mm.
The frequency dependent copper Pl,cu,eddy and iron losses Pl,fe are assumed to be constant

as mentioned before. This can be considered a valid assumption for machines with similar
number of rotor poles Nr, hence constant electric base frequency fel (see (2.4)), e.g. for
the (2,2) and (3,1) configurations. Investigating fig. 3.16 again, it can be seen, that at any
stator outer diameter Dst the (2,2) configuration shows a lower active material volume Vact
and weight mact compared to the (3,1) configuration. The same relation can be observed for
the (2,3) and the (4,1) configuration. In terms of the volumetric torque density φT,act and
power density φP,act, generally higher values can be found in 2-phase machines at a constant
electric base frequency fel.
To analyze the effect of the LPTN in more detail, fig. 3.17a depicts the resulting thermally

permitted maximal current density Jth,max for the results from fig. 3.16 in the range of
a stator outer diameter Dst = 120 – 140 mm. The thermally permitted maximal current
density Jth,max increases with the number of stator poles Ns defined by (2.1). Configurations
of the same number of stator poles Ns, i.e. (2,2) and (4,1), show a comparable thermally
permitted maximal current density Jth,max as only the stator cross section defines this value.
Finally, fig. 3.17 compares the results from fig. 3.16a with results for a constant thermally

permitted maximal current density Jth,max in a range of the stator outer diameterDst = 120 –
140 mm. Jth,max was chosen to a value of 11 A/mm2, stated in literature [Car08; Bra13] as
reasonable for water jacket cooled machines. Obviously, the LPTN limits the thermally
permitted maximal current density Jth,max to much lower values. Generally, this results in
higher active material volumes Vact.
More important for the pre-design comparison approach are two other findings. Firstly,

the relative reduction of the active material volume Vact over the stator outer diameter
Dst is lower in fig. 3.17b compared to fig. 3.17c. This behavior is directly linked to the
diminishing thermally permitted maximal current density Jth,max over the stator outer di-
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Fig. 3.17: Comparison of the active material volume Vact for a Jth,max derived from an
LPTN (left) and a constant value for Jth,max (right).

application specifications: table 3.3; optimization criterion: Maximum
Volumetric Torque Density

ameter Dst shown in fig. 3.17a in contrast to a fixed value. Therefore, increasing the stator
outer diameter Dst becomes less advantageous in terms of a relative reduction of the ac-
tive material volume Vact than expected when presuming a constant value for the thermally
permitted maximal current density Jth,max. Secondly, for a given stator outer diameter
Dst the thermal modeling affects the ranking order when sorting the configurations accord-
ing to the corresponding active material volumes Vact. When Jth,max is derived from the
LPTN, the (2,2) configuration, for example, shows a lower active material volume Vact at
a stator outer diameter Dst = 140 mm than the (3,1) configuration. This is inversed for a
fixed thermally permitted maximal current density Jth,max = 11 A/mm2 as can be seen from
fig. 3.17c. Again, the reason can be found in fig. 3.17a. At a constant stator outer diameter
Dst the thermally permitted maximal current density Jth,max for the (3,1) configuration is
approximately 1 A/mm2 lower than for the (2,2) configuration.
It can be summarized, that considering a geometry dependent LPTN has a significant

effect on the thermally permitted maximal current density Jth,max as already discussed in
section 3.3.1. Compared to a constant Jth,max, the resulting variable Jth,max leads to strongly
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Fig. 3.18: Volume of the active material Vact for different machine configurations for
Torque-per-Θpl Peak-Point Derating and dderate = 0.95.

differing results in terms of a minimal active material volume Vact. Especially, when many
machine configurations are compared over a wide range of stator outer diameter Dst, a
constant thermally permitted maximal current density Jth,max could mislead a designer in
an early pre-design stage with respect to the achievable torque density φT,act,pl as well as
the most advantageous machine configuration.
Finally, fig. 3.18 depicts results for the set of parameters from table 3.3 for a

Torque-per-Θpl Peak-Point Derating with dderate = 0.95. The thermally permitted max-
imal current density Jth,max is derived again with the help of the LPTN. No solutions are
found for small stator outer diametersDst for certain configurations. For these configurations
the effective current density Jeff is larger than the thermally permitted maximal current den-
sity Jth,max at the design (Tpl/Θpl) point. As discussed in section 3.3.4, the Torque-per-Θpl
Peak-Point Derating optimization criterion is a compromise between efficiency and torque
density φT,act,pl. The penalty in terms of the active material volume Vact can be determined
by exemplarily comparing fig. 3.18 with fig. 3.17b. For a stator outer diameterDst = 130 mm
the (2,2) configuration features an active material volume Vact increased by 30 % compared
to the corresponding design with a Maximum Volumetric Torque Density.

3.4 Prototype Machines
To verify and support the theoretical analysis, three different generators were designed,
built and evaluated in the course of this thesis for the two scenarios introduced in sec-
tion 2.1.2. Preliminary considerations with the analytical tool PC-SRD as well as selected
coupled FEA are performed to narrow down the design range (configuration, nominal gen-
erator speed nSRG,nom) in a first step. One of the three generators was designed using an
iterative optimization process, as described in [BBD12; Bra13], for the low speed scenario
(see section 2.1.2.1). The other two generators were developed with the help of the SSBPD
approach, described in the previous sections of this chapter, for the high-speed scenario (see
section 2.1.2.2). The designed prototypes are afterwards employed to validate the SSBPD
approach and to asses the potential of the SRG technology for REX in chapter 4. The pro-
totypes considered in the further analysis are renamed as indicated in section A.2.1, as in
the detailed analysis the number of turns per pole Nw,pl is an important design parameter.
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3.4.1 Low-Speed Scenario Generator
An iterative design approach as presented in [BBD12] is most suitable for the low-speed
scenario, as the envelope volume and nominal speed nSRG,nom of the generator are defined in
advance (see table 2.1). However, due to the time consuming iterative approach the choice
of configurations has to be limited by preliminary considerations.
The fixed design parameters (stator outer diameter Dst, stack length Lstk, nominal gener-

ator speed nSRG,nom) suggest the use of a fixed thermally permitted maximal current density
Jth,max for this design. However, the general discussion in section 3.3.5 showed much lower
possible thermally permitted maximal current density Jth,max based on the LPTN, than the
12 A/mm2 proposed in literature [Car08; Bra13]. Therefore, the machines are designed to
meet the required stack length Lstk with the lowest possible effective current density Jeff .
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Fig. 3.19: End-winding dc-resistance Rdc,ph,Ew in relation to the Rdc,ph,woEw.
pancake: Dst/Lstk = 3.5, cube: Dst/Lstk = 1.75

The design boundaries in table 2.1 require a short stack length Lstk compared to the
stator outer diameter Dst. This fact leads to the following general design considerations.
Machines with a large stator outer diameter Dst and a short stack length Lstk, sometimes

referred to as pancake design, suffer from the end-winding size. The end-windings are the
winding overhangs at both machine ends, which may form a large part of the whole axial
length of the machine, compared to the stack length Lstk of the iron core in such pancake
designs. This results in high copper losses Pl,cu,dc,Ew (see (2.20)), which do not contribute to
the electromagnetic energy conversion. Fig. 3.19 shows the ratio of Rdc,ph,Ew to Rdc,ph,woEw
for a pancake (Dst/Lstk = 3.5) and a cube (Dst/Lstk = 1.75) shaped 2-phase machine over the
number of pole pairs np. The ratio between the additional Rdc,ph,Ew and the stack length
related Rdc,ph,woEw diminishes with the number of pole pairs np. For the designs investigated
in fig. 3.19 it is more than twice as high for the pancake shaped compared to the cube shaped
machine. Apart from the findings in fig. 3.19, which illustrates the influence on the dc copper
losses Pl,cu,dc, the number of pole pairs np also defines the electric base frequency fel (see (2.2)
and (2.4)), which is linked to the frequency dependent eddy current copper losses Pl,cu,eddy
and iron core losses Pl,fe. The machine efficiency ηmach will be influenced in a negative way
by an increased number of pole pairs np if the gained positive effect of a lower end-winding
resistance Rdc,ph,Ew and active material volume Vact (see fig. 3.16) is compensated by the
increased frequency dependent losses.
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(2,2) (2,3)
prototype name LS2ph2p68N LS2ph3p60N
phase rms current Iph,rms 100 A 118 A
current density Jeff 11.2 A/mm2 9.8 A/mm2

active material weight mact 14.6 kg 14.5 kg
generator efficiency ηmach 94.4 % 93.8 %

Table 3.4: Analytical design results for an iterative machine design for the low-speed
scenario retrieved with the algorithm proposed in [BBD12; Bra13].

To overcome the negative effects of the increased electric base frequency fel at higher
number of pole pairs np the designer can make use of the following influencing factors. The
type of iron material has an impact on the iron core losses Pl,fe. It will be discussed in
detail in section 4.1.2, how higher-grade materials allow higher electric base frequencies fel
without a significant reduction of machine efficiency ηmach. Another key factor is the dc-link
voltage udc, as it defines the possible number of turns per pole Nw,pl and, consequently, the
exploitable winding area Aw without strong increase in eddy-current copper losses Pl,cu,eddy,
as will be discussed in detail in section 4.1.1.
After the preliminary considerations in this section and section 2.1.2.1, the iterative design

process from [BBD12; Bra13] was used to derive a (2,2) and a (2,3) machine design that fulfill
the design specifications from table 2.1 with the lowest possible effective current density Jeff .
The resulting reference parameters of these two machine designs are shown in table 3.4. The
primary design parameters active material weight mact and machine efficiency ηmach for both
designs only differ slightly. The (2,2) machine has a smaller root mean square (RMS) current
Iph,rms = 100 A compared to the (2,3) design with 118 A. However, the resulting current
density Jeff = 11.2 A/mm2 is greater than of the (2,3) design (9.8 A/mm2).
As the shown reference parameters cannot be used for a clear decision, the acoustic

behavior is considered in this case. Due to the increased electric base frequency fel, the (2,3)
machine offers a lower harmonic density compared to the (2,2) machine, hence, a beneficial
acoustic behavior is expected for the (2,3) configuration based on literature [Fie07]. This
expectation will be discussed in section 4.3, with the help of surface velocity vsurf simulations
at the nominal operation point. All machine parameters of the final (2,3,220) and (2,2,220)
configuration can be found in table A.2 and table A.6, respectively.

3.4.2 High-Speed Scenario Generator
The SSBPD introduced in this chapter is most suitable for the high-speed scenario, as
the machine envelope volume as well as the nominal generator speed nSRG,nom can be freely
chosen. However, an increased nominal generator speed nSRG,nom and electric base frequency
fel (see (2.4)) affects the machine efficiency ηmach. As long as these effects are not precisely
modeled in the SSBPD, the nominal generator speed nSRG,nom and configurations need to
be narrowed down by preliminary considerations comparable to the low-speed scenario.
The effect on the generator efficiency ηmach and the machine active parts volume Vact are

shown in fig. 3.20 for a (2,2) machine configuration retrieved from PC-SRD. Each design,
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Fig. 3.20: Effect of the nominal generator speed nSRG,nom on the machine efficiency ηmach

and active material volume Vact of a (2,2) machine configuration.
Pm,sh = 20 kW, design process: [BBD12], simulation software: PC-SRD

at a certain nominal generator speed nSRG,nom, was chosen with the help of the design
process proposed in [BBD12] and a constant maximal permitted thermal current density
Jth,max = 12 A/mm2. It is important to keep in mind that PC-SRD completely neglects
frequency dependent eddy-current copper losses Pl,cu,eddy in the stator coils. In this case, a
nominal speed nSRG,nom up to 37.5 krpm offers an active material volume Vact reduction by
a factor four, limiting the efficiency reduction to about 2 pp.
A more detailed look at the speed range from 20 to 30 krpm for three configurations is

taken in fig. 3.21. The (3,1) and (3,2) configuration are added to the discussion due to their
reduced torque ripple (see section 2.1.2.2). Each design for a certain nominal generator
speed nSRG,nom was again chosen with the help of PC-SRD and the design process proposed
in [BBD12] and a constant maximal permitted thermal current density Jth,max = 12 A/mm2.
Neglecting eddy-current copper losses Pl,cu,eddy and employing a M330-35A iron core ma-

terial, the (3,2) configuration shows a lower machine efficiency ηmach by 4 – 5 pp compared to
the (2,2) and (3,1) configuration, which is due to the doubled electric base frequency fel. As
a constant maximal permitted thermal current density Jth,max was assumed, the (3,2) con-
figuration results in the lowest active material weight mact, as expected from section 3.3.5.
However, at nSRG,nom = 30 krpm the (3,1) configuration shows a comparable active material
weight mact. The (2,2) configuration shows an active material weight mact approximately
0.75 kg higher than the (3,1) configuration over the complete speed range. This ranking
order based on the active weight is expected to be reversed, if the thermal behavior of the
stator is included in the design process by the LPTN (see fig. 3.17).
A coupled FEA, as described in section 2.3.2, is used to analyze the frequency dependent

losses of the (2,2) configuration from fig. 3.21 at nSRG,nom = 20 krpm and 25 krpm in more
detail. The results for the machine losses Pl,mach of the FEA are listed in table 3.5. To
achieve a comparable machine efficiency ηmach in the FEA an improved iron material NO20
was used. The resulting machine efficiency ηmach of the machine with nSRG,nom = 20 krpm
is slightly higher than that of the machine with nSRG,nom = 25 krpm. The results from
table 3.5 suggest that with the improved iron material NO20, the machine efficiency ηmach is
only slightly influenced by the machine speed nSRG,nom up to 25 krpm. This is in accordance
with the analytical results from fig. 3.21.

45



3 Solution Space Based Pre-Design

20 25 3085
87
89
91
93
95

nSRG,nom in krpm

η m
ac

h
in

%

(a) ηmach

20 25 30

4

5

6

nSRG,nom in krpm

m
ac

t
in

kg (2,2)
(3,1)
(3,2)

(b) mact

Fig. 3.21: Effect of the nominal generator speed nSRG,nom on the machine efficiency ηmach
and active material weight mact in the speed range nSRG,nom = 20 – 30 krpm.

simulation software: PC-SRD, iron core material: M330-35A

nSRG,nom Jeff Pl,fe Pl,cu,eddy Pl,cu,dc Pl,wind Pl,mach ηmach

20 krpm 14 A/mm2 510 W 200 W 610 W 140 W 1460 W 93.7 %
25 krpm 13.9 A/mm2 540 W 250 W 510 W 220 W 1520 W 93.4 %

Table 3.5: Comparison of coupled FEA results for (2,2) machines at different nominal
speeds nSRG,nom. ϑcoil = 100 ◦C, iron material: NO20, Pl,bear = Pl,gear 0 W.

From the preliminary considerations regarding the machine efficiency ηmach, the final
prototype choice for a validation of the design process is limited to the (3,1) and (2,2)
configuration. Beside the discussion on efficiency and weight, which suggests a nominal
machine speed nSRG,nom up to 37.5 krpm, mechanical limitations have to be taken into
consideration. To be able to build the prototypes with standard catalog ball bearings and
machine sealings, the maximal nominal generator speed nSRG,nom was limited to 25 krpm.
This pragmatic choice was based on the experience of the prototype manufacturers.
The final prototype choice is made with the SSBPD process described in section 3.2

and 3.3. The application dependent parameters for the high-speed scenario are listed in
table 3.6. The major deviation from previous sections are the gap spacer dgsp and coil
spacer dcsp (see fig. 3.10). These two parameters strongly influence the eddy-current copper
losses Pl,cu,eddy and are initially chosen based on the author’s experience. Their influence will
be discussed with the help of coupled FEA in section 4.1.1. The copper loss correction factor
kcu and maximum coil temperature ϑcoil,max represent the frequency dependent eddy-current
copper losses Pl,cu,eddy and iron core losses Pl,fe in the analytical pre-design, respectively.
These correction factors need to be chosen from experience, as no electric base frequency
fel dependent loss model is implemented in the design process (see section 3.3). To show
their effect on the machine designs, the SSBPD is carried out for three different values of
kcu and ϑcoil,max in the parameter range stated in table 3.6. A value of kcu = 1 for the
copper loss correction factor and a maximum coil temperature ϑcoil,max = 180 ◦C mean that
no frequency dependent losses are considered in the determination of the maximal permitted
thermal current density Jth,max. The value of ϑcoil,max for no iron core losses Pl,fe depends
on the chosen insulation class of the copper wires, class H in the course of this thesis.
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Quantity Value
nominal speed nSRG,nom 25 000 rpm

maximal coil temperature ϑcoil,max 130 – 170 ◦C
torque derating factor dt 0.75
copper loss correction kcu 1 – 2

gap spacer dgsp 5 mm
coil spacer dcsp 2 mm

copper fill factor fcu 0.75
copper wire price cCu 10AC/kg
electric steel price cNO30 1AC/kg
shaft material price csteel 1.8AC/kg
optimization criterion Maximum Volumetric Torque Density

Table 3.6: Design specifications for the SSBPD for the high-speed scenario. Additional
thermal parameters as specified in table 3.2.

In fig. 3.22, the results from the SSBPD are depicted for a variation of the parameters
kcu and ϑcoil,max. While one parameter is varied, the other parameter is kept constant. The
active material volume Vact, does not show any optimum in the considered stator outer
diameter Dst range and decreases with an increased Dst as expected from fig. 3.16a. The
active material weight mact seems to converge and even forms a minimum at larger stator
outer diameter Dst. For the parameter set (kcu = 1, ϑcoil,max = 150 ◦C), for example, a
minimum in the stator outer diameter range Dst = 140 – 160 mm is found. Generally, the
(2,2) configuration shows lower values for both the active material volume Vact and weight
mact over the complete considered outer stator diameter Dst range.
As the two considered parameters do not show clear minima, a stator outer diameter

Dst choice for the prototypes is not possible. Therefore, the material costs are additionally
taken into consideration. For all combinations of the copper loss correction factor kcu and
maximum coil temperature ϑcoil,max a minimum can be found in the stator outer diameter
range of Dst = 120 – 160 mm. This behavior can be explained with the copper mass of the
end-windings, which grows in relation to the copper mass in the stator slots when further
increasing the stator outer diameter. This effect over-compensates the expected reduction
of the active material at larger diameter values, as copper is considered more expensive
than the iron core material (see table 3.6). From this analysis, a stator outer diameter
Dst = 140 mm is chosen for the prototype machines, as it is in the middle of the cost
optimal diameter range.
Fixing the stator outer diameter Dst and STPR, the machine geometry is completely

defined as described in section 3.2. The exact design, however, still depends on the choice
of the copper loss correction factor kcu and maximal coil temperature ϑcoil,max. Therefore,
fig. 3.23 depicts the resulting stack length Lstk, the thermally permitted maximal current
density Jth,max and the STPR for the machine designs from fig. 3.22b in the cost optimal
stator outer diameter Dst range with a copper loss factor kcu = 1.5. The latter was chosen
as a reasonable value from the author’s experience as mentioned before for an electric base
frequency fel = 1.67 kHz. As the (2,2) configuration shows a lower active material volume
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Fig. 3.22: Influence of the copper loss correction factor kcu and the maximum coil
temperature ϑcoil,max on various machine parameters of a (2,2) configuration

(blue) and (3,1) configuration (red) over the stator outer diameter Dst.
high-speed scenario specifications: table 3.6

Vact than the (3,1) configuration in fig. 3.22, the required stack length Lstk depicted in
fig. 3.23a is obviously also smaller at a constant stator outer diameter Dst. The resulting
thermally permitted maximal current density Jth,max from the LPTN of all designs depicted
in fig. 3.23b are below the Jth,max = 12 A/mm2 mentioned for water jacket cooled machines
in literature [Car08; Bra13]. Finally, the STPR does not show a strong dependence on the
maximal coil temperature ϑcoil,max. The discontinuities arise from the discrete STPR stored
in the database structure. When matching the effective current density Jeff to the thermally
permitted maximal current density Jth,max no interpolation is performed.
For validation, two machines with a stack length Lstk = 80 mm are finally chosen. This
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Fig. 3.23: Generator stack length Lstk, thermally permitted maximal current density
Jth,max and STPR of a (2,2) configuration (blue) and (3,1) configuration (red)
in the range of the minimal material cost from fig. 3.22. copper loss correction

factor kcu = 1.5, maximum coil temperature ϑcoil,max = variable

Lstk is located between the results of ϑcoil,max = 150 – 170 ◦C. Preliminary simulations
with MotorCAD proved this to be a reasonable range. A more detailed analysis based on
measurements and simulations will be performed in 4.2.3. The constant stack length Lstk
is chosen for production simplicity, to employ the same housing for both machines. In
the prototypes, therefore, a higher coil temperature ϑcoil,max is to be expected in the (3,1)
configuration compared to the (2,2) configuration. The STPR for both machines was chosen
at the lower end of the found results, as both coil parameters gap spacer dgsp and coils spacer
dcsp were assumed as worst case limits in the pre-design. The complete geometric parameters
of the built (2,2,140,0.655) and (3,1,140,0.67) machine can be found in table A.2.

3.5 Chapter Conclusion
In this chapter, a solution space based pre-design (SSBPD) for SRGs is introduced, which
decouples the geometry dependent electromagnetic torque capability from application spe-
cific requirements. A wide range of configurations and geometries are calculated using FEA
and stored in a solution database. This database is computed once for the complete design
range, e.g. outer diameter, air gap length, material. The process does not require any mag-
netic tuning parameters in the pre-design stage. After this step, the thermally permitted
maximal current densities Jth,max are calculated for each geometry separately with the help
of a geometry dependent LPTN. For this evaluation, beside the geometry only intuitive and
comprehensible application specific parameters, such as the shaft power Pm,sh, the maximal
coil temperature ϑcoil,max or the copper fill factor fcu, are required. In a final step, from all
thermally valid designs the most suitable designs in terms of a given optimization criteria,
such as minimal active material volume, are chosen. These designs are depicted to the
designer over a wide range of stator outer diameter Dst and configurations.
With the proposed SSBPD approach a fast overview over a specific solution space and

potential machine designs is obtained. The evaluation of the solution space of approximately
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28 000 machine designs, takes only 15 s on a standard laptop (Intel®Core™ i7-5600U, 8 GB
RAM, 256 GB SSD hard drive). One single FEA to evaluate the aligned and unaligned flux
linkage characteristic with the software FLUX2D takes about 14 min of calculation time,
without any export and model setup considered. Based on the fast overview, the most
promising designs can be further analyzed with more time consuming simulations, such as
detailed FEA for the losses or structural analysis for the acoustic evaluation.
From the result discussion in section 3.3.5, the following conclusions are drawn. Firstly, a

geometry dependent calculation of the thermally permitted maximal current density Jth,max
instead of a constant value, strongly influences the comparison of different SRG configura-
tions in terms of the achievable torque density φT,act and finally the active material volume
Vact, as shown in fig. 3.17. Therefore, comparing different machine configurations with a
constant Jth,max is leading to erroneous assumptions in pre-design and should be avoided.
Secondly, in fig. 3.16 it can be seen that for a given stator outer diameter Dst, one

configuration of maximal torque density φT,act with a specific number of stator poles Ns
exists. Hence, the effect of an increasing number of pole pairs np and, consequently, the
electric base frequency fel on φT,act strongly depends on the stator outer diameter Dst. A
generalization, that a higher electric base frequency fel leads to a larger torque density φT,act
is, therefore, not possible.
Finally, in fig. 3.16 it can be seen that for a given stator outer diameter Dst, the inves-

tigated 2-phase configurations show a higher torque density φT,act than the configurations
with a higher number of phases Nph with the same number of rotor poles Nr. If torque ripple
is not a criterion for the configuration choice, 2-phase configurations, therefore, should not
be excluded from the design choice.
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This chapter addresses the different areas of SRG design in detail, based on the prototypes
chosen in section 3.4 and listed in table A.2 - A.6. With the help of simulations and
measurements at the nominal operation point, the assumptions made in chapter 3, e.g.
in terms of reachable active material torque density φT,act in fig. 3.22, are verified and
generalized for other SRG if possible. The analysis of the SRG comprises the machine
efficiency (section 4.1), the torque and power density (section 4.2), as well as the acoustic
behavior (section 4.3). After discussing additional design aspects (section 4.4), the chapter
is wrapped up in a conclusion (section 4.5). As mentioned in chapter 1, while only SRGs are
mentioned in the discussion, the general findings can be transferred to switched reluctance
machines as well.

4.1 Machine Efficiency
To estimate the machine efficiency ηmach as defined in table 2.3 and to identify the influence
of the underlying design parameters, the machine losses Pl,mach have to be calculated and
analyzed. As defined by (2.15), the machine losses Pl,mach consist of the total copper losses
Pl,cu,ac, the iron core losses Pl,fe and the mechanical losses Pl,m.
A crucial influencing factor of the total copper losses Pl,cu,ac and iron core losses Pl,fe is

the winding design of the machine. This comprises the selection of the number of turns per
pole Nw,pl as well as the individual sizing and placement of the windings in the stator slot.
As introduced in section 2.2 by equations (2.9) - (2.13) and depicted in fig. 2.7, the number
of turns per pole Nw,pl influences the phase voltage uph of the SRG and, consequently, the
phase current iph and pole flux Φpl. These quantities directly influence the total copper
losses Pl,cu,ac (see (2.20)) and iron core losses Pl,fe (see (2.28)), as introduced in section 2.2.1.
The individual winding diameter dw and placement influences not only the phase resistance
Rdc,ph, but also the amount of pole flux Φpl penetrating individual coils and hence the eddy-
current copper losses Pl,cu,eddy caused by proximity and skin effect (see (2.24)). The iron
core losses Pl,fe can additionally be influenced by the choice of iron sheet material. Finally,
the mechanical losses Pl,m are influenced by the generator speed nSRG, the bearing size as
well as air turbulences in the machine air gap.
The SRG designs listed in table A.2 as well as their permutations listed in table A.3 are

employed to analyze the machine losses Pl,mach. The investigation includes the influence
of the winding design (section 4.1.1), the iron core material and different loss calculation
methods (section 4.1.2) as well as mechanical variations (section 4.1.3). In each section, loss
improvements are proposed. After validating the simulation results with measurements in
section 4.1.4 all proposed improvements are summarized in section 4.1.5 and the complete
effect on the machine efficiency ηmach is discussed.
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4.1.1 Winding Design
As discussed in detail for two different traction SRG in [Car08] and [Ral+17], the frequency
dependent eddy-current copper losses Pl,cu,eddy in an SRG can be significantly larger than
the dc copper losses Pl,cu,dc and form the largest part of the total copper losses Pl,cu,ac (see
(2.19)). The strong impact of the winding design on the total copper losses Pl,cu,ac was
already shown in [Car08] and is transferred to the investigated SRG in this section.
Firstly, the choice of number of turns per pole Nw,pl is analyzed, as it defines the dynamic

electromagnetic behavior of the SRG (see fig. 2.7) and, consequently, the losses. Secondly,
having chosen a certain Nw,pl, assuming coils made of one discrete wire, the wire diameter
dw and the individual placement of each wire are parameters to further influence the total
copper losses Pl,cu,ac. The influence of the dc-link voltage udc on the total copper losses is
analyzed next, as it offers another degree of freedom in the winding design. After analyzing
the effect of an increased coil temperature ϑcoil on the total copper losses Pl,cu,ac, analytical
approaches to determine eddy-current copper losses Pl,cu,eddy are benchmarked against the
coupled FEAs performed in this section. The section concludes with a brief discussion of
further reduction potential by the application of litz-wires.
To determine the effect of the winding design on the total copper losses Pl,cu,ac, as described

in section 2.2.1 and according to literature [Car08; Sch15], coupled FEA simulations are
required for each winding configuration. In the coupled FEA as well as in the design process
proposed in chapter 3, the phase resistance Rdc,ph,est is estimated by adding half circles to
each straight wire at both ends of the machine. This method neglects the additional copper
needed to connect all coils of one phase at the machine terminals as well as extra distances
to the stator core added for insulation reasons. The resulting additional resistance can be
expressed by a resistance correction factor kR,dc as defined in (4.1).

Rdc,ph = Rdc,ph,est · (1 + kR,dc) (4.1)

The phase resistance Rdc,ph is determined by measuring the voltage at the phase terminals
at ϑcoil = 20 ◦C, while different constant current levels are impressed for a short period. The
phase resistance Rdc,ph (ϑcoil) at different coil temperatures ϑcoil is then calculated by the
thermal coefficient αcu,20 of copper and (4.2).

Rdc,ph(ϑcoil) = Rdc,ph(20 ◦C) · (1 + αcu,20 · (ϑcoil − 20 ◦C)) (4.2)

To show the difference between measured phase resistance Rdc,ph and estimated phase
resistance Rdc,ph,est, both values are shown in table 4.1 for four different prototype machines.
The measurement results show an almost identical correction factor kR,dc of 7.4 % for the
first three machines (HS3ph1p49N, HS2ph2p45N, LS2ph3p60N), while the fourth machine
HS3ph3p25N shows a slightly larger correction factor of 8.7 %. Due to the similar dc-link
voltage (see table A.2 and A.6) the insulation requirements and, consequently resistance
correction factors kR,dc, are nearly constant for all machines. Therefore, a constant kR,dc
for all the winding permutations mentioned in table A.3 is assumed reasonable. A similar
value should be taken into account for efficiency predictions of new designs of a comparable
dc-link voltage udc.
For an existing machine configuration, the number of turns per pole Nw,pl is defined by
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Rdc,ph,est Rdc,ph kR,dc

HS3ph1p49N 56.0 mΩ 60.1 mΩ 0.074
HS2ph2p45N 32.9 mΩ 35.4 mΩ 0.074
LS2ph3p60N 26.2 mΩ 28.1 mΩ 0.073

HS3ph3p25N [Ral+17] 17.5 mΩ 19.0 mΩ 0.087

Table 4.1: Estimated phase resistance Rdc,ph,est and extrapolated Rdc,ph at ϑcoil = 170 ◦C,
Rdc,ph extrapolated with (4.2) from measurements at ϑcoil = 20 ◦C.

For machine naming convention, see appendix A.2.1.

the available dc-link voltage udc and the desired phase current iph profile (comp. fig. 2.7)
at nominal generator speed nSRG,nom. The number of turns per pole Nw,pl can be used
to improve the machine efficiency ηmach by a SPC, as analytically shown in [Bra13]. This
method is only possible if the instantaneous torque and force profile play a secondary role.
To validate the analytical assumption, several coupled FEA were performed for the

HS2ph2p45N machine (see table A.2) and its permutations HS2ph2p27N - HS2ph2p57N
(see table A.3). For each permutation with changed Nw,pl, the iron cross section is kept con-
stant. Also a constant copper cross section Acu is obtained by adjusting the wire diameter
dw for two different number of turns per pole Nw,pl,1 and Nw,pl,2 with relation (4.3). For the
coupled FEA the maximal available phase current Iph,pk is limited to 300 A by the power
electronics and the dc-link voltage udc is kept constant at 400 V.

Acu = π · dw
2
,1

4 ·Nw,pl,1 = π · dw
2
,2

4 ·Nw,pl,2 ⇔ dw,1 = dw,2 ·
√
Nw,pl,2

Nw,pl,1
(4.3)

Fig. 4.1 depicts the total copper losses Pl,cu,ac (see (2.19)) and iron core losses Pl,fe (see
(2.31)) over the number of turns per pole Nw,pl. The design with Nw,pl = 27 represents the
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iron core losses Pl,fe (see (2.31)) for constant copper area Acu. Permutations of

HS2ph2p45N at operation point NOPS (see table A.10).
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limit between HCC and SPC (see fig. 2.7a). An increased Nw,pl leads to increasing dc-copper
losses Pl,cu,dc, the sum of Pl,cu,dc,Ew and Pl,cu,dc,woEw. This can be explained by the larger
Iph,rms required to reach a constant torque as the torque derating factor dt decreases with an
increased number of turns per pole Nw,pl (see fig. 2.7a and section 3.3.2). The eddy-current
losses Pl,cu,eddy decrease with increasing number of turns per pole Nw,pl. This correlation
can be explained as follows. With increasing numbers of turns per pole Nw,pl the phase
inductance Lph increases and results in lower phase current gradients (see fig. 2.7a). In
addition, the individual wire diameter dw decreases with increased Nw,pl (see (4.3)). Both
effects subsequently reduce the eddy currents in the individual wires and, therefore, Pl,cu,eddy.
The total copper losses Pl,cu,ac, the sum of Pl,cu,dc,woEw, Pl,cu,dc,Ew and Pl,cu,eddy (see (2.20)
and (2.19)), merely changes in the range of Nw,pl = 33 – 51 .
The nearly constant total copper losses Pl,cu,ac in the range of number of turns per pole

Nw,pl = 33 – 51 for the HS2ph2p45N machine, offers the potential to reduce the iron core
losses Pl,fe. Similar to the findings in [Bra13], the results depicted in fig. 4.1, retrieved with
the help of pBertotti, show a reduction of iron core losses Pl,fe for an increased number of turns
per pole Nw,pl. This is important for the power density discussion in section 4.2.4, as an
increase in Nw,pl decreases the torque density φT,tot due to a decreased torque derating factor
dt (see fig. 3.13b). At the same time the thermal behavior is positively influenced by the
decreased sum of total copper losses Pl,cu,ac and iron core losses Pl,fe. For the permutations
of the HS2ph2p45N machine, between Nw,pl = 45 – 51 lowest total copper losses Pl,cu,ac are
obtained. Considering additionally the iron core losses Pl,fe, the range of lowest losses is
shifted to Nw,pl = 51 – 57 . For prototype validation, Nw,pl = 45 was finally chosen.
To reduce the dc copper losses Pl,cu,dc (sum of Pl,cu,dc,woEw and Pl,cu,dc,Ew) the copper

area Acu and, consequently, the wire diameter dw should be maximized. However, ana-
lytical investigations in [Dow66; Car08], suggest a negative effect of an increased copper
wire diameter dw. To verify the effect on the total copper losses Pl,cu,ac, several coupled
FEA were performed for the HS2ph2p45N machine (see table A.2) and its permutations
HS2ph2p45N1 - HS2ph2p45N4 (see table A.3). A fixed iron core cross section and a con-
stant wire insulation thickness dins,w = 0.05 mm is considered for all machine permutations.
While the HS2ph2p45N, HS2ph2p45N1 and HS2ph2p45N2 machines can be produced

with preformed wires, the HS2ph2p45N3 machine can only be produced with wound-in
coils (see fig. 3.10). The HS2ph2p45N4 machine with a copper wire diameter dw = 2.2 mm
obtains the maximum available copper area Acu by increasing the wire diameter dw until
the complete slot is filled (see table A.3). This machine represents the case of minimally
achievable dc-copper losses Pl,cu,dc, neglecting any frequency dependent eddy-current copper
losses Pl,cu,eddy and without questioning the feasibility of the winding design for production.
In fig. 4.2a, the eddy-current copper losses Pl,cu,eddy are depicted over the electrical angle

θel for the five machine permutations. It is clearly seen, that an increase in copper wire di-
ameter dw strongly increases the instantaneous Pl,cu,eddy. Fig. 4.2b depicts the total copper
losses Pl,cu,ac, separated in the individual losses Pl,cu,dc,Ew, Pl,cu,dc,woEw and Pl,cu,eddy (2.19).
As already expected from analyzing fig. 4.2a, the eddy-current copper losses Pl,cu,eddy in-
crease strongly with the wire diameter dw. In contrast the dc-copper losses Pl,cu,dc (sum
of Pl,cu,dc,Ew and Pl,cu,dc,woEw) decrease with an increased wire diameter dw, as the dc phase
resistance Rdc,ph decreases (2.20). Up to a wire diameter dw = 1.7 mm the increase in eddy-
current copper losses Pl,cu,eddy is compensated by the decrease in dc copper losses Pl,cu,dc.
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Fig. 4.2: Calculated total copper losses Pl,cu,ac for variation of wire diameter dw and

Nw,pl = 45. Permutation HS2ph2p45N1 - HS2ph2p45N4 (see table A.3) of
HS2ph2p45N (see table A.2) at operation point NOPS (see table A.10).

Above a wire diameter dw = 1.7 mm the total copper losses Pl,cu,ac increase strongly. The
HS2ph2p45N4 machine with dw = 2.2 mm has the lowest dc-copper losses Pl,cu,dc, however,
exhibits total copper losses Pl,cu,ac increased by 182 % compared to dw = 1.7 mm. Therefore,
it can be concluded that it is not beneficial in terms of machine efficiency ηmach to use the
largest possible wire diameter dw in SRG of input power Pl,m = 20 kW range at electric base
frequency fel = 1.6 kHz. For the HS2ph2p45N machine a wire diameter dw = 1.7 mm was
chosen.
Table 4.2 lists the eddy-loss ratio peddy,woEw and ac phase resistance Rac,ph for permuta-

tions of the HS2ph2p45N and HS3ph1p49N machine (see table A.2) at constant number
of turns per pole Nw,pl. The prototype configuration HS3ph1p49N with a wire diameter

dw dgsp bpl,s peddy,woEw Rac,ph

HS2ph2p45N1 1.5 mm 6.7 mm

13.2 mm

0.46 57 mΩ
HS2ph2p45N 1.7 mm 5.1 mm 0.85 55.4 mΩ
HS2ph2p45N2 1.9 mm 3.5 mm 1.6 58.5 mΩ
HS2ph2p45N4 2.2 mm 0.0 mm 5.9 82.5 mΩ
HS3ph1p49N1 1.85 mm 5.1 mm 15.1 mm 0.81 102 mΩ
HS3ph1p49N 2.0 mm 4.0 mm 1.1 99 mΩ
LS2ph3p60N 1.7 mm 4.4 mm 16 mm 0.4 33.8 mΩ

Table 4.2: Influence of copper wire diameter dw and gap spacer dgsp on eddy-loss ratio
peddy,woEw (2.27) and ac phase resistance Rac,ph (2.22) at constant number of

turns per pole Nw,pl. Machine configurations from table A.2 and A.3 at
operation point NOPS (see table A.10).
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dw = 2 mm has the maximal copper area Acu for preformed coils (see fig. 3.10a) for this
3-phase machine configuration. The HS3ph1p49N1 machine has a comparable gap spacer
dgsp as the HS2ph2p45N machine. This comparison is important, as such a winding design
arises from a fixed value of dgsp in the pre-design stage as done in section 3.4.2.
The simulation results listed in table 4.2 lead to several conclusions. Firstly, a fixed

gap spacer dgsp (see fig. 3.10) leads to comparable values for the eddy-loss ratio peddy,woEw
for the HS2ph2p45N and the HS3ph1p49N machine at constant electric base frequency fel.
Therefore, it is valid to fix kcu in (3.9) in the pre-design to obtain a fair comparison of
different machine configurations at constant electric base frequency fel. Secondly, the gap
spacer dgsp and wire diameter dw of minimal ac phase resistance Rac,ph, and consequently
total copper losses Pl,cu,ac (see (2.22)) are not constant for different machines. Therefore,
a further optimization for each design with the help of coupled FEA is advised. For the
machines considered in this thesis, minimal ac phase resistances Rac,ph were found in the
range of dgsp = 25 – 40 % of the stator pole width bpl,s, which can be taken as a general
starting point for further investigations.
Beside the wire diameter dw, the explicit placing of the wires in the slot influences the

eddy-current copper losses Pl,cu,eddy, as the amount of flux Φpl passing through the individual
wires changes (see [Car08; Sch15]). Fig. 4.3 depicts the total copper losses Pl,cu,ac for three
different number of turns per pole Nw,pl and two different wire arrangements each. Each
wire arrangement is defined by a certain number of wire columns and individual wires in
each column. As exemplary shown in fig. 4.3, the HS2ph2p27N has four columns with up to
seven wires per column, while the HS2ph2p27N1 has five columns with up to six wires per
column. This increases the gap spacer dgsp by about 150 % from 2.3 mm to 5.8 mm. At the
same time, the end-windings of the machine and the total machine length Lact are increased
by about 4 mm or 4 %. The rearrangement reduces the eddy-current copper losses Pl,cu,eddy
by 35 %, while the end-winding dc copper losses Pl,cu,dc,Ew are increased by 9 %. Fig. 4.3,
emphasizes the importance that a reasonable dgsp is chosen. While for the HS2ph2p45N
machine the total copper losses Pl,cu,ac do not change significantly, for the HS2ph2p27N and

exemplary wire rearrangement
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Fig. 4.3: Influence of an alternative wire arrangement on total copper losses Pl,cu,ac for
three different number of turns per pole Nw,pl. Machine configurations listed in

table A.2 and A.3 at operation point NOPS (see table A.10).
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HS2ph2p90N a reduction of total copper losses Pl,cu,ac by 23 % and 9 % is possible.
The previous discussions show the strong influence of the number of turns per pole Nw,pl,

the wire diameter dw and the wire placement on the total copper losses Pl,cu,ac and, conse-
quently, machine efficiency ηmach. As shown by (2.9) - (2.13) the chosen number of turns per
pole Nw,pl influences the resulting phase voltage uph. For an energy efficient SPC the phase
voltage uph has to be matched to the available dc-link voltage udc by an appropriate choice
of number of turns Nw,pl. Therefore, the available dc-link voltage udc influences the total
copper losses Pl,cu,ac. This is investigated with the help of permutations of the HS2ph2p45N
machine (see table A.2) for various combinations of dc-link voltage udc and number of turns
Nw,pl. From the HS2ph2p45N machine with udc = 400 V and number of turns Nw,pl = 45,
the dc-link voltage udc of the HS2ph2p18N and HS2ph2p90N1 machines (see table A.3) is
calculated by (4.4) to 160 V and 800 V, respectively. As the available copper cross section
Acu is constant for all machines, the wire diameter dw is inversely proportional to Nw,pl
as described in (4.3). Operating the HS2ph2p45N machine with constant number of turns
per pole Nw,pl = 45 at an increased dc-link voltage udc = 800 V is depicted for reference in
fig. 4.4a. This combination of Nw,pl and udc results in a HCC phase current iph as depicted
in fig. 4.4b.

udc,2 = udc,1 ·
Nw,pl,2

Nw,pl,1
(4.4)

Fig. 4.4a depicts the total copper losses Pl,cu,ac for the HS2ph2p45N, HS2ph2p18N and
HS2ph2p90N1 machines. The total copper losses Pl,cu,ac decrease with an increase in dc-link
voltage udc. This is caused by the decrease in eddy-current copper losses Pl,cu,eddy, due to
the decrease in wire diameter dw (see fig. 4.2b). Increasing the dc-link voltage udc by 250 %
from 160 V to 400 V, the eddy-current copper losses Pl,cu,eddy are reduced by 268 W or 54 %.
The ideal reduction of 60 % is not reached, as the wires cannot be placed exactly at the same
positions in the slot (see coil design in table A.2 and A.3). A further increase in dc-link
voltage udc by another 200 % decreases the eddy-current copper losses Pl,cu,eddy by 111 W or
48 %. This ratio is close to the ideal 50 %.
The simultaneous change in dc-link voltage udc and number of turns Nw,pl at constant

generator speed nSRG and input power Pm,sh results in the phase currents iph depicted in
fig. 4.4b. The resulting peak phase current Iph,pk and rms-phase current Iph,rms are listed
in table 4.3 together with the individual parts of the ac phase resistances Rac,ph. Iph,pk and
Iph,rms are inversely proportional to the dc-link voltage udc when the number of turns per
pole Nw,pl is changed according to (4.4). Again, the ideal reduction in peak phase current
Iph,pk as well as rms-phase current Iph,rms is not reached. Increasing, for example, the dc-link
voltage udc by 250 % from 160 V to 400 V, Iph,pk and Iph,rms are only decreased by 59.5 %
and 59 %, respectively. As at the same time the dc phase resistance Rdc,ph is increased by
a factor 6.35 instead of the ideal 6.25 (= 2.502) the dc copper losses Pl,cu,dc are increased
by 33 W or 8.4 %. Therefore, the reduction in total copper losses Pl,cu,ac by an increased
dc-link voltage udc is lower than expected from the reduction in eddy-current copper losses
Pl,cu,eddy.
Fig. 4.4c depicts the eddy-loss ratio peddy,woEw (see (2.27)) calculated from the losses in

fig. 4.4a for the permutations of the HS2ph2p45N machine over the inverse dc-link voltage
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peddy,woEw for various combinations of number of turns per pole Nw,pl and

dc-link voltage udc. Permutations of HS2ph2p45N (see table A.2 and A.3) at
operation point NOPS (see table A.10).

1/udc. The results of the three machines HS2ph2p18N, HS2ph2p45N and HS2ph2p90N1,
for which the dc-link voltage udc was simultaneously increased with the number of turns
Nw,pl, can be described by (4.5), despite the previously discussed deviations from the ideal
behavior. This linear interpolation of eddy-loss ratio peddy,woEw over 1/udc is important for
the pre-design approach discussed in chapter 3. By such a relation, the dc-link voltage udc
dependence of the copper loss correction factor kcu introduced in (3.9) can be described.
However, for a generalization further investigations with different machines are required.
In addition, the reduction potential in machines with a lower electric base frequency fel is
reduced, due to the inherently lower peddy,woEw (compare HS2ph2p45N with LS2ph3p60N
machine in table 4.2).

peddy,woEw(udc) = 0.056 + 0.307 kV
udc

(4.5)
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machine Nw,pl - udc Iph,pk Iph,rms Rdc,ph Reddy,ph Rac,ph

HS2ph2p18N 18 - 160 409 A 188 A 5.6 mΩ 7.0 mΩ 12.6 mΩ
HS2ph2p45N 45 - 400 166 A 77 A 36.1 mΩ 19.3 mΩ 55.4 mΩ
HS2ph2p90N1 90 - 800 87 A 40 A 139.1 mΩ 36.9 mΩ 175.9 mΩ
HS2ph2p45N 45 - 800 175 A 66 A 36.1 mΩ 42.5 mΩ 78.5 mΩ

Table 4.3: Calculated peak phase current Iph,pk, rms phase current Iph,rms and resulting
phase resistances for permutations of HS2ph2p45N (see table A.2 and A.3) at

operation point NOPS (see table A.10) depicted in fig. 4.4.

The linear relation between dc-link voltage udc and eddy-current copper losses Pl,cu,eddy as
well as eddy-loss ratio peddy,woEw is only valid if the control scheme, in this case SPC, is kept
constant. At a constant number of turns Nw,pl and increased dc-link voltage udc from 400 V
to 800 V, the machine operation changes to HCC (45 − 400 to 45 − 800 in fig. 4.4b). This
change in control is caused by the constant phase voltage uph (see (2.9)). The higher current
gradients (see fig. 4.4b) at constant wire diameter dw compared to the operation with SPC
at udc = 400 V cause an increase in eddy-current copper losses Pl,cu,eddy by 141 W or 62 %.
This increase is not compensated by the decrease in dc copper losses Pl,cu,dc caused by the
higher torque derating factor (see fig. 3.13b) and consequently lower Iph,rms (see 45 − 400
and 45− 800 in table 4.3) in HCC. In consequence, the eddy-loss ratio peddy,woEw is strongly
increased at constant number of turns per pole Nw,pl (see fig. 4.4c)
This section clearly demonstrates that not only the number of turns per pole Nw,pl and

the individual wire diameter dw but also the dc-link voltage udc has to be carefully chosen
in an SRG. An increase in dc-link voltage udc positively influences the machine efficiency
ηmach in machines with a high electric base frequency fel and consequently eddy-loss ratio
peddy,woEw. Such machines cannot be rewired for lower dc-link voltages udc without a decrease
in machine efficiency ηmach. From a system perspective, an active input current filter for
the SRG as discussed in [KBD16a] might be necessary. If a dc-dc converter is employed, an
increase in dc-link voltage udc should be considered. In that case, the additional filter losses
might be compensated by the reduction of eddy-current copper losses Pl,cu,eddy, as shown in
fig. 4.4a.

Temperature Dependency of Copper Losses

Equation (4.2) shows the direct influence of the coil temperature ϑcoil on the total copper
losses Pl,cu,ac. The dc copper losses Pl,cu,dc increase linear with the increasing dc copper
resistance Rdc,ph (see (2.20)) if the coil temperature ϑcoil increases. However, it is expected
that the eddy-current copper losses Pl,cu,eddy decrease as an increased dc copper resistance
Rdc,ph reduces the induction of eddy currents.
Fig. 4.5 shows simulated total copper losses Pl,cu,ac of the HS2ph2p45N machine (see

table A.2) at variable coil temperature ϑcoil. An increase of coil temperature by 50 ◦C from
120 ◦C to 170 ◦C increases the dc copper losses Pl,cu,dc by 62 W or 16 %, while the eddy-
current copper losses Pl,cu,eddy decrease by 32 W or 11 %. For larger temperature ranges, in
[Sch15] a non-linear temperature dependency of the total copper losses Pl,cu,ac is described.
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4 Generator Design and Discussion

However, in the investigated small temperature range of the HS2ph2p45N machine the
resistances Reddy,ph and Rdc,ph are linearly depending on the coil temperature ϑcoil. In the
HS2ph2p45N machine, the resulting temperature dependence of the ac copper resistance
is reduced by approximately 50 %, due to the large share of eddy-current phase resistance
Reddy,ph in the ac phase resistance Rac,ph.
The exact temperature dependence of a certain machine changes with the share of eddy-

current phase resistance Reddy,ph in the ac phase resistance Rac,ph. Also, in reality the
temperature distribution in the coil is not uniform. Thus, an exact prediction of the behavior
prior to tests on a test bench is only possible with a rather fine FEA simulation, which
couples copper losses Pl,cu,ac with a space resolved temperature distribution in the coils.
From the investigation on the temperature behavior in the HS2ph2p45N machine and the
total copper losses Pl,cu,ac in table 4.2 it is, however, sensible to assume a lower temperature
dependence of total copper losses Pl,cu,ac in both high-speed machines (HS3ph1p49N and
HS2ph2p45N) compared to the low-speed machine LS2ph3p60N. In the HS2ph2p45N and
HS3ph1p49N machine the increased dc copper losses Pl,cu,dc are stronger compensated by
lower eddy-current copper losses Pl,cu,eddy than in the LS2ph3p60N machine with a low
overall eddy-loss ratio peddy,woEw.

120 140 16020

40

60

80

100

120

θcoil in ◦C

R
ph

in
m

Ω

Reddy,ph
Rdc,ph
Rac,ph

(a) phase resistances Rph

120 130 140 150 1700

200

400

600

244

136

282

661

251

139

275

665

257

143

268

669

264

147

262

673

278

164

250

692

θcoil in ◦C

P
l,c

u,
ac

in
W

Pl,cu,dc
Pl,cu,dc,Ew
Pl,cu,eddy

(b) total copper losses Pl,cu,ac

Fig. 4.5: Phases resistances Rph with interpolation curves and total copper losses Pl,cu,ac
for variation of coil temperature ϑcoil. HS2ph2p45N (see table A.2) at operation

point NOPS (see table A.10).

Analytical Prediction of Eddy-Current Copper Losses

A large number of coupled FEA was performed in this thesis, to analyze the effect of winding
design on the prototype SRGs. This offers the potential, to assess the quality of analytical
prediction methods described by (2.24) in section 2.2.1.
Fig. 4.6a depicts the eddy-loss ratio peddy,woEw for the variation of number of turns Nw,pl

in the HS2ph2p45N machine (see table A.2 and A.3). The analytic approach described by
(2.24) [Dow66] models the tendencies similar to the coupled FEA. However, the analytical
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Fig. 4.6: Comparison of analytical (see (2.24)) predicted eddy-loss ratio peddy,woEw with
coupled FEA results. Permutations of HS2ph2p45N (see table A.2 and A.3) at

operation point NOPS (see table A.10).

approach obtains an eddy-loss ratio peddy,woEw increased by 9.5 % at Nw,pl = 27 and 88.9 %
at Nw,pl = 57 compared to the coupled FEA. This is in contrast with known literature (e.g.
[Car08; Sch15]), which expects an underestimation by the analytical approach due to the
main pole flux Φpl passing through the wires.
Fig. 4.6b depicts the obtained eddy-loss ratio peddy,woEw for a variation of wire diameter

dw in the HS2ph2p45N machine (see table A.2 and A.3). At wire diameters dw < 1.9 mm
and resulting large gap spacer dgsp, the eddy-loss ratio peddy,woEw is overestimated by up
to 90 % at dw = 1.5 mm. At wire diameters dw > 1.9 mm and resulting small gap spacers
dgsp the eddy-loss ratio peddy,woEw is underestimated by up to 50 % at dw = 2.2 mm for the
analyzed HS2ph2p45N machine. This leads to the following assumptions. Compared to the
coupled FEA, the self-induced proximity and skin effect, due to multiple wire layers in each
coil and electric base frequency fel, is overestimated. This effect predominates at large gap
spacer dgsp. The effect of the pole flux Φpl passing through the wires cannot be modeled at
all by the analytical approach. This effect predominates at small gap spacer dgsp.
Further analysis of analytical prediction methods will be discussed for different electric

base frequencies fel and machine configurations in section 5.1.1.

Further Reduction Potential

Beside the variations discussed for solid conductors, the losses can also be reduced by the
use of stranded coils [Car08] or litz wires [RJ10]. Some investigations propose uninsulated,
stranded wire as low-cost alternative to litz wire [TS03; TS04]. However, all these measures
decrease the copper fill factor fcu and increase the production costs. Especially in the case of
stranded wires, the placement and twisting of the individual strands have to be considered
very carefully. Otherwise, circulating currents between the individual strands might occur
due to the strong gradients of the magnetic field in the stator slot [Car08].
In [Car08] one traction machine design was built and measured with three different coil
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designs. Employing coils with 13 parallel and twisted strands, the eddy-current copper
losses Pl,cu,eddy were reduced by around 80 %, compared to solid conductors with an eight
times larger copper cross section of the individual wires. For profiled and compacted litz
wire, the expected copper fill factor fcu from the wire arrangement (comp. section 3.3.1)
has to be reduced to 75 – 80 % of a single wire technology. In case of the HS2ph2p45N
machine, dw = 1.9 mm is the maximum wire diameter for preformed coils. Reducing the
copper fill factor fcu to 80 % leads to an equivalent dc-resistance of a single wire with a
wire diameter dw = 1.7 mm. Assuming a reduction of eddy-current copper losses Pl,cu,eddy
by 75 %, the total copper losses Pl,cu,ac could be reduced to 485 W or by 26 % compared to
the HS2ph2p45N prototype. This value stands in contrast to the additional production cost
and the reduced thermal conductivity in the slot.

4.1.2 Iron Core Material and Losses
In this section, the influence of the iron core material and the calculation methods introduced
in section 2.2.1 on the iron losses Pl,fe are analyzed. For the prototype machines, two different
types of iron core material are used. The LS2ph3p60N machine was built with NO30, while
both high-speed machines HS2ph2p45N and HS3ph1p49N were built with NO20. The iron
core losses Pl,fe are mainly reduced by the different steel sheet thickness dsh,fe of 300µm
(NO30) and 200µm (NO20), respectively. Additionally, an NO10 material with steel sheet
thickness dsh,fe = 100µm is investigated to quantify the loss reduction potential of further
improved iron core material.
Fig. 4.7 depicts the datasheet values for dc magnetization curve (fig. 4.7a) and specific

core losses pfe (fig. 4.7b) of the employed materials in the relevant frequency range. While
the magnetization curve of the investigated materials is nearly identical, the specific core
losses are directly proportional to the reduced steel sheet thickness dsh,fe. Especially for
the high-speed HS2ph2p45N and HS3ph1p49N machines, with an electric base frequency
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Fig. 4.7: Datasheet values of magnetization curves and iron loss density of
NO10 (yellow), NO20 (red) and NO30 (blue) iron core material.
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fel > 1.5 kHz, a significant advantage of the NO20 material is expected compared to the
NO30 material. For NO10 no datasheet values of the specific core losses at 1.5 kHz were
available. However, the specific losses of this material at 2.5 kHz are comparable to the
data of NO20 and NO30 at 1.5 kHz (see fig. 4.7b). Therefore, this material is especially
interesting for the HS2ph2p45N and HS3ph1p49N machines.
The specific core losses pfe are generally obtained by measurements on an Epstein frame

at 20 ◦C ambient temperature. [Kri14] has investigated the effect of an increased core
temperature on the iron core losses Pl,fe, as it influences the hysteresis loop as well as
the sheet resistance and, consequently, the eddy currents in the material. An increase of
75 ◦C resulted in a decrease of the specific core losses pfe of around 25 % at 1.3 T [Kri14].
At the same time, the increased core temperature decreased the saturation flux density
Bs of the material. As an SRG is operated in saturation, it can be assumed, that the
negative effect of a reduced saturation flux density Bs compensates in part the advantage
of an increased core temperature. In addition, the temperature distribution in the core
is non-uniform. As will be seen in table 4.15 the maximal core temperature in the stator
tooth of the HS2ph2p45N machine is about 45 ◦C higher than the temperature in the stator
yoke. As both effects cannot be quantified exactly, the datasheet values are employed for
all further investigations.
In table 4.4, the iron core losses Pl,fe of the three prototypes investigated in this thesis are

listed, retrieved with the four fitting functions (2.28) - (2.30) and (2.32). Comparing the
three approaches with averaged flux densities Bpt (pSE, pBertotti and pIEM5), the following
relations are found. For the two high-speed HS2ph2p45N and HS3ph1p49N machines, the
pBertotti losses are slightly higher than the pSE and the pIEM5 losses. For the low-speed
LS2ph3p60N machine, this relation is inversed. However, for both speeds the deviations
between the different models are in the range of only 5 – 10 %.

pSE pBertotti pIEM5 pFLUX

HS2ph2p45N 376 W 412 W 386 W 480 W
HS3ph1p49N 413 W 439 W 416 W 459 W
LS2ph3p60N 249 W 234 W 243 W 266 W

Table 4.4: Influence of the calculation method on iron core losses Pl,fe for the three
prototypes (see table A.2) at operation point NOPS (see table A.10). iron

core material: NO20

Calculating the iron losses Pl,fe for each individual mesh element with pFLUX results in
highest iron core losses Pl,fe for all three investigated prototypes, which was already found
for the HS2ph2p51N machine (see table A.2) in [BMD16]. The increase compared to the
models with averaged flux density Bpt (see (2.31)) is for all three prototypes in the range of
5 – 15 %. In [KBD16b] a space resolved approach applies pIEM5 separately to the flux density
of each mesh element of the HS2ph2p45N machine(i). With the FE Model in [KBD16b] the
calculated iron core losses Pl,fe are almost 10 % lower compared to the application of pIEM5
to averaged flux densities Bpt.
(i)This approach is referred to as FE model in [KBD16b]
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The discussion shows that the calculation of iron core losses Pl,fe is sensitive to the cal-
culation method as well as the assumed flux distribution. However, the deviations between
the different calculation methods are below 10 %. For the comparison of various control
parameters, only the methods with averaged flux density Bpt are suitable, as the calculation
takes only several seconds, while the required coupled FEA takes 3 – 6 h per operation point.
In table 4.5 the iron core losses Pl,fe, calculated with average flux densities Bpt and pBertotti

for the three prototype machines at operation point NOPM (see table A.11), are listed for
different iron core materials. For the LS2ph3p60N machine, an efficiency benefit of only
0.34 pp can be reached by the use of NO20 material instead of NO30. In the HS2ph2p45N
and the HS3ph1p49N machines, approximately 30 % of iron core losses Pl,fe can be eliminated
with the NO20 material instead of NO30 (see table A.15). For the HS2ph2p45N and the
HS3ph1p49N machines, the particular efficiency benefit is 0.72 pp and 0.89 pp, respectively.
Further improving the iron core material to NO10 offers a similar improvement potential.
Changing the material from NO30 to NO10, the efficiency of the LS2ph3p60N machine
can be improved by 0.61 pp. In the HS2ph2p45N and HS3ph1p49N machines with 1.56 pp
and 1.79 pp, respectively, the efficiency benefit is about 2 - 3 times higher than for the
LS2ph3p60N machine. While for the LS2ph3p60N machine about 40 % of the iron core
losses Pl,fe can be saved with the NO10 material compared to NO30, for the HS2ph2p45N
and HS3ph1p49N machines the loss reduction is about 60 % (see table A.15). The resulting
efficiency benefit leads to higher material costs but also influences the thermal behavior of
the machine. Both aspects will be discussed in section 4.2 and 4.4.

material change LS2ph3p60N HS2ph2p45N HS3ph1p49N
NO30 → NO20 69 W / 0.34 pp 143 W / 0.72 pp 178 W / 0.89 pp
NO20 → NO10 53 W / 0.27 pp 167 W / 0.84 pp 179 W / 0.90 pp
NO30 → NO10 122 W / 0.61 pp 310 W / 1.56 pp 357 W / 1.79 pp

Table 4.5: Calculated reduction of the iron core losses Pl,fe and the efficiency benefit in
pp by a change of iron core material for the built prototype machines (see
table A.2). Pl,fe calculated with averaged flux densities Bpt and pBertotti at

operation point NOPS (see table A.10). Absolute results listed in table A.15.

4.1.3 Mechanical Losses
For comparison of the two speed scenarios, the mechanical losses Pl,m, as defined in (2.34),
have to be analyzed. To validate the analytical models for the windage losses Pl,wind from
[Vra68], different measurements were performed to separate the mechanical losses Pl,m into
windage losses Pl,wind, bearing losses Pl,bear and gearbox losses Pl,gear.
To measure the complete mechanical losses Pl,m the device under test is externally driven

by a load machine and the mechanical drag torque Tm of the complete system is measured
by a torque meter. This direct measurement allows the measurement of the mechanical
losses Pl,m under stable thermal conditions, as the generator speed nSRG can be kept constant
until all mechanical parts reached a constant temperature. At the same time, the direct
measurement is prone to measurement uncertainties of the torque meter, especially if a
torque meter with the nominal torque of the machine is applied. Due to the chosen bearing
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Fig. 4.8: Measured mechanical losses Pl,m retrieved for the HS3ph1p49N and

LS2ph3p60N machine (see table A.2) by direct measurement. Pl,bear is
determined with the help of calculated windage losses Pl,wind ((2.35), fig. 4.8b)

and estimated Pl,gear (see section 2.2.1).

concept of the high-speed machines (see fig. 2.3b), only the complete Pl,m, including the
gearbox losses Pl,gear, can be determined. As these losses are estimated from literature
(see section 2.2.1), the determination of windage losses Pl,wind is difficult by the direct
measurement.
Fig. 4.8a depicts the results from the direct measurement of the HS3ph1p49N and the

LS2ph3p60N machine (see table A.2) over the normalized machine speed nSRG/nSRG,nom. Due
to the lower nominal generator speed nSRG,nom of the LS2ph3p60N machine, the total me-
chanical losses Pl,m = 240 W are by 535 W or 70 % lower compared to the 775 W of the
HS3ph1p49N machine at nSRG,nom. At this speed, the gearbox losses Pl,gear account for
400 W or over 50 % of the total mechanical losses Pl,m in the HS3ph1p49N machine.
The windage losses Pl,wind determined by (2.35) [Vra68] are depicted for all three prototype

machines (see table A.2) in fig. 4.8b for a salient and non-salient air gap. As no gearbox is
present in the LS2ph3p60N machine, the bearing losses Pl,bear can be directly calculated by
subtracting the calculated windage losses Pl,wind from the measured mechanical losses Pl,m.
For the HS3ph1p49N machine the additional gearbox losses Pl,gear need to be subtracted
from the total mechanical losses Pl,m. At nSRG,nom, the bearing losses Pl,bear of the two
grease lubricated low-speed bearings in the LS2ph3p60N machine account for 140 W, while
the single grease lubricated high-speed bearing in the HS3ph1p49N machine accounts for
168 W. The speed dependence of the bearing losses Pl,bear in the HS3ph1p49N machine
also shows that the approximation of gearbox losses Pl,gear is prone to errors, as the losses
increase linear from 60 – 100 % of the nominal generator speed nSRG,nom.
An alternative approach to determine mechanical losses Pl,m is the indirect

measurement, for which the generator speed nSRG(t) during a deceleration test is recorded.
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Therefore, the rotor is accelerated to maximum speed by an external motor, which is then
disconnected. During deceleration, the radial surface acceleration is measured by a piezo-
sensor. A Fourier transformation is applied to the signal and the mechanical base frequency
fm is detected. From the mechanical base frequency fm(t) the angular frequency ωSRG(t) is
derived by (4.6) and a fitting function is applied. From the derivative of the fitted polyno-
mial ω̇SRG(t), the mechanical drag torque Tm(t) can be obtained by (4.7). The inertias of
the different rotor structures Jrot are estimated from computer aided design (CAD) models.
To finally obtain Pdrag(ωSRG), the time t is substituted by the fitted polynomial ωSRG(t).

ωSRG(t) = 2πfm(t) (4.6)
Tm(t) = Jrot · ω̇SRG(t) (4.7)
Pl,m(t) = 2π · Tm(t) · n (4.8)

Errors in the indirect measurement arise from measurement uncertainties of the de-
termined ωSRG(t) and the applied curve fitting. In addition, the thermal conditions in
the bearings during deceleration cannot be directly controlled. Finally, the rotor inertia
determined from CAD models might deviate from the built up rotor prototypes.
In this thesis, the indirect measurement is performed on a mechanical dummy with the

housing and stator core cross section of the HS2ph2p45N machine (see table A.2) and differ-
ent rotor structures, named and depicted in fig. 4.9 together with an exemplary assembled
mechanical dummy in fig. 4.9a. It is called a mechanical dummy, as only the mechanical
structure needs to be equal to the prototype machine. The employed rotors do not need
to be magnetically active, e.g. a full rotor or a bare shaft can be easily constructed out
of massive steel. The bearing concept is identical to the low-speed scenario depicted in
fig. 2.3a. Both bearings are identical to the employed grease-lubricated grooved ball bearing
(B4 in fig. 2.3b) of the high-speed prototypes.
To investigate the effect of closed rotor and stator slots, measurements were performed

with the combinations of stators and rotors listed in table 4.6. The non-salient stator is

(a) assembled mech. dummy (I) (II) (III)
Fig. 4.9: Mechanical dummy of HS2ph2p45N machine and utilized bare shaft (I), salient

(II) and non-salient (III) rotor to separate mechanical losses Pl,m.
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variation rotor structure stator structure
V0 bare shaft (I) salient, no windings
V1 salient (II) non-salient
V2 non-salient (III) salient, with windings
V3 non-salient (III) salient, no windings
V4 salient (II) salient, no windings

Table 4.6: Investigated rotor and stator variations of the mechanical dummy.

manufactured by filling the stator slot with a silicon resin, obtaining a smooth cylinder with
an inner radius of the sum of rotor pole tip radius R1 and air gap length dg. To determine
the mechanical losses Pl,m, a 4th-order polynomial is applied in case of rotor (II) and (III)
(see fig. 4.9), exemplary shown in fig. 4.10a. For the bare shaft (I), a quadratic fitting
function achieved the best results. In fig. 4.10a, it can be seen that the fitting at low-speeds
gets erroneous, due to the relatively low frequency resolution. Therefore, the loss results at
speeds below 25 % of the nominal speed nSRG,nom have to be analyzed with caution.
Several measurements with the bare shaft (I) in configuration V0 (see table 4.6) were

performed. Fig. 4.10b shows the resulting mechanical losses Pl,m over normalized generator
speed nSRG/nSRG,nom for several test runs. Between Run 4 and Run 1 the mechanical losses
Pl,m differ by 76 W or 20 % at nominal speed nSRG,nom. All runs were performed with the
same bearings, which were new at the first run. As Run 1 shows the highest mechanical
losses Pl,m, the differences are assumed to be partly due to changing grease distribution. In
addition, the thermal state of the bearings might have changed between individual runs. As
the windage losses Pl,wind can be neglected for configuration V0, fig. 4.10b depicts the bearing
losses Pl,bear. For further loss separation purpose, the bearing losses Pl,bear are approximated
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with (4.9), which is an average of the performed runs shown in fig. 4.10b. With (4.9) the
bearing losses Pl,bear of one high-speed grease lubricated grooved ball bearing are calculated
to 174 W at nSRG = 25 krpm. From the separation of the direct measurement (see fig. 4.8a)
for the HS3ph1p49N machine the bearing losses Pl,bear were estimated to 170 W for the same
bearing.

Pl,bear = −1.6299 · 10−5 · nSRG
5/3; (4.9)

Fig. 4.11a depicts the resulting mechanical losses Pl,m from indirect measurement for
configurations V1-V4 (see table 4.6) as well as the estimated Pl,bear from (4.9). Configuration
V4, with salient rotor and stator exhibits the highest mechanical losses Pl,m. Closing the
rotor or stator slots in V1 - V3 has exactly the same effect on the mechanical losses Pl,m.
Both measures lead to a reduction of the mechanical losses Pl,m by around 135 W or 25 %
at nSRG = 23.5 krpm. Adding the coils to the stator (V2 compared to V3) has no effect on
the mechanical losses Pl,m.
Comparing the mechanical losses Pl,m of the different configurations in fig. 4.11a with

the estimated bearing losses Pl,bear makes the before mentioned measurement errors of the
indirect method obvious. At nSRG < 0.4 · nSRG,nom, the estimated bearing losses Pl,bear are
higher than the measured mechanical losses Pl,m. This results in calculated windage losses
Pl,wind < 0 (Pl,m - Pl,bear) as shown in fig. 4.11b. It is believed that this behavior arises
from the fitting uncertainty shown in fig. 4.10a as well as the changing thermal state of the
bearings during the various runs. While the run-down of the bare shaft (V0) take less than
5 s, the run-down of the salient and non-salient rotors (V1-4) takes up to 120 s, due to the
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larger inertia Jrot. During this time the bearings can heat up, reducing the grease viscosity
and consequently the bearing losses Pl,bear.
To assess the prediction quality of [Vra68], in fig. 4.11b the resulting windage losses Pl,wind

estimated with (2.35) for a salient and non-salient rotor structure are depicted, in addition.
At high-speeds (nSRG > 60 % nSRG,nom) the turbulent windage losses Pl,wind for a salient rotor
and stator (V4) are estimated higher than predicted with (2.35) (red dashed line compared
to V4). The analytical model promises a reduction of windage losses Pl,wind by nearly 4.5
(black dashed line compared to red dashed line). In reality for all configurations with one
non-salient part (V1-3) only a reduction by a factor two is achieved. Adding windings
on the stator (V2 compared to V3) offers only an advantage of below 10 W at nSRG,nom,
barely noticeable in fig. 4.11b. This difference is assumed to be below the measurement
uncertainty of the performed deceleration tests. From the results it can be concluded, that
for the employed salient rotor and stator structures of the HS2ph2p45N machine, [Vra68]
proves to be a viable analytical prediction for windage losses Pl,wind. The reduction potential
by a non-salient rotor or stator, however, is overestimated. Based on the results in fig. 4.11
it was found, that only the rotor or only the stator needs to be non-salient. Therefore,
keeping the mechanical difficulties and the resulting costs of a non-salient SRG rotor in
mind, it can be deduced that closing the stator slots for these kind of high-speed machines
is the favorable option.
Table 4.7 lists the mechanical losses Pl,m of the three prototype LS2ph3p60N, HS2ph2p45N

and HS3ph1p49N machines (see table A.2) at nominal machine speed nSRG,nom and a water-
jacket inlet temperature ϑinlet = 25 ◦C. The gearbox losses Pl,gear and bearing losses Pl,bear for
the HS2ph2p45N and HS3ph1p49N machine are calculated with the help of section 2.38 and
(4.9), respectively. For the LS2ph3p60N machine the bearing losses Pl,bear are deduced from
the measured mechanical losses Pl,m by subtracting the calculated windage losses Pl,wind.
The salient windage losses Pl,wind are calculated for all machines with (2.35) [Vra68], as
the previous investigations suggest a good match of this analytical prediction. The non-

LS2ph3p60N HS2ph2p45N HS3ph1p49N
sal. non-sal. sal. non-sal. sal. non-sal.

nSRG 7500 rpm 24 705 rpm
Pl,gear - 400 W
Pl,bear 145 W 171 W
Pl,wind 95 W 48 W 273 W 137 W 204 W 102 W
calculated Pl,m (-) 193 W 844 W 707 W 772 W 673 W
measured Pl,m 240 W (-) (-) (-) 775 W (-)

Table 4.7: Summary of calculated mechanical losses Pl,m at nominal machine speed
nSRG,nom and water-jacket inlet temperature ϑinlet = 25 ◦C. Estimated gearbox
losses Pl,gear from section 2.38. Calculated bearing losses Pl,bear from (4.9) for
HS2ph2p45N and HS3ph1p49N and (Pl,m-Pl,wind) for LS2ph3p60N. Salient
windage losses Pl,wind from [Vra68], non-salient estimated to 50 % salient

Pl,wind. Measured Pl,m from direct measurement.
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HS2ph2p45N HS2ph2p45NX
ϑinlet 25 ◦C 25 ◦C 60 ◦C
Pl,m 844 W 738 W 529 W

Table 4.8: Effect of mechanical redesign and water-jacket inlet temperature ϑinlet on
mechanical losses Pl,m of HS2ph2p45N and HS2ph2p45NX machine (see

section A.2.1.1) retrieved from direct measurements.

salient windage losses Pl,wind are estimated to 50 % of the corresponding salient Pl,wind, as
the reduction potential by a non-salient rotor or stator is overestimated by [Vra68].
To estimate the temperature influence on the mechanical losses Pl,m a direct

measurement of the HS2ph2p45NX machine (see section A.2.1.1) at variable water-jacket
inlet temperature ϑinlet between 25 – 60 ◦C is performed. The housing temperature close
to the bearings is directly proportional to ϑinlet at no-load conditions. Table 4.8 lists the
results for two different inlet temperatures ϑinlet. By increasing the inlet temperature ϑinlet
from 25 ◦C to 60 ◦C the losses are reduced by over 200 W or 1 pp at nominal input power
Pm,sh = 20 kW.
With the help of the HS2ph2p45NX machine (see section A.2.1.1), the improvement

potential of mechanical redesigns can be identified. At inlet temperature ϑinlet = 25 ◦C the
mechanical losses Pl,m of the HS2ph2p45NX are by 110 W lower than the mechanical losses
Pl,m determined for the HS2ph2p45N (see table 4.8). The reduction arises mainly from
the exchanged sealing. Further loss improvement potential arises from a complete removal
of the sealing and the replacement of the grease-lubricated bearings (B4 see fig. 2.3b) by
oil-lubricated bearings.

4.1.4 Measurement Validation at Nominal Operation Point
Fig. 4.12 depicts the total machine losses Pl,mach (see (2.15)) of the three built prototypes
(see table A.2) for simulation and measurement at nominal operation point NOPM (see
table A.11). The simulation results were retrieved with the help of the dynamic simulation
model described in section 2.3. For the calculation of the total copper losses Pl,cu,ac an
average coil temperature ϑcoil = 170 ◦C and the eddy-loss ratios peddy,woEw from table 4.2 were
assumed. The iron core losses Pl,fe were calculated with the help of pBertotti and datasheet loss
parameters without temperature adaptation. The mechanical losses Pl,m are calculated at
25 ◦C, including the gearbox with its estimated efficiency of 98 % as discussed in section 4.1.3.
As stated in section 2.3.1, the eddy-current copper losses Pl,cu,eddy, the iron core losses
Pl,fe and the mechanical losses Pl,m are calculated in post-processing. Therefore, setting
the same input power Pm,sh in simulation than on the test bench leads to an increased
electrical generator power Pel,SRG and, consequently, an overestimation of the dc copper
losses Pl,cu,dc. As the mentioned frequency dependent losses are larger in the HS2ph2p45N
and HS3ph1p49N machine, the mismatch is larger here.
The measurements were performed with a water-jacket inlet temperature ϑinlet and am-

bient temperature ϑamb of 25 ◦C resulting in hot spot coil temperatures ϑcoil,hs in the range
of 140 – 155 ◦C as stated in section A.4.3. The measurements of the high-speed machines
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Fig. 4.12: Comparison of simulated (S) and measured (M) machine losses Pl,m for the
prototypes listed in table A.2. operation point: NOPM (see table A.11)

include the gearbox as it cannot be detached from the SRG. The measurement uncertainty
of the test bench is determined in section A.4.1 table A.9 to be up to 2.2 %. Between simu-
lation and measurement there was also a minor input power Pm,sh mismatch, as the control
angles can only be set with an accuracy of 0.35 ◦el on the test bench. This shifts slightly
the relative numbers in fig. 4.12b compared to simulation. The exact input power Pm,sh for
measurement and simulation is listed in section A.4.3.
Despite the fact that the simulation was performed with an increased coil temperature

ϑcoil compared to the resulting hot spot coil temperature ϑcoil,hs, the losses are underesti-
mated compared to measurement in the HS3ph1p49N and LS2ph3p60N machine by 0.7 pp.
This deviation is in the range of 10 % of the total machine losses Pl,mach. Deviations be-
tween coupled FEA and measurements in a similar range were found in [Ral+17] for the
HS3ph3p25N machine (see table A.6). Multiple reasons for the deviations are possible.
First, the temperature distribution in the coils is non-uniform in measurements, compared
to simulations. Second, mutual coupling is completely neglected in the simulations. In
[Kle18] the effect of mutual coupling on the HS2ph2p45N machine is investigated with the
help of coupled FEA using the phase voltage uph or the phase current iph as a model input.
Thirdly, eddy-current copper losses Pl,cu,eddy in the end-windings are completely neglected.
Finally, the assumption of load independent mechanical losses Pl,m might be erroneous. The
exact reasons for the deviations cannot be found with measurements on a complete proto-
type, but have to be analyzed in further investigations of the individual losses. However,
the accuracy based on simulation models without further parametrization of a prototype is
in the range of the measurement accuracy on the test bench (see section A.4.1). Therefore,
the results can be employed to analyze the individual parts of the machine losses Pl,mach as
well as comparing the different machines in terms of reachable machine efficiency ηmach.
Taking a closer look at the simulated machine losses Pl,mach in fig. 4.12a, it can be seen

that comparing the low-speed LS2ph3p60N machine to the high-speed HS2ph2p45N and
HS3ph1p49N machines, losses are shifted from frequency independent dc copper losses
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Pl,cu,dc to frequency dependent mechanical losses Pl,m, iron core losses Pl,fe and eddy-current
copper losses Pl,cu,eddy. While dc copper losses Pl,cu,dc are reduced by around 50 %, the
mechanical losses Pl,m are increased by over 300 %.
From fig. 4.12b it can be derived that in measurement, all three machines reach a machine

efficiency ηmach > 90 %. The LS2ph3p60N machine shows a machine efficiency ηmach by 1 pp
higher than both high-speed machines HS2ph2p45N and HS3ph1p49N considering the gear-
box. Without the gearbox, the HS2ph2p45N and HS3ph1p49N machines have a 1 pp higher
machine efficiency ηmach than the LS2ph3p60N machine. For evaluation of the mechanical
redesign, also a measurement of the HS2ph2p45NX machine was performed. The reached
machine efficiency of 91.1 % signifies a machine loss Pl,mach reduction by 120 W. This is in
accordance with the found reduction of the mechanical losses Pl,m in table 4.8.

4.1.5 Efficiency Conclusion at Nominal Operation Point
In table 4.9 the reached machine losses and efficiencies are listed and compared to the
improved values, if all of the following changes are undertaken for the built designs. As
discussed at the end of section 4.1.1 a relative reduction of Pl,cu,eddy of 75 % is assumed
by employing adequate litz wire. By changing the iron core material to NO10, the indi-
vidual loss reduction according to table 4.5 is taken into account for the iron core losses
Pl,fe. The mechanical losses Pl,m calculated for a non-salient stator are considered as listed
in table 4.7. For both high-speed HS3ph1p49N and HS2ph2p45N machines, the mechan-
ical improvements performed in the HS2ph2p45NX machine are assumed. Therefore, the
mechanical losses Pl,m listed in table 4.7 are further reduced by 110 W (see table 4.8).
The built prototypes reach a machine efficiency ηmach of 90 – 92 %. The LS2ph3p60N

prototype shows a higher machine efficiency ηmach by 1 – 2 pp compared to the HS2ph2p45N
and HS3ph1p49N machines. All machines with the described improvements are in the
range of a total machine efficiency ηmach of 93 – 94 %. Considering, that simulated machine

LS2ph3p60N HS2ph2p45N HS3ph1p49N
reached improved reached improved reached improved

loss basis P & I1 I2 P & I1 I2 P & I1 I2
Pl,cu,ac 975 W 849 W 677 W 502 W 575 W 398 W
Pl,fe 302 W 188 W 377 W 209 W 408 W 232 W
Pl,m 240 W 192 W 844 W 598 W 772 W 563 W
Pl,mach 1517 W 1229 W 1898 W 1309 W 1755 W 1193 W
ηmach sim 92.4 % 93.9 % 90.5 % 93.5 % 91.2 % 94.0 %
ηmach meas 91.5 % (93.0 %) 90.5 % (93.5 %) 90.5 % (93.3 %)
loss reduction 1.5 pp/20 % 3 pp/32 % 2.8 pp/32 %

Table 4.9: Summary of improved and reached machine losses Pl,mach efficiency ηmach for
all built machines (see table A.2) at operation point NOPM (see table A.11).
Basis are the simulated losses from fig. 4.12 and the improvements discussed
in the previous sections. Loss basis for power density (see section 4.2.4) and

cost (see section 4.4.1) discussion.
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efficiency ηmach of the HS2ph2p45N machine was matched best with the measurement re-
sults all machines reach comparable efficiency with the performed improvements. As all
improvements aim at reducing the frequency dependent losses, the improvement effect is
only 1.5 pp for the low speed LS2ph3p60N machine, while 3 pp and 2.8 pp are reached in the
high-speed HS2ph2p45N and HS3ph1p49N machines, respectively. In total, the losses of the
LS2ph3p60N machine can be reduced by 20 %, while in the HS2ph2p45N and HS3ph1p49N
machines a reduction of 32 % is possible. Influence of control and operation point on the
machine efficiency will be further investigated in chapter 5.
Comparing the reached efficiencies with literature values listed in table 2.4 shows that

the achieved values are competitive. In case of the LS2ph3p60N machine, a machine ef-
ficiency by 2.7 pp lower than the reference machine from [SL09] is achieved. However, at
the operation point of measurement the reference machine has an electric base frequency
fel = 200 Hz or 27 % of the LS2ph3p60N machine. This low electric base frequency fel offers
the potential to use a larger share of the available slot area Aslot,st for the windings as the re-
sulting eddy-current copper losses Pl,cu,eddy are reduced (see fig. 5.6). The HS2ph2p45N and
HS3ph1p49N machines including the gearbox losses Pl,gear reach a reduced machine efficiency
ηmach by 0.5 pp, compared to the reference machine from [Fer+95]. In this case, however, the
improved values from table 4.9 should be considered, as the reference machine employs iron
core material of a sheet thickness dsh,fe = 150µm and litz wire in the stator. In addition, a
stator slot oil cooling is employed and the stator slots are filled with a thermal conductive
resin, to reduce the windage losses Pl,wind. Comparing these values, the HS2ph2p45N and
HS3ph1p49N machine show an increased machine efficiency ηmach including the gearbox by
2.5 pp and 2.3 pp, respectively. Subtracting the remaining gearbox losses of 1.4 pp after the
mechanical improvements, the increase is even by 3.9 pp and 3.7 pp, respectively.

4.2 Thermal Behavior and Power Density
Torque density φT,tot and power density φP,tot are limited by material properties (see (3.1))
and thermal boundaries. In this thesis, a 2-D-LPTN of reduced complexity was developed
in section 3.3.1 for a fast comparison of a large number of machine designs. In this section,
the results of this simplified model with only one heat source and only radial heat flow
(see fig. 3.9) are compared to static and dynamic measurements as well as simulations of a
more complex MotorCAD-LPTN (see fig. 4.13). To assess the prototypes on the test bench,
they were employed with thermo sensors. The measured temperatures are fitted to the
MotorCAD-LPTN, which is then employed to study the effects of loss and design variations
for the built prototypes. The section ends with a conclusion on the reachable power and
torque density.

4.2.1 Static Thermal Validation
Static measurements are performed, to validate the stack length related thermal resistance of
half a stator pole R′th,st,hpl developed in section 3.3.1. A constant phase current iph is applied
to the machine phases wired in series of each machine and the resulting phase voltage uph is
measured. The applied phase current iph is adjusted to the machine resistances, to generate
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similar dc copper losses Pl,cu,dc in the range of 470 – 500 W as listed in table 4.10. The
temperature rise between coils and water-cooling jacket ∆ϑjacket,coil can be calculated by
(3.4). In this equation, stack length related ac copper losses P ′l,coil,hpl have to be substituted
for validation by two different dc copper losses. Firstly, the stack length related dc copper
losses of half a stator pole P ′l,cu,dc,hpl, which consider the complete dc copper losses Pl,cu,dc
including the dc end-winding copper losses Pl,cu,dc,Ew to be dissipated by the stator core.
Secondly, the stack length related dc copper losses of half a stator pole without end-windings
P ′l,cu,dc,woEw,hpl, which consider only the dc copper losses without end-windings Pl,cu,dc,woEw
to be dissipated through the stator core. This behavior is assumed by the 2-D-LPTN (see
fig. 3.9) introduced for pre-design in section 3.3.1. In table 4.10 measured and predicted
temperature rise between coils and water-cooling jacket ∆ϑjacket,coil are listed for the three
prototypes in table A.2. The measured temperature rise between coils and water-cooling
jacket ∆ϑjacket,coil is for all three salient machines higher than the predicted ∆ϑjacket,coil
considering only the stack length related dc copper losses of half a stator pole without end-
windings P ′l,cu,dc,woEw,hpl. The error is lowest in the HS2ph2p45N machine and highest in
LS2ph3p60N machine. As can be seen for the three considered salient machines in table 4.10,
the error between prediction and measurement correlates with increasing dc copper losses in
the end-windings Pl,cu,dc,Ew in relation to dc copper losses without end-windings Pl,cu,dc,woEw.
This indicates that the dc copper losses in the end-windings Pl,cu,dc,Ew are partially dissipated
by the stator core, hence, leading to an increased ϑcoil,hs in reality compared to prediction.
Another source of error is the fact that the stack length related thermal resistance of half a
stator pole R′th,st,hpl is calculated based on the average distance of the wires to the stator core
rather than for individual wires. In combination, the temperature rise ∆ϑjacket,coil predicted

LS2ph3p60N HS2ph2p45N HS3ph1p49N
stator slots salient non-salient salient salient

static measurement
iph in A 100 88 88 56
measured uph in V 4.91 5.37 5.56 8.33
Pl,cu,dc in W 491 472 489 467
P ′l,cu,dc,hpl in W/mm 0.34 0.37 0.38 0.36
P ′l,cu,dc,woEw,hpl in W/mm 0.18 0.23 0.24 0.29
ϑinlet

◦C 30
ϑcoil,hs in ◦C 150.2 100.8 126.2 144.7
∆ϑjacket,coil in ◦C 120.2 70.8 96.2 114.7

predicted ∆ϑjacket,coil
R′th,st,hpl in mm·K/W 319 333.0 314.4
Pl,cu,dc,Ew/Pl,cu,dc,woEw 0.87 0.6 0.69
∆ϑjacket,coil (P ′l,cu,dc,hpl) in ◦C 108.8 122.8 127.3 114.6
∆ϑjacket,coil (P ′l,cu,dc,woEw,hpl) in ◦C 58.2 77.2 80.0 90.7

Table 4.10: Predicted and measured temperature rise between coils and water-cooling
jacket ∆ϑjacket,coil. Predicted thermal resistances by (3.4) with

parametrization of table 3.2 from section 3.3.1.
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with the simplified 2-D-LPTN (see fig. 3.9) introduced for pre-design in section 3.3.1 is
underestimated for machines with a short stack length compared to the end-winding length.
This has to be considered in addition to the eddy-current copper losses Pl,cu,eddy with the
help of the copper loss correction factor kcu (3.9) introduced in section 3.3.2.
The non-salient HS2ph2p45N machine has to be investigated separately. In this machine,

the thermal contact of the coils to the stator core is improved by a potting. Different
materials to improve the thermal contact of the windings to the stator are investigated
in [Nat+14]. In the non-salient HS2ph2p45N machine, a silicon resin Elan-tron® SK 6220
with a low thermal conductivity of 0.32 W/(m ·K) was employed in the stator slot and
around the end-windings. The hot spot coil temperature ϑcoil,hs is reduced in this particular
machine by 26 ◦C compared to the salient HS2ph2p45N machine. This is believed to be
partially caused by a reduced stack length related thermal resistance of half a stator pole
R′th,st,hpl but especially, by an improved thermal contact of the end-windings to the stator
core compared to the salient HS2ph2p45N machine.

4.2.2 MotorCAD Simulation Model
Additionally to the simplified LPTN developed for the SSBPD in section 3.3.1, a Motor-
CAD-LPTN model with a more complex machine description is employed in this thesis for
validation. In the MotorCAD model, all individual machine losses Pl,mach are considered as
heat sources in the machine coils, iron core as well as the air gap and machine bearings, re-
spectively. Also the MotorCAD model comprises a representation of the winding overhangs,
hence, an axial heat flow in addition to the radial heat flow in the stator core. Purpose
of this more complex model is a representation of the windings’ hot spot temperatures, so
that the machines become thermally comparable. Based on this model, design and loss al-
terations can be performed to assess the potential of the efficiency improvements discussed
in section 4.1.

Model Setup

All three MotorCAD models are setup with geometry information from production 3-D-CAD
models (model data listed in table A.2). As the MotorCAD geometry editor is limited, for
the geometries depicted in table A.2 the following simplifications had to be made. The
straight stator slot is replaced with an arc of stator pole ground radius R2, the rotor step
in case of the LS2ph3p60N and HS2ph2p45N machines is omitted and a constant average
air gap length (dg +dg,step)/2 is setup. The water jacket cooling is modeled by a spiral channel
in case of the LS2ph3p60N machine and axial channels in case of the HS2ph2p45N and
HS3ph1p49N machines. The effective cooling channel surface area is matched with the
original surface area from the 3-D-CAD models. A 50/50 ethylene-glycol water mixture
is employed as coolant fluid. For initial validation of the model, the water-jacket inlet
temperature ϑinlet is set to 25 ◦C and the cooling fluid flow rate Qflow is set to 12 l/min, to
match the measurements (see fig. 4.15). In [Bra13] it was shown for a high-speed machine
that the cooling fluid flow rate Qflow has, above a minimal value, no significant influence on
machine temperatures. Remaining material parametrization is done with the help of the
MotorCAD material database. The employed parameters are listed in table A.8.
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There are several interfaces in an SRG, which influence the heat path from its source
to the heat sink, i.e. the housing water jacket. As described in [Bra13] the resulting
thermal resistance at two interfaces is usually not negligible, unless two metals are soldered
or welded together. Contacts that have a severe influence on the machine’s temperatures
are, as concluded in [Bra13], winding to stator and stator to housing. Since the contact
between windings and stator is implicitly determined in MotorCAD via the impregnation
and slot liner parametrization, the influence is investigated further, later on. For the stator
to housing interface, MotorCAD only offers a rough matching by three options, for which
good was chosen.
The injection of power, i.e. losses, is based on the results discussed in section 4.1. The

total copper losses Pl,cu,ac are evenly distributed in the coils and the iron core losses Pl,fe are
separated by the location of occurrence, i.e. stator poles, stator yoke, rotor poles and rotor
yoke (see table A.15). The mechanical losses Pl,m are separated into windage losses Pl,wind
in the air gap and bearing losses Pl,bear at the front and rear of the machine.
The employed model is the default MotorCAD-LPTN without any customization in struc-

ture, as shown in 4.13. The default LPTN features one slice in axial direction. Setting up
the model of the HS3ph1p49N machine with nine slices resulted in a temperature decrease
of the hot spot of below 2 %. Therefore, the 1-slice model is used for further investigation
as a worst-case prediction.
Finally, it has to be mentioned, that the gearbox is neglected in all simulations. It is

assumed, that all gearbox related losses are dissipated by its own water-cooling jacket. The
influence of a fixed shaft temperature ϑsh on the temperatures in the stator core and coils
will be discussed by a parameter variation in section 4.2.3. While the temperatures in the
gearbox bearings are monitored, a fitting is omitted due to the simplified modeling.

Fig. 4.13: Employed default MotorCAD-LPTN.
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Temperature Sensor Assignment

All prototypes are equipped with several thermal sensors as depicted in fig. 4.14, to identify
temperature critical positions. To perform loss and model variations in section 4.2.3 and to
assess the reachable power density, the available temperature sensors are matched to nodes
of the 1-slice MotorCAD-LPTN shown in fig. 4.13. As the available temperature sensors are
not exactly in the geometric position of the MotorCAD nodes, a preliminary discussion of the
temperature distribution in the machine is required for this matching. Therefore, fig. 4.15
depicts relevant measured temperatures for all three prototypes at the nominal operation
point NOPM (see table A.11) with a water-jacket inlet temperature ϑinlet = 25 ◦C. At the
vertical red line, the electric generator power Pel,SRG is shut down and the SRG is slowed
down to standstill, hence, air ventilation ceases.

T9
T10

T2
T1

T8T4+T4’
T5
T7

T3

(a) LS2ph3p60N

T10
T9

T11
T3

T2T1T8T4T5

T7

(b) HS2ph2p45N, HS3ph1p49N

Fig. 4.14: Positioning of temperature sensors for thermal validation. Sensors T1-T5 +
T4’ axially centered, T7 attached to the end-windings. Remaining sensors

attached at one axial end on stator/coils.

The highest temperatures in the prototypes are found in fig. 4.15 at the edge of the coils
with the longest distance to the stator core, measured at sensor T2 and T5 (see fig. 4.14) on
both sides of a stator tooth. This is in accordance with simulative findings based on thermal
FEA with distributed total copper losses Pl,cu,ac performed in [Sch15] for the HS3ph3p25N
machine listed in table A.6. In the HS2ph2p45N and LS2ph3p60N machine, a temperature
difference is observed between the temperatures measured at sensor T2 and T5 in fig. 4.15a
and fig. 4.15b before the generator power Pel,SRG is shut down at the vertical red line
and the machines are run down to standstill. The temperature difference can be caused
either by unsymmetrical eddy-current copper losses Pl,cu,eddy [Sch15] or even more likely
by turbulent airflows that are different on the "ingoing" and "outgoing" side of the stator
pole. The measurements support the hypothesis of different airflows on the two sides of
the stator pole. This can be seen in fig. 4.15. Shortly after the electrical power Pel,SRG is
shut down and the machines have run down to standstill (LS2ph3p60N approximately 50 s
after the vertical red line; HS2ph2p45N approximately 100 s after the vertical red line) the
temperature measured with sensor T5 rises in both machines to the same value as measured
with sensor T2. While in the HS2ph2p45N machine sensor T2 shows no ventilation effect,
in the LS2ph3p60N machine the temperature measured at this sensor rises about 3 ◦C when
standstill is reached. In the HS3ph1p49N machine, temperatures measured at sensor T2 and
T5 only show a much smaller difference without the characteristic increase in temperature
after run down to standstill approximately 150 s after the vertical red line.
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Fig. 4.15: Measured steady state temperatures (see fig. 4.14) at operation point NOPM

(see table A.11). At vertical red line electric generator power Pel,SRG is shut
down and the SRGs are slowed down to standstill.

For the HS2ph2p45N and HS3ph1p49N machines, the same sensor assignment is imple-
mented. From the previous discussion, sensor T2, which does not show any ventilation effect
in both machines, is assigned to the corresponding MotorCAD hot spot node Slot Center
C2. Sensor T5 is assigned to the node Wedge close to the air gap, expecting a certain error in
the HS2ph2p45N machine due to the ventilation offset. Temperature sensor T1 is matched
with Wdg Average C2, while sensor T4 cannot be adequately matched, since the basic Mo-
torCAD-LPTN does not offer inhomogeneous loss distribution in windings. Therefore, the
different temperatures measured at sensor T1 and T4 observed in fig. 4.15b and 4.15c can-
not be modeled. T3 is most closely matched by the node Liner-Yoke. Temperature sensor
T7 is matched to the node Ewdg Rear R C2, where EWdg stands for end-winding and R
is for rear as defined by MotorCAD. Sensor T8 is mounted on the end-winding facing the
stator tooth represented by the node EWdg Bore R. Sensor T9 is represented by the node
Endspace R, although sensor T9 is mounted on the stator core and Endspace R is located
in the gap between end-windings, housing and stator. With the help of Endspace R the
temperatures at the stator on one end can be roughly estimated in the simulation model.
As Endspace R is connected via thermal resistances with bearing, housing, end-windings
it will probably show a higher temperature than sensor T9, being directly attached to the
stator core. Remaining temperatures sensors T10 and T11 on the stator yoke cannot be
matched to suitable MotorCAD nodes.
For the LS2ph3p60N machine, the temperature sensor assignment is slightly differing

from the high-speed machines. The assignment of sensor T2 to Slot Center C2 is not
possible, due to the discussed ventilation offset observed in fig. 4.15a. Sensors T1 and T5
are matched similar to the high-speed machines to Wdg Average C2 and Wedge, respectively.
Temperature sensor T7 is matched to the the MotorCAD node EWdg Front F C1 on the end-
windings, where F stands for front, due to the sensor placement on the other side compared
to the high-speed machines. In the LS2ph3p60N machine, temperature sensor T8 is attached
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4.2 Thermal Behavior and Power Density

LS2ph3p60N HS2ph2p45N, HS3ph1p49N
Sensor MotorCAD node fit Sensor MotorCAD node fit
T1 Wdg Average C2 x T1 Wdg Average C2 x
T2 Wedge x T2 Slot Center C2 x

T5 Wedge x
T7 Ewdg Front F C1 x T7 EWdg Rear R C2 x
T8 Stator Surface T8 EWdg Bore R x
T9 EndSpace F T9 Endspace R
T4’ Tooth C2 T3 Liner-Yoke

Table 4.11: Assignment of temperature sensors to MotorCAD nodes for validation and
coil temperatures (x) employed for impregnation goodness ζwinding fitting.

on the stator tooth close to the air gap facing the end-windings and matched to node Stator
surface, which represents in the model the surface of the stator tooth facing the air gap.
Sensor T9 is matched to EndSpace F for same reasons as in the high-speed machines.
All matched temperature sensors and MotorCAD nodes are listed in table 4.11. As the

matching of the hot spot temperature in the coil is of highest importance, only the coil
temperatures marked in table 4.11 are employed for the impregnation goodness ζwinding
fitting, described in the following.

Parameter Determination

In MotorCAD, the winding connection to the stator is influenced by the material choice of
the impregnation and the slot liner as well as the corresponding correction factors impreg-
nation goodness ζwinding and ζliner. With these correction factors, it is possible to account in
the simulation models for manufacturing uncertainties due to the winding placement or en-
closed air pockets. In publications, the thermal conductivity of winding impregnation differs
strongly: a range of 0.15 – 0.31W/m·K is given in [Liu+16], but also 0.2 – 2W/m·K is stated in
[GWG16]. Higher values can be achieved by adding Al2O3 or AlN micro powder to epoxy, as
done in [Liu+16]. Considering slot liners, 0.1 – 5W/m·K has been assumed in [GWG16]. For
common slot liner material, such as Nomex410 or ThermaVolt AR, thermal conductivities of
0.103 – 0.175W/m·K and 0.1 – 0.23W/m·K are stated in data sheets, respectively.
In the MotorCAD model, epoxy with a thermal conductivity of 0.22W/m·K, a slot liner

thickness of 0.22 mm and impregnation goodness ζliner = 1.75 are fixed, while the temper-
ature fitting is performed by a varying impregnation goodness ζwinding. A fit could also be
achieved by setting the thermal conductivity higher and reducing the impregnation good-
ness ζwinding or altering the slot line thickness and impregnation goodness ζliner. The specific
parameters have different effects on the coil internal temperature distribution, however, as
these temperatures cannot be measured, the result at the surface of the coil is the same. The
effect of a changing impregnation goodness ζwinding on the deviation between the matched
temperature sensors and nodes (see table 4.11) is evaluated by the root-mean-square-error
RMSE as defined in (4.10). In (4.10) ϑ̂i are measured and ϑi are simulated temperatures at
a water-jacket inlet temperature ϑinlet = 25 ◦C. Sensor measuring characteristics as well as
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4 Generator Design and Discussion

installation conditions and sensor wires influence the temperatures measured on a test bench
[SC03; Qi+16]. As the exact error of each sensor cannot be quantified in the prototypes,
the model is directly fit to the measured temperatures discussed previously.

RMSE =

√∑ (ϑi − ϑ̂i)2

n
(4.10)

In fig. 4.16, the resulting root-mean-square-error RMSE for the three prototypes is de-
picted together with the relative deviation of simulated temperatures ϑi to measured tem-
peratures ϑ̂i over the variated impregnation goodness ζwinding from 0.75 – 2.5 . The RMSE
shows a minimum for all three machines in this parameter range, marked with red circles in
fig. 4.16a. At impregnation goodnesses ζwinding below this value, the fitted coil temperatures
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(a) RMSE over impregnation goodness ζwinding
red circles indicate chosen ζwinding for the three machines.
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Fig. 4.16: Root-mean-square-error RMSE and temperature deviation over impregnation

goodness ζwinding for sensor assignment listed in table 4.11. MotorCAD
parametrization: section A.3.1; water-jacket inlet temperature ϑinlet = 25 ◦C
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4.2 Thermal Behavior and Power Density

(see table 4.11) are overestimated, above they are underestimated. As can be observed in
fig. 4.16b - 4.16d, the winding temperatures are influenced stronger than the stator temper-
atures by a change of the impregnation goodness ζwinding. Therefore, it is valid to minimize
the root-mean-square-error RMSE only for the matched coil temperatures listed in ta-
ble 4.11. For further investigations, the impregnation goodness ζwinding indicated with red
circles in fig. 4.16a are employed.

Model Validation at Nominal Thermal Conditions

Measurement and simulation results at the operation point NOPM (see table A.11) for
the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines (see table A.2) are listed in
table 4.12 and table 4.13. With the final parameter set derived in the previous sections
and listed in table A.8, the thermal simulation is additionally performed at the nominal
thermal condition of a water-jacket inlet temperature ϑinlet = 60 ◦C to evaluate the hot
spot temperatures in the target application. The losses are not adjusted with the increased
temperatures, somehow expecting lower temperatures than in measurement. In addition
to measurements with a water-jacket inlet temperature ϑinlet = 25 ◦C, a measurement of
the HS2ph2p45NX machine at NOPM (see table A.11) and of the LS2ph3p60N machine at
an increased input power Pm,sh = 22 kW at nominal generator speed nSRG,nom and an inlet
temperature ϑinlet = 60 ◦C are available for validation of the extrapolation.
In the LS2ph3p60N machine, the measured end-winding temperature at sensor T7 is

about 23 ◦C below the maximal measured temperature at sensor T2 (see table 4.12). This
temperature difference could be caused by the eddy-current copper losses Pl,cu,eddy, which are
expected to occur mainly in the slot (see section 2.2.1) as well as by the better ventilation of
the end-winding [Jun+12] compared to the stator slot. The hot spot temperature estimated

Temperatures in ◦C
Pm,sh NOPM (see table A.11) 22 kW
ϑinlet 25 ◦C 60 ◦C ∆ϑinlet 60 ◦C

sensor MotorCAD node meas sim sim sim meas sim
T1 Wdg Average C2 144.8 142.4 171.4 29 179.7 182.1
T2 Wedge 146.0 143.9 172.8 28.9 183.3 184.7
T3 * 52.6 * * * 79.5 *
T4 * 113.9 * * * 151.0 *
T4’ Tooth C2 88.7 78.2 107.2 29 119.5 111.4
T5 * 128.5 * * * 165.5 *
* Slot Center C2 * 163.4 192.3 28.9 * 205.2
T7 Ewdg Front F C1 120.7 121.0 149.9 28.9 154.5 158.5
T8 Stator Surface 82.5 80.5 109.4 28.9 111.2 113.6
T9 Endspace F 81.1 78.5 107.1 28.6 119.1 111.1
T10 * 50.9 * * * 80.9 *

Table 4.12: Comparison of measured and simulated temperatures of LS2ph3p60N
machine. MotorCAD parametrization: section A.3.1; ∆ϑinlet: Temperature
increase between ϑinlet = 25 ◦C and 60 ◦C; *: sensor/node not available

81



4 Generator Design and Discussion

in simulation by the MotorCAD node Slot Center C2 is again about 20 ◦C higher. This
difference is close to the 15 ◦C ventilation offset observed in fig. 4.15a. Therefore, in the
LS2ph3p60N machine the hot spot is expected to be located close to the coil surface facing
the air gap.
The influence of the thermal interface formed by the slot liner between the coils and the

stator tooth can be investigated with the help of sensor T4 and T4’ in the LS2ph3p60N
machine. These sensors are placed close to each other axially centered at the interface
between coil and stator tooth. T4’ is placed directly on the iron core, while T4 is placed
on the coil just separated from T4’ by the slot liner (see fig. 4.14). In table 4.12 it can
be observed that the slot liner interface is responsible for a temperature drop of around
25 ◦C in this spot. Another qualitative discussion can be performed regarding the stator
temperatures measured at sensor T3 and T8 - T10 in the LS2ph3p60N machine. The stator
tooth shows a uniform temperature as can be deduced from temperatures measured with
sensor T8 at the air gap and T9 above the windings (see fig. 4.14). The yoke temperatures
measured with sensor T3 in the axial center and T10 at the end of the stator are both close
to 50 ◦C. All temperatures measured on the stator are below 90 ◦C, hence, uncritical in
terms of power density estimation of the machine.
In both high-speed HS2ph2p45N and HS3ph1p49N machines, the measured end-winding

temperature at sensor T7 is about 30 ◦C below the maximal measured temperature at sensor
T2 (see table 4.13). Reasons are the same as for the LS2ph3p60N machine. Due to the fit of
Slot Center C2 to sensor T2, the measured temperature matches closely the simulation.
All stator temperatures measured with sensors T9 - T11 on the stator yoke are similar in
both high-speed HS2ph2p45N and HS3ph1p49N machines. This indicates that the thicker
yoke in the HS3ph1p49N machine is compensated by the lower total copper losses Pl,cu,ac
(see fig. 4.12a) compared to the HS2ph2p45N machine. Close to the stator tooth, sensor
T9 shows with approximately 82 ◦C the highest stator yoke temperature, similar to the
temperature found in the LS2ph3p60N machine at the comparable sensor T9.
Increasing the water-jacket inlet temperature ϑinlet by 35 ◦C from 25 ◦C to 60 ◦C in the

simulation of the LS2ph3p60N machine, results in increased temperatures by 29 ◦C (see
table 4.12). For the HS3ph1p49N and HS2ph2p45N machines, increased temperatures by
33 ◦C are found in table 4.13. This suggests the possibility to extrapolate temperatures from
measurements obtained at lower water-jacket inlet temperature ϑinlet.
With the help of measurements at an increased input power Pm,sh = 22 kW the result

of a constant offset is validated. The measurements listed in table 4.12 show increased
winding temperatures by 35 – 40 ◦C compared to the measurement at an inlet temperature
ϑinlet = 25 ◦C. The stator temperatures are only increased by 30 ◦C (see table 4.12). The
simulation shows a constant offset of winding temperatures around 40 ◦C and of stator
temperatures around 33 ◦C, without taking in consideration the increase of Pl,mach due to
the increased winding temperature. The fitted temperatures in the simulation, especially
the critical coil temperatures Wedge and Wdg Average C2, closely match the corresponding
sensor temperatures. At node Wedge the simulation overestimates the temperature by 1.3 ◦C
compared to measurement, while the highest deviations are found for nodes Tooth C2 and
Endspace F, at which the temperature in simulation is underestimated by approximately
9 ◦C.
For the HS2ph2p45N and HS2ph2p45NX machines, the measurement results are not
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Temperatures in ◦C
ϑinlet 25 ◦C 60 ◦C ∆ϑinlet

sensor MotorCAD node meas sim sim sim
T1 Wdg Average C2 139.5 135.9 168.9 33.0
T2 Slot Center C2 150.9 150.4 183.4 33.0
T3 Liner Yoke 90.1 87.3 120.4 33.1
T4 * 140.9 * * *
T5 Wedge 147.9 138.0 171.0 33.0
T7 Ewdg Rear R C2 121.8 122.1 155.1 33.0
T8 Ewdg Bore R 114.1 114.8 147.7 33.0
T9 Endspace R 82.3 77.2 110.1 33.0
T10 * 55.8 * * *
T11 * 61.9 * * *

(a) HS3ph1p49N (see table A.2) at operation point NOPM (see table A.11);

Temperatures in ◦C
HS2ph2p45N HS2ph2p45NX

ϑinlet 25 ◦C 60 ◦C ∆ϑinlet 25 ◦C 60 ◦C ∆ϑinlet
sensor MotorCAD node meas sim sim sim meas meas meas
T1 Wdg Average C2 135.3 136.4 169.2 32.9 111.4 141.1 29.7
T2 Slot Center C2 149.7 149.1 181.9 32.8 145.8 176.4 30.6
T3 Liner Yoke 98.2 88.6 121.6 33 101.4 130.8 29.4
T4 * 119.5 * * * 122.7 151.7 29.0
T5 Wedge 136.7 138.7 171.5 32.8 142.9 174.4 31.4
T7 Ewdg Rear R C2 118.1 124.9 157.7 32.8 113.7 142.2 28.4
T8 Ewdg Bore R 119.9 121.8 154.6 32.8 98.3 129.1 30.7
T9 Endspace R 81.9 80.4 113.1 32.8 57.3 89.1 31.8
T10 * 55.8 * * * 52.9 84.1 31.2
T11 * 64.0 * * * * * *

(b) HS2ph2p45N and HS2ph2p45NX (see section A.2.1.1) at operation point NOPM (see
table A.11);

Table 4.13: Comparison of measured and simulated temperatures of high-speed
machines. MotorCAD parametrization: section A.3.1; ∆ϑinlet: Temperature
increase between ϑinlet = 25 ◦C and 60 ◦C; *: sensor/node not available

directly comparable, as two different hand-built prototypes had to be employed for the
tests, hence, sensor installation is not identical. This effect can be clearly seen at sensor
T1, which shows a decrease in temperature of 24 ◦C between the two measurements at a
water-jacket inlet temperature ϑinlet = 25 ◦C (see table 4.13b). In addition, sensors T8 and
T9 show much lower temperatures in the HS2ph2p45NX machine, indicating that in the
HS2ph2p45N machine these sensors are attached more closely to the winding and stator. A
positive deviation can be found for sensor T5, for which the measured temperatures range in
the HS2ph2p45NX very close to temperatures measured at sensor T2, hence, the hot spot.
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For this particular sensor it is believed, that it was positioned within the direct airflow in
the HS2ph2p45N machine, while being covered by material in the HS2ph2p45NX machine.
For the hot spot sensor T2, a reduction of 4 ◦C is reported in table 4.13b, indicating a
less good attachment to the coil. Increasing the water-jacket inlet temperature ϑinlet in
the HS2ph2p45NX machine shows that all temperatures are increased by about 30 – 31 ◦C,
again below the offset expected from the increase of ϑinlet. Considering the 4 ◦C offset for
temperatures measured with sensor T2, the simulation fits quite precisely the increased
water-jacket inlet temperature ϑinlet.
The measurement validations show that the simulation model fitted on measurements at

a water-jacket inlet temperature ϑinlet = 25 ◦C can be employed to extrapolate hot spot
temperatures to higher inlet temperatures ϑinlet. For all three machines, the hot spot is
found on the coil surface close to the air gap in the axial center of the stator rather than
in the end-winding. Both hot spot temperatures in the high-speed machines HS2ph2p45N
and HS3ph1p49N are very close to the 180 ◦C hot spot temperature target of a class H
wire insulation (see table 4.13). The LS2ph3p60N hot spot temperature, however, is with
192.3 ◦C by 7 % over the 180 ◦C target.

4.2.3 Machine Model and Loss Variations
In this section, variations of the machine model as well as the loss-input to the model
are discussed. This comprises a variation of the gearbox cooling as well as an increase
in machine stack length Lstk. In terms of loss variation, in a first step the improvements
regarding eddy-current copper losses Pl,cu,eddy (see section 4.1.1), iron core losses Pl,fe (see
section 4.1.2) and windage losses Pl,wind (see section 4.1.3) are discussed separately. In a
second step, the combined improvements discussed in section 4.1.5 are employed. Basis for
all variations are the machine models listed in table A.2 with the MotorCAD parametrization
listed in appendix A.3.1.
As the MotorCAD nodes listed in table 4.14 stand for characteristic average and hot spot

temperatures in the active parts of the SRG (i.e. stator, rotor and coils), specific variables
are assigned to them for a more intuitive discussion.

MotorCAD node variable name MotorCAD node variable name
Stator Back Iron ϑst,bi Rotor Back Iron ϑrt,bi
Stator Surface ϑst,hs Rotor Surface ϑrt,hs
Winding Average ϑcoil Shaft Active ϑsh,act
Slot Center C2 ϑcoil,hs

Table 4.14: Assigned variables to characteristic machine temperatures.

Increase of Machine Stack Length

In the previous section it was found that all built prototypes show a hot spot temperature
ϑcoil,hs (Slot Center C2 in table 4.12 - 4.13) above the 180 ◦C target for a class H coil insula-
tion at a water-jacket inlet temperature ϑinlet = 60 ◦C. While the hot spot coil temperatures
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ϑcoil,hs of the HS2ph2p45N and HS3ph1p49N machines almost reach the target with 181.9 ◦C
and 183.4 ◦C, respectively, the ϑcoil,hs of the LS2ph3p60N machine reaches 192.3 ◦C.
To be able to compare the machines at similar thermal conditions, their outer dimensions

need to be adapted. This can be done by reemploying the complete design tool-chain to
obtain a new machine cross section, hence, change copper area Acu and stack length related
stator thermal resistance R′th,st. Another solution is a simple increase of the active stack
length Lstk of existing prototypes (see table A.2). Both measures are prone to errors, as they
do not only influence the thermal but also the electromagnetic behavior and ultimately the
losses. For the increase of stack length Lstk, considering constant losses is rather a worst-case
estimation, as this measure reduces the phase rms-current Iph,rms and the pole flux linkage
Ψpl and consequently the total copper losses Pl,cu,ac (see (2.19)) and iron core losses Pl,fe (see
(2.31)).
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Fig. 4.17: Influence of stack length Lstk on stator and coil temperatures. Increase
relative to prototype parameters listed in table A.2; Operation point NOPM
(see table A.11); MotorCAD parametrization: appendix A.3.1; water-jacket

inlet temperature ϑinlet = 60 ◦C

In fig. 4.17, the effect of an increased Lstk on the relevant machine temperatures is de-
picted. The housing and coil length was increased by the same increase in stack length
Lstk, keeping end-winding overhand and additional housing components constant. As the
hot spot is located in the axial center of the machine, the reduction of hot spot coil tem-
perature ϑcoil,hs is not exactly linear proportional to the relative increase of stack length
Lstk. However, this effect should be compensate by the expected reduction of electromag-
netic losses due to the stack length increase. To reach the target hot spot coil temperature
ϑcoil,hs = 180 ◦C in simulation, the HS2ph2p45N, HS3ph1p49N and LS2ph3p60N machine
stack length Lstk needs to be increased by 2 %, 4 % and 15 %, respectively.

Gearbox Cooling Influence

For the impregnation goodness ζwinding fitting, the end-shaft temperature ϑsh was not pre-
defined. The influence of a gearbox oil cooling in high-speed machines can be modeled by
fixing ϑsh to a range of temperatures. In fig. 4.18, the effect on the characteristic stator, ro-
tor and coil temperatures as well as the shaft center temperature ϑsh,act of the HS2ph2p45N
machine is depicted. Not defining the end-shaft temperature ϑsh leads to a node temperature
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Fig. 4.18: Influence of an end-shaft temperature ϑsh variation on stator, rotor and coil
temperatures in the HS2ph2p45N machine. Model data: table A.2; Operation
point NOPM (see table A.11); MotorCAD parametrization: appendix A.3.1;

water-jacket inlet temperature ϑinlet = 60 ◦C

of approximately 175 ◦C in this machines. It can be seen, that a free end-shaft temperature
ϑsh is resulting in the highest temperatures, hence a worst-case estimation. Reducing the
front shaft temperature ϑsh has most impact on rotor and shaft temperatures, while for coil
and stator temperatures only a reduction by less than 3 ◦C is observed (e.g. from 182 ◦C at
ϑsh = free to 179.3 ◦C at ϑsh = 60 ◦C for coil hot spot temperature ϑcoil,hs). This improvement
ranges close to the deviation of measured to simulated hot spot coil temperature ϑcoil,hs in
the HS2ph2p45N machine (see table 4.13b).
The reduction of the rotor temperatures is below 15 ◦C (e.g. from 177.6 ◦C at ϑsh = free

to 166.5 ◦C at ϑsh = 60 ◦C for rotor hot spot temperature ϑrt,hs). Therefore, if rotor temper-
atures are of critical interest for the power density, the shaft cooling has to be considered.
However, the simulated and measured temperatures allow the assumption that neglecting
any loss input and cooling of the gearbox is valid for coil hot spot prediction in the high-speed
machines.

Variation of Iron Core Losses

To investigate the influence of the iron core material on the thermal behavior of the machines,
the simulated loss values listed in table A.15 were input to the MotorCAD models. In
addition, the achievable temperatures with no iron core losses are simulated, to validate
the approach of a single thermal heat source for coil temperature estimation developed in
section 3.3.1. The material parametrization listed in section A.3.1 was not adjusted to the
changed iron core materials.
In fig. 4.19, the resulting characteristic stator and coil temperatures are depicted. The

reduced iron core losses Pl,fe between NO30 and NO10 lead to reduced hot spot coil tem-
peratures by 3 ◦C, 8.5 ◦C and 10 ◦C in the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N
machines, respectively. Similar temperature reductions are found for the stator hot spot
temperatures. Hence, employing a lower loss iron core material, such as NO10, is primarily
interesting for an improvement of the machine efficiency ηmach, rather than the potential
increase in power density φP,tot.
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Fig. 4.19: Influence of iron core loss Pl,fe variation on stator and coil temperatures.
Model data: table A.2; Operation point NOPM (see table A.11) with iron core

loses Pl,fe listed in table A.15 (0 signifies Pl,fe = 0 W); MotorCAD
parametrization: appendix A.3.1 (no adaptation to changed iron core

material); water-jacket inlet temperature ϑinlet = 60 ◦C

The machine prototypes are built with NO20 in case of the high-speed HS2ph2p45N and
HS3ph1p49N machine and NO30 in case of the LS2ph3p60N machine. Setting the iron core
losses Pl,fe = 0 W results in a reduction in hot spot coil temperature ϑcoil,hs by 7 ◦C, 10.4 ◦C
and 11.2 ◦C in the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines, respectively (see
fig. 4.19). This indicates, that for the HS2ph2p45N and HS3ph1p49N machines of compa-
rable electric base frequency fel, a constant temperature offset can account for the iron core
losses Pl,fe in the pre-design (see section 3.3.1). However, the chosen offset around 20 ◦C in
section 3.4 for the high-speed machines is higher than the 10 ◦C found with the help of the
detailed analysis in this section. This accounts rather for the difference between average
coil temperature ϑcoil and hot spot coil temperature ϑcoil,hs, which is in the range of 25 ◦C.

Variation of Eddy-Current Copper Losses

Based on the prototype machine losses Pl,mach depicted in fig. 4.12a at the operation point
NOPM (see table A.11), reduced eddy-current copper losses Pl,cu,eddy in 25 % steps were
input to the MotorCAD models. The lower thermal conductivity of litz wire, due to the
added insulation between individual strands, as well as the changed loss distribution in the
coil, due to the location of eddy-current copper losses Pl,cu,eddy close to the air gap, are
neglected.
In fig. 4.20, the resulting characteristic stator and coil temperatures are depicted. Em-

ploying litz-wire technology, a reduction of the eddy-current copper losses Pl,cu,eddy by 75 %
was deduced realistic in section 4.1. This reduction leads to reduced hot spot coil temper-
atures by 15.7 ◦C, 25.1 ◦C and 30.8 ◦C in the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N
machines, respectively. The reduction potential is evidently higher in the two high-speed
machines, due to the increased share of eddy-current copper losses Pl,cu,eddy on the total
copper losses Pl,cu,ac (see fig. 4.12b).
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Fig. 4.20: Influence of eddy-current copper losses Pl,cu,eddy variation on stator and coil
temperatures. Model data: table A.2; Operation point NOPM (see
table A.11). Loss variation relative to prototype Pl,cu,eddy depicted in

fig. 4.12a; MotorCAD parametrization: appendix A.3.1 (no adaptation of coil
thermal conductivity); water-jacket inlet temperature ϑinlet = 60 ◦C

Variation of Windage Losses

Based on the prototype machine losses Pl,mach depicted in fig. 4.12a at the operation point
NOPM (see table A.11) and the mechanical losses Pl,m listed in table 4.7, reduced windage
losses Pl,wind in 10 % steps were input to the MotorCAD models. The effect of reduced airflow
and turbulence in the stator slots by a closure as well as the improved thermal conductivity
of the stator slot by the employed silicon resin are neglected.
In fig. 4.21, the resulting characteristic stator and coil temperatures are depicted. Em-

ploying a stator slot closure, a reduction of the windage losses Pl,wind by 50 % was found
realistic in section 4.1.3. This reduction leads to reduced hot spot coil temperatures by
1.5 ◦C, 5.6 ◦C and 4.3 ◦C in the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines,
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Fig. 4.21: Influence of windage loss Pl,wind variation on stator and coil temperatures.
Model data: table A.2; Operation point NOPM (see table A.11). Loss
variation relative to prototype Pl,wind listed in table 4.7; MotorCAD

parametrization: appendix A.3.1 (no adaptation of coil thermal conductivity
and air flow in air gap); water-jacket inlet temperature ϑinlet = 60 ◦C
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respectively. The effect on hot spot stator temperatures is approximately by a factor two
higher (3 ◦C, 11 ◦C and 8.9 ◦C in the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines,
respectively). The reduction of Pl,wind by stator slot closure has the lowest impact on the
investigated temperatures off all considered loss reductions. Again the reduction potential is
higher in the high-speed machines, due to the increased windage losses Pl,wind (see table 4.7).
Combining the found reduction potential (see fig. 4.21) with the measured temperature

reduction by 25.4 ◦C in the static characterization for the HS2ph2p45N machine (see ta-
ble 4.10), a reduction of hot spot coil temperature ϑcoil,hs by 30 ◦C in the high-speed machines
is realistic.

Combined Loss Improvements

Finally, the thermal effects shown in fig. 4.19 - fig. 4.21 are combined. Namely these are,
reduced windage losses Pl,wind by 50 %, iron core losses Pl,fe calculated with NO10 iron core
material and reduced eddy-current copper losses Pl,cu,eddy by 75 %. Beside the loss input,
no changes in the machine cross sections and stack length Lstk listed in table A.2 as well as
material parameters are performed.
Table 4.15 lists the temperatures in machines with the combined loss reductions (I2)

compared to the prototype machines (P) LS2ph3p60N, HS2ph2p45N and HS3ph1p49N (see
table A.2). The combined loss reductions lead to reduced hot spot coil temperatures by
20 ◦C, 35.4 ◦C and 39.9 ◦C in the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines,
respectively. The reduction in the stator is lower than in the coils (e.g. reduction of the stator
hot spot temperature ϑst,hs in the HS2ph2p45N machine by 24.8 ◦C). The rotor temperatures
profit especially from the reduced iron core losses Pl,fe in the high-speed machines (e.g.
reduction of the rotor hot spot temperature ϑrt,hs in the HS2ph2p45N machine by 43.7 ◦C).

Temperatures in ◦C
LS2ph3p60N HS2ph2p45N HS3ph1p49N
P I2 P I2 P I2

ϑst,bi 78.9 74.9 84.5 75.9 83.0 74.5
ϑst,hs 109.4 98.2 128.2 103.3 123.2 99.5
ϑcoil,hs 192.3 172.3 181.9 146.5 183.4 143.5
ϑcoil 162.4 146.2 159.3 129.6 158.9 126.4
ϑrt,bi 128.4 111.8 176.6 134.5 182.6 137.4
ϑrt,hs 129.3 111.9 177.6 133.9 179.3 134.3
ϑsh,act 129.7 114.3 180.2 142.2 185.3 144.6

Table 4.15: Influence of combined loss improvements on stator, rotor and coil
temperatures. P: Prototype machines listed in table A.2. I2: iron core losses
with NO10 (table A.15), 25 % Pl,cu,eddy (fig. 4.12a), 50 % Pl,wind (table 4.7).

Operation point NOPM (see table A.11); MotorCAD parametrization:
appendix A.3.1 (no adaptation of material data); water-jacket inlet

temperature ϑinlet = 60 ◦C
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4.2.4 Power Density Estimation
To compare the initially built prototypes LS2ph3p60N, HS2ph2p45N and HS3ph1p49N (see
table A.2) at equal thermal conditions, two model variations were performed with the help
of MotorCAD. For the first variation the obtained losses of the prototypes LS2ph3p60N,
HS2ph2p45N and HS3ph1p49N ("reached" in table 4.9) are kept constant and the stack
length Lstk is increased to obtain a coil hot spot temperature ϑcoil,hs of 180 ◦C. For the
second variation the reduced losses ("improved" in table 4.9) are applied to the MotorCAD
model and the stack length Lstk is reduced to obtain again a coil hot spot temperature of
180 ◦C. The active parts length Lact and total machine length Ltot are changed in both
cases by the same absolute value as the stack length Lstk. The resulting machine lengths are
listed in table A.4. The machine cross sections described in table A.2 are kept constant for
all variations and the influence of the changed stack length Lstk on dynamic phase voltage
uph (see (2.9)) and, consequently, coil design and coenergy loop Wco are neglected.

(a) LS2ph3p60N (b) HS2ph2p45N, HS3ph1p49N
Fig. 4.22: Bodies for calculation of machine and gearbox volumes VSRG and Vgear.

Based on nominal input power Pm,sh and machine torque Ttot,nom, the volumetric and
gravimetric power density φP,tot and ξP,tot as well as the volumetric and gravimetric torque
densities φT,tot and ξT,tot are calculated. The volumes of the machines are simplified with
cylindrical bodies as shown in fig. 4.22. The weights are calculated with the help of 3-
D-CAD models, neglecting small parts, such as screws and bearings as well as the cooling
fluids. To evaluate the prediction accuracy, the weights of the built prototypes LS2ph3p60N,
HS2ph2p45N and HS3ph1p49N are measured and compared to the calculated values. Beside
the volumetric and gravimetric power density φP,tot and ξP,tot of the complete machines, the
corresponding values of the active parts, stator, rotor and coils, are calculated. All retrieved
values are listed in table 4.16.
To reach a coil hot spot temperature ϑcoil,hs = 180 ◦C the stack length Lstk needs to be

prolonged by 9 mm or 15 % in the LS2ph3p60NI1 machine compared to the LS2ph3p60N
machine (see fig. 4.17). This leads to an increased mact and mSRG by 1.6 kg and 2.3 kg or
13 % and 11 %, respectively (see table 4.16). Consequently, the power and torque densities
are reduced in the LS2ph3p60NI1 machine compared to the built LS2ph3p60N prototype.
Regarding the active parts, power densities ξP,act of 1.4 kW/kg and φP,act of 5.3 kW/l are
realistic for this scenario. The torque related values ξT,act and φT,act are comparable with
1.8 Nm/kg and 6.8 Nm/l, respectively. Regarding the complete machine, the gravimetric val-
ues are reduced by a factor two, while the volumetric values are reduced by a factor three.
In total a gravimetric power density ξP,tot of 0.7 kW/kg and volumetric power density of
1.8 kW/l of the complete machine are realistic. The efficiency improvements in this scenario
offer a potential reduction of the stack length Lstk by 15 mm or 22 % in the LS2ph3p60NI2
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LS2ph3p60N HS2ph2p45N HS3ph1p49N
P I1 I2 P I1 I2 P I1 I2

Lstk in mm 60.0 69.0 54.0 80.0 81.6 50.0 80.0 83.2 46.0
mact in kg 12.2 13.8 11.2 8.0 8.1 5.3 8.0 8.3 5.0
mgear in kg - 4.4 4.4
pred. mSRG in kg 26.1 28.4 24.6 16.6 16.9 12.6 16.7 17.1 12.1
meas. mSRG in kg 28.9 - 18.3 - 17.5 -
Vact in l 3.4 3.8 3.2 1.7 1.7 1.3 1.8 1.9 1.3
Vgear in l - 2.8 2.8
VSRG in l 10.6 11.2 10.1 7.6 7.7 6.5 7.6 7.7 6.4

active parts
ξP,act in kW/kg 1.6 1.4 1.8 2.5 2.5 3.8 2.5 2.4 4.0
φP,act in kW/l 5.8 5.3 6.3 11.6 11.4 15.8 11.0 10.7 15.5
ξT,act in Nm/kg 2.1 1.8 2.3 1.0 1.0 1.5 1.0 0.9 1.5
φT,act in Nm/l 7.4 6.8 8.0 4.5 4.4 6.1 4.3 4.1 6.0

complete machine
ξP,tot in kW/kg 0.8 0.7 0.8 1.2 1.2 1.6 1.2 1.2 1.7
φP,tot in kW/l 1.9 1.8 2.0 2.6 2.6 3.1 2.6 2.6 3.2
ξT,tot in Nm/kg 1.0 0.9 1.0 1.9 1.9 2.5 1.9 1.9 2.6
φT,tot in Nm/l 2.4 2.3 2.5 4.2 4.1 4.9 4.2 4.1 5.0

Table 4.16: Masses, volumes, gravimetric and volumetric power and torque densities of
built prototypes (P) (see table A.2). I1: HS2ph2p45NI1, HS3ph1p49NI1 and

LS2ph3p60NI1 machines with increased stack length Lstk to reach
ϑcoil,hs = 180 ◦C (see table A.4). I2: HS2ph2p45NI2, HS3ph1p49NI2 and
LS2ph3p60NI2 with combined loss reductions (see section 4.2.3) and
decreased stack length Lstk to reach ϑcoil,hs = 180 ◦C (see table A.4).

machine compared to the LS2ph3p60NI1 machine. This leads to an increase of total gravi-
metric power density ξP,tot by 0.1 kW/kg and volumetric power density φP,tot by 0.2 kW/l
compared to the realistic values of the LS2ph3p60NI1 machine.
Both high-speed machines HS2ph2p45N and HS3ph1p49N were already close to the hot

spot coil temperature ϑcoil,hs = 180 ◦C, hence, to reach the target, the stack length Lstk
needs only to be increased by 1.6 mm and 3.2 mm or 2 % and 4 % in the HS2ph2p45NI1 and
HS3ph1p49NI1 machines, respectively (see fig. 4.17). The increase in material weights has
only a small effect on the realistic gravimetric and volumetric power and torque densities
(see table 4.16). Regarding the active parts, a power density ξP,act of 2.4 kW/kg and φP,act
of 10.7 kW/l is realistic for the HS3ph1p49NI1 machine. The torque related values ξT,act
and φT,act are much lower with 0.9 Nm/kg and 4.1 Nm/l in the HS3ph1p49NI1 machine,
respectively. The values of the HS2ph2p45NI1 machine are only by 0.1 kW/kg and 0.7 kW/l
or 0.1 Nm/kg and 0.1 Nm/l higher than for the HS3ph1p49NI1 machine. Regarding the
total machines, a gravimetric power density of 1.2 kW/kg and a volumetric power density
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of 2.6 kW/l is reached in both high-speed HS2ph2p45NI1 and HS3ph1p49NI1 machines.
Torque related values of 1.9 Nm/kg and 4.1 Nm/l are reached in the HS2ph2p45NI1 and
HS3ph1p49NI1 machines. The total volumetric torque density φT,tot is comparable to the
active parts volumetric torque density φT,act, as the gearbox only adds 2.8 l to the complete
machine volume but increases the output torque by over a factor 4. The efficiency improve-
ments in this high-speed scenario offer a potential reduction of the stack length Lstk by
37.2 mm or 45 % in the HS3ph1p49NI2 machine compared to the HS3ph1p49NI1 machine.
The reduced stack length Lstk leads to an increase of total gravimetric power density ξP,tot
by 0.5 kW/kg and volumetric power density by 0.6 kW/l. For the HS2ph2p45NI2 compared
to HS2ph2p45NI1 machine the reduction potential is lower with 31.6 mm or 39 %. The in-
crease of total gravimetric power density ξP,tot by 0.4 kW/kg and volumetric power density
by 0.5 kW/l is consequently also lower.
Comparing the two scenarios, the effect of an increased nominal generator speed nSRG,nom

on the realistic power and torque densities (I1 in table 4.16) can be analyzed. Comparing
the active parts, the high-speed machine HS2ph2p45NI1 offers an increase in gravimetric
and volumetric active material power density ξP,act and φP,act by 1.1 kW/kg and 6.1 kW/l
or 79 % and 115 % compared to the LS2ph3p60NI1 machine, respectively. The gravimetric
and volumetric torque density ξT,act and φT,act is in the HS2ph2p45NI1 machine reduced
by 0.8 Nm/kg and 2.4 Nm/l or 44 % and 35 % compared to the LS2ph3p60NI1 machine,
respectively. This is caused by the reduced total torque Ttot of the high-speed machines by
a factor 3.3 due to the gearbox. The relative values explain, why the increase of nSRG,nom
by a factor close to three between the low-speed and the high-speed scenario only offers
a power density increase of below a factor two. The thermal behavior of the high-speed
machines are limiting a further increase, while electromagnetically smaller machines could
be achieved. Considering the complete machine, the high-speed HS2ph2p45NI1 machine
offers an increase in gravimetric and volumetric power density ξP,tot and φP,tot by 0.5 kW/kg
and 0.8 kW/l or 71 % and 44 % compared to the LS2ph3p60NI1 machine. On the gravimetric
power density ξP,tot the gearbox only has a minor effect, as for the LS2ph3p60NI1 machine
a heavy shaft of nearly the same weight is required.
As the efficiency improvement offers a larger potential to decrease the stack length

Lstk in the high-speed HS2ph2p45NI2 and HS3ph1p49NI2 machines compared to the low
speed LS2ph3p60NI2 machine, the differences in reachable power and torque densities
between the two scenarios are consequently bigger than considering the HS2ph2p45NI1
and LS2ph3p60NI1 machine. In table 4.16 the highest total values are found for the
HS3ph1p49NI2 machine. In terms of gravimetric and volumetric power density ξP,tot
and φP,tot an increase by 0.9 kW/kg and 1.2 kW/l or 113 % and 60 % compared to the
LS2ph3p60NI1 machine is obtained, respectively. Higher increases are found for the gravi-
metric and volumetric torque density ξT,tot and φT,tot by 1.6 Nm/kg and 2.5 Nm/l or 160 %
and 100 %
For the machines listed in table 2.4, only volumetric reference values were found in the

corresponding literature. The volumetric active material torque density φT,act = 7 Nm/l is
only by 0.2 Nm/l higher than the LS2ph3p60NI1 machine. Due to its low nominal generator
speed nSRG,nom = 1000 rpm, the machine from [SL09] reaches a volumetric active material
power density φP,act = 0.7 kW/l, by a factor 7.6 below the LS2ph3p60NI1 machine listed in
table 4.16. The high-speed machine from [MJ89; Fer+95] has a nominal generator speed
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nSRG,nom = 27 krpm and reaches with 13.6 kW/l a volumetric active material power density
φP,act by 2.2 kW/l above the HS2ph2p45NI1 machine and by the same value below the
HS2ph2p45NI2 machine. Also the volumetric active material torque density φT,act ranges
with 4.7 Nm/l between this two machines.

4.2.5 Thermal and Power Density Conclusion

Static characterization in table 4.10 shows that the simplified estimation of the hot spot
coil temperature in the center of the windings introduced in section 3.3.1 is prone to errors.
Especially, the introduction of losses from the end-winding and the offset between average
and hot spot temperature have to be modeled correctly. For machines with the same electric
base frequency fel, it was found valid to model the iron losses Pl,fe by a constant temperature
offset in pre-design (see fig. 4.19).
In section 4.2.2 it was shown that coil temperatures at various water-jacket inlet temper-

ature ϑinlet can be estimated by constant offsets with the help of a thermal model fitted to
measurements at a water-jacket inlet temperature ϑinlet = 25 ◦C. Extrapolating MotorCAD
simulations to ϑinlet = 60 ◦C with constant machine losses Pl,mach showed good accordance
with measurements (see table 4.12 and table 4.13b). Employing the thermal model for loss
variation showed that reducing the eddy-current copper losses Pl,cu,eddy has the largest ther-
mal influence on the critical hot spot coil temperatures ϑcoil,hs. Reducing the iron core losses
Pl,fe as well as the windage losses Pl,wind is rather interesting for efficiency ηmach improvements
than a reduction of hot spot coil temperature ϑcoil,hs.
To reach a comparable coil hot spot temperature ϑcoil,hs = 180 ◦C, the active material

stack length Lstk of the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N prototypes needs
to be increased by 15 %, 2 % and 4 %, respectively. Due to the thermal behavior of the
high-speed machines HS2ph2p45NI1 and HS3ph1p49NI1, the power density potential of
the increased nominal generator speed nSRG,nom by 230 % compared to the LS2ph3p60N
machine, is not fully exploitable. Only an increase of around 79 % in gravimetric active
material power density ξP,act is achieved, with a final value of 1.2 kW/kg. The gravimetric
active material torque density ξT,act is at the same time reduced by 44 %. Improved cooling
and machine efficiency ηmach, therefore, offers still a significant power-density potential, as
electromagnetically the machines are not at their limits.
Employing NO10 iron core material, litz wire and a stator slot closing, the frequency

dependent machine losses Pl,fe, Pl,cu,eddy and Pl,wind can be reduced as listed in ta-
ble 4.9. The resulting reduced hot spot coil temperature ϑcoil,hs (see table 4.15) of-
fer the potential to reduce the active material stack length Lstk by 15 %, 39 % and
45 % in the LS2ph3p60NI2, HS2ph2p45NI2 and HS3ph1p49NI2 machines compared to
the LS2ph3p60NI1, HS2ph2p45NI1 and HS3ph1p49NI1 machines, respectively (see sec-
tion 4.2.4). This leads to achievable gravimetric total power densities ξP,tot of 0.8 kW/kg,
1.6 kW/kg and 1.7 kW/kg in the LS2ph3p60NI2, HS2ph2p45NI2 and HS3ph1p49NI2 ma-
chine, respectively (see table 4.16).
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4.3 Acoustic Analysis
Due to the presence of an ICE in a REX application, the acoustic behavior of the electric
machine is of lower importance than in a pure electric vehicle. However, the pulsed operation
principle in combination with the salient rotor and stator structure and the small air gap
length dg of SRG produces high radial forces Fpl,rad, which cause strong vibrations. There-
fore, reviewing the acoustic behavior of SRG during the design process as recommended in
[Bös14], offers an additional decision aspect between different machine configurations. A
wide overview on the influence of structural changes on SRG can be found in [Fie07; Kas11;
Bös14]. Some general points are summarized in the following.
The choice of number of pole pairs np and number of phases Nph defines the fundamental

electric frequency fel (see (2.4)), the harmonic density (harmonics/Hz) as well as the relevant
eigenmodes (see fig. 4.23). In all cylindrical machines, the mode0 mode shape is present.
The lowest effective none-zero modenm of a certain configuration is defined by (4.11), hence,
increases with number of pole pairs np.

nm = Ns

Nph
= 2 · np ·Nph

Nph
= 2 · np (4.11)

The stator outer diameter Dst, the stack length Lstk and the yoke thickness wy,s define
the explicit values of the eigenfrequencies feig. Lowering Dst and increasing Lstk shifts the
eigenfrequencies feig to higher values [Fie07]. The same effect can be also achieved by
an increased stator yoke thickness wy,s. The explicit value of none-zero eigenfrequencies
(e.g fM2, fM4, fM6) increases with mode order nm [Fie07]. Increasing the number of pole
pairs np is stated to have a positive effect in [Fie07] as long as the lowest effective non-
zero eigenfrequency is below the value of the mode0 eigenfrequency fM0. The increased
modenm compensates the lowered eigenfrequencies feig as the yoke thickness wy,s decreases.
Especially the mode2 is advised to be avoided generally in literature [Fie07; Hof14]. Shifting
the eigenfrequencies feig by structural adaptations or a change of configuration influences
the machine efficiency ηmach [Hof14]) as well as the volumetric power density φP,tot.
Beside the consideration of the transfer function and the location of the eigenfrequencies

feig, psychoacoustic parameters, e. g. loudness and sharpness, should be considered. A
lower electric base frequency fel increases the number of harmonics in the audible range and,
therefore, reduces the sharpness of the noise [Fie07]. At the same time it is more difficult
to find low-noise operating points in the operation range of the the generator [Bös14].

mode0 mode2 mode4 mode6

Fig. 4.23: Free vibration mode orders modenm (see (4.11)) of cylindrical objects relevant
for the machines considered in this thesis.
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For the two scenarios, differing considerations arise from this general discussion. As for the
low-speed scenario the outline of the generator is fixed, the relative position of the harmonics
to mode0 eigenfrequency fM0 is relevant, as well as the influence of the harmonic density
on the choice of operation points. To assess the effect of a changing number of pole pairs
np, the LS2ph2p68N (2,2) configuration listed in table 3.4 is considered in the simulative
discussion together with the LS2ph3p60N machine. For the high-speed scenario, from a
machine efficiency ηmach perspective only a (2,2) and a (3,1) configuration are reasonable
(see section 3.4.2). The HS2ph2p45N (2,2) configuration is expected to have higher radial
force Fpl,rad amplitudes as the torque is produced by only two phases. The HS3ph1p49N (3,1)
configuration excites the critical low-frequency mode2 eigenfrequency fM2. A comparison of
the two scenarios is only performed in a qualitative way, as the housings differ strongly. Still,
the influence of the changing harmonic density by the increased nominal generator speed
nSRG,nom in the high-speed scenario compared to the low-speed scenario can be discussed.

4.3.1 Force Excitation and Harmonic Content
In the SRGs considered in this thesis the peak radial pole forces Fpl,rad at pole MMF
Θpl = 4500 A are between a factor 3.6, in case of the HS2ph2p45N machine, and a fac-
tor 6, in case of the LS2ph2p68N machine, higher than the tangential forces. This is in line
with findings in [Kas11]. Therefore, to assess the acoustic behavior in simulation, only the
pole radial force Fpl,rad, retrieved from FEA, are considered in this thesis. Any asymmetries,
such as eccentricities or production tolerances, are also neglected in the following analysis.
Fig. 4.24 depicts the pole radial force Fpl,rad for one electric period of the LS2ph2p68N,

LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines considered in this thesis. In
fig. 4.24a, it can be seen that at constant pole MMF Θpl = 4500 A at an electric angle
θel = 220 ◦el, the pole radial force Fpl,rad decreases by 580 N or 25 % when changing the
number of pole pairs np from two to three. By changing np from one to two, a reduction of
306 N or 17 % can be observed between the points of maximal pole radial force Fpl,rad of the
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Fig. 4.24: Pole radial force Fpl,rad over electrical angle θel at various constant pole MMF

Θpl for machines listed in table A.2 and table A.6. solid lines: Θpl = 1500 A,
dashed lines: 3000 A, dotted lines: 4500 A.
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Fig. 4.25: Dynamic pole radial force Fpl,rad and harmonic content of low- and high-speed

machines (see table A.2 and A.6) at operation point NOPM (see table A.11).

HS2ph2p45N and HS3ph1p49N machine (see fig. 4.24b), even when switching from number
of phases Nph = 3 to Nph = 2. The asymmetries in the 2-phase LS2ph2p68N, LS2ph3p60N
and HS2ph2p45N machines arise from the rotor step described later in section 4.4.2.
Analyzing the static characteristics (see fig. 4.24) does not give directly information about

the pole radial force Fpl,rad applied to the stator poles during machine operation. Fig. 4.25a
depicts the dynamic force of the LS2ph2p68N, LS2ph3p60N, HS2ph2p45N and HS3ph1p49N
machines at the operation point NOPM (see table A.11) over one electric period. The peak
values of the pole radial force Fpl,rad of all machines are in the range of 700 – 1000 Nm. The
LS2ph2p68N machine has the highest absolute pole radial force Fpl,rad, the HS2ph2p45N
machine the lowest. The LS2ph3p60N and HS3ph1p49N machine show a similar magnitude
of pole radial force Fpl,rad, while the nominal torque Ttot,nom is reduced by a factor of four
between these two machines (see table A.2). The harmonic content in fig. 4.25b shows that
the excitation of the pole force harmonics decreases with their order. Relevant amplitudes
can be found up to 6 · fel in the LS2ph2p68N, LS2ph3p60N, HS2ph2p45N and HS3ph1p49N
machines. The two low-speed LS2ph2p68N and LS2ph3p60N machines show the highest
excitation amplitudes of equal magnitude, while the HS3ph1p49N machine shows the lowest
amplitude.
Analyzing the dynamic pole radial forces Fpl,rad and its harmonic content is only the first

step in the acoustic analysis. Only in combination with the structural analysis, the location
of certain pole force Fpl,rad harmonics in relation to their corresponding eigenfrequencies feig
at a certain operation point can be analyzed.

4.3.2 Structural Analysis
Detailed 3-D manufacturing CAD models were taken as basis for the structural analysis
to determine the location of relevant eigenfrequencies feig. From these models, all moving
parts, as well as small features, such as small holes, chamfers and rounds, were removed.
These simplifications reduced in case of the LS2ph3p60N machine the required number of
mesh elements from 147 000 to 72 000 by approximately a factor two. The maximal element
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size was set for all machines to 0.01 m. A sensitivity analysis for the mesh size in the
LS2ph3p60N machine with half the element size showed a shift in the eigenfrequencies feig
below 1 %, while prolonging the simulation time from 10 min to 3 h by a factor 18 on a high-
performance computing cluster (Intel Xeon X7550, 2.0 GHz, 256 GB RAM, 64-Bit operating
system). For parametrization of the structural model, guidelines from [Kas11] were applied.
Especially, the weight of the windings is considered in the stator, as it was confirmed in
parameter variations to have the largest impact on eigenfrequencies, if neglected.

(a) LS2ph3p60N and LS2ph2p68N (b) HS2ph2p45N and HS3ph1p49N
Fig. 4.26: Meshed structural models of machine housings.

The resulting eigenfrequencies feig of significant modes from the harmonic response anal-
ysis are listed in table 4.17 for various machine surfaces. The relevant mode shapes are
mode0 for all machines, mode2 for the HS3ph1p49N machine, mode4 for HS2ph2p45N and
LS2ph2p68N machine and mode6 for LS2ph3p60N machine. The surface of the machine’s
housing, which is basically represented by a cylindrical shell, is named Main. The surface of
the side facing the ICE is named Front, and the opposite end plate is named Back. From
table 4.17 it can be observed that the eigenfrequency feig of the various surfaces for a given
modenm only differs in the range of 1 %.
The general implications drawn from literature ([Fie07; Kas11]) are supported by these

results. The HS2ph2p45N and HS3ph1p49N machines with lower outer stator diameter Dst
and larger stack length Lstk compared to the LS2ph3p60N and LS2ph2p68N machines show
a higher mode0 eigenfrequency fM0 (see table 4.17). As the HS2ph2p45N and HS3ph1p49N
machine have a constant stator outer diameter Dst and stack length Lstk the mode0 eigenfre-
quency fM0 is with approximately 8.5 kHz also similar, only slightly shifted by the differing
stator yoke thickness wy,s. The eigenfrequencies fM2, fM4 and fM6 of the non-zero modes
modenm increase with increasing mode order nm.
Beside these general implications, more explicit conclusions can be drawn from the loca-

tion of the eigenfrequencies listed in table 4.17. In the LS2ph2p68N machine, the mode4
and mode0 eigenfrequency fM4 and fM0 are very close to each other. Avoiding the eigenfre-
quencies by shifting the operational speed as suggested in [Bös14] might be impossible as
the electric base frequency fel of 500 Hz at nominal generator speed nSRG,nom leads to a high
harmonic density. The LS2ph3p60N machine shows a difference of about 1700 Hz between
mode0 and mode6 eigenfrequencies. For the low-speed scenario this machine is, therefore,
preferable.
For the HS3ph1p49N machine, the mode2 eigenfrequency fM2 is located around 3.6 kHz

in the well audible range. This low value signifies that around 13 500 rpm the 4th harmonic
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Surface
Main Back Front

fM0 8509 8425 8554
fM2 3609 3619 3619

(a) HS3ph1p49N

Surface
Main Back Front

fM0 8550 8433 8610
fM4 12910 13100 12890

(b) HS2ph2p45N

Surface
Main Back Front

fM0 6331 6300 6366
fM4 5813 5881 5835

(c) LS2ph2p68N

Surface
Main Back Front

fM0 5685 5696 5701
fM6 7361 7366 7379

(d) LS2ph3p60N
Table 4.17: Eigenfrequencies feig of relevant mode orders nm for machine surfaces

calculated with ANSYS. Machine data listed in table A.2 and A.6.
Considered housing depicted in fig. 4.26.

of the electric base frequency fel will excite fM2 within the operation range of the SRG. Due
to the high amplitude of such a low harmonic, as depicted in fig. 4.25b, strong vibrations
have to be expected. In the HS2ph2p45N machine the mode4 eigenfrequency fM4 ranges
around 13 kHz and is, therefore, only excited by harmonics of an order greater than seven.
As the excitation of mode0 eigenfrequency fM0 is expected to be similar in both machines,
due to the similar frequency value as well as the equal electric base frequency fel in both
machines, the HS2ph2p45N machine is preferable for the high-speed scenario.

4.3.3 Acoustic Analysis at Nominal Operation Point
To support the general discussion in section 4.3.1 - 4.3.2, the average surface velocities vsurf
depicted fig. 4.27 for simulations and measurements are analyzed at the stationary operation
point NOPM (see table A.11). For this analysis efficiency optimal control angles (θon,θfw,θoff)
as listed in table A.12 - A.14 are employed.
Fig. 4.27a depicts the simulated average radial surface velocity vsurf of the three surfaces

listed in table 4.17 for the LS2ph2p68N, LS2ph3p60N, HS2ph2p45N and HS3ph1p49N ma-
chines. For frequencies up to 6 kHz the odd harmonics, which excite a mode4, show a higher
amplitude than the even harmonics, which excite a mode0, in the LS2ph2p68N machine. At
5.5 kHz and 6 kHz the 11th and 12th harmonic show the highest absolute amplitudes of all
harmonics in this machine with 54.6 dB and 50.8 dB, respectively. Both harmonics are close
to their corresponding eigenfrequencies fM4 and fM0 (see table 4.17c). In the LS2ph3p60N
machine even harmonics, which excite a mode0, show a higher amplitude than the odd har-
monics, which excite a mode6. The 8th harmonic at 6 kHz shows with 51.4 dB the highest
amplitude in this machine as it is close to the corresponding mode0 eigenfrequency fM0. The
mode6 eigenfrequency fM6 is most closely excited by the 9th harmonic, which shows with
40.3 dB a amplitude by 11.1 dB below the 8th harmonic. Due to the lower electric frequency
fel the LS2ph2p68N shows clearly a higher harmonic density than the LS2ph3p60N machine.
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4.3 Acoustic Analysis

As expected from the discussion in section 4.3.2, in the HS3ph1p49N machine the 2nd

harmonic at 3.3 kHz, which excites a mode2, shows the highest amplitude with 42 dB due to
its proximity of the mode2 eigenfrequency fM2 around 3.6 kHz (see table 4.17a). Excitation
of the mode0 eigenfrequency fM0 at about 8.5 kHz is irrelevant for this specific machine
and operation point, as the exciting 6th harmonic is sufficiently far away at 9.9 kHz. In the
HS2ph2p45NX machine, the two relevant mode0 and mode4 eigenfrequencies fM0 and fM4
(see table 4.17b) are not excited by corresponding even and odd harmonics, respectively.
The highest amplitudes can be found for the 2nd and 4th harmonics, which excite a mode0,
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Fig. 4.27: Comparison of simulated and measured average radial surface velocity vsurf at

operation point NOPM (see table A.11).
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with approximately 33 dB. While the 1st and 2nd harmonic show higher amplitudes in the
HS3ph1p49N machine compared to the HS2ph2p45N machine, the 4th and 7th harmonics
show a higher amplitude in the HS2ph2p45N machine.
In fig. 4.27b, the average measured surface velocity on the Main surface is depicted for

the three built prototypes LS2ph3p60N, HS2ph2p45NX and HS3ph1p49N. In accordance
with the simulation results even harmonics, which excite a mode0, show a higher amplitude
than the odd harmonics, which excite a mode6, in the measurements of the LS2ph3p60N
machine. In contrast to simulation, the 2nd, 3rd and 4th harmonic show with about 51 dB a
higher amplitude than the 8th with 39 dB. Also the amplitude of harmonics above 7 kHz are
increased compared to simulation. In the measurement of the HS3ph1p49N machine, the 1st

and 2nd harmonics show with 68.4 dB and 65.2 dB, respectively, similar amplitudes. As the
2nd harmonic is farther away than the 4th harmonic from the corresponding mode2 eigenfre-
quency fM2 (see table 4.17a), the mode2 vibration form can be expected to be problematic
throughout the complete operation range. In the measurement of the HS2ph2p45NX ma-
chine, the 3rd, 4th and 5th harmonics show with 50.6 dB, 49.1 dB and 48.9 dB, respectively,
similar amplitudes. These values suggest that mode0 and mode4 excitation is comparable
in reality, in contrast to the simulation results. For both high-speed machines, the mea-
surements are underestimated by around 20 dB. Reasons for this error could be found in a
wrong quantitative force excitation as well as a too high damping ratio or stator stiffness in
the structural model. Another reason might be the limited number of measurement points,
while in simulation an average over the complete outer surface was evaluated.
In simulation, the excitation of the structure by mechanical effects caused by the rotational

speed nSRG and nICE is completely neglected. This fact, leads to a generally increased surface
velocity amplitude, especially below 1 kHz, when comparing fig. 4.27a with fig. 4.27b. In
the high-speed machines, additional distinctive peaks can be perceived in the mechanical
noise compared to the LS2ph3p60N machine (see fig. 4.27b), due to the double excitation of
high- and low-speed shaft. Furthermore, in the high-speed machines the tooth engagement
frequency ftrans in the gearbox as defined in (4.12) is present.

ftrans = Nteeth,pinion ·
nSRG

60 (4.12)

Due to the 17 pinion teeth on the SRG shaft, this excitation can be found at ftrans = 7 kHz
in fig. 4.27b. Both HS3ph1p49N and HS2ph2p45N show an identical amplitude, suggesting
that the increased torque ripple of the HS2ph2p45N machine has no negative impact on the
vibrations caused by the gearbox. The amplitude of the mechanical excitation in fig. 4.27b
is at least 10 dB below the electromagnetic excitation by the harmonics of the electric base
frequency fel.
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4.3.4 Conclusion on Acoustics at Nominal Operation Point

Some preliminary conclusions about the acoustic behavior of the considered LS2ph2p68N
LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines can be drawn from the analysis
of the force excitation (see section 4.3.1), the location of the eigenfrequencies feig (see
section 4.3.2) and the behavior at the operation point NOPM (see table A.11) (see sec-
tion 4.3.3). Further analysis regarding dynamic operation and the coupling with an ICE
will be conducted in section 5.3.
The HS2ph2p45N machines offers a reduced peak pole radial force Fpl,rad by 30 % com-

pared to the LS2ph2p68N machine and 20 % compared to the HS3ph1p49N and LS2ph3p60N
machines (see fig. 4.25a). Due to the increased electric base frequency fel, the harmonic
content is lower in the HS2ph2p45N and HS3ph1p49N machine compared to the low-speed
LS2ph3p60N and LS2ph2p68N machines. The amplitude of the harmonics is lowest in the
HS3ph1p49N machine (see fig. 4.25b), due to its 3-phase configuration. From this force
analysis, it can be concluded that the high-speed HS2ph2p45N and HS3ph1p49N machines
are advantageous over the low-speed LS2ph3p60N and LS2ph2p68N machines.
The high-speed HS2ph2p45N and HS3ph1p49N machines show higher mode0 eigenfre-

quencies fM0 compared to the low-speed LS2ph3p60N and LS2ph2p68N machines (see ta-
ble 4.17). Higher eigenfrequencies are favorable according to [Fie07], therefore, both high-
speed machines are advantageous considering mode0 vibrations. Considering the non-zero
modes, the HS3ph1p49N machines shows a critical mode2 eigenfrequency fM2 at 3.6 kHz,
while the mode4 eigenfrequency fM4 of the LS2ph2p68N machine is with 5.9 kHz close to
the mode0 eigenfrequency fM0 at 6.3 kHz. The HS2ph2p45N and LS2ph3p60N machines
are uncritical with their relevant non-zero eigenfrequencies fM4 and fM6 around 13 kHz and
7.4 kHz, respectively. While the HS2ph2p45N machine is most advantageous from the struc-
tural analysis, the LS2ph3p60N machine is preferable for the low-speed scenario.
Simulation results at the operation point NOPM (see table A.11) confirmed, that the high

harmonic density and the proximity of the fM4 and fM0 eigenfrequencies in the LS2ph2p68N
machine leads to high average surface velocity vsurf amplitudes around 6 kHz (see fig. 4.27a).
The lower harmonic density of the LS2ph3p60N machine in combination with the higher fM6
eigenfrequency leads to less strong excited harmonics in the audible range. This dynamic
analysis supports the findings of the structural analysis for the low-speed scenario. Com-
paring the simulation results of both high-speed HS2ph2p45N and HS3ph1p49N machine,
no clear conclusion can be drawn, as to which machine is more favorable.
In the measurement, the HS3ph1p49N machine shows a high amplitude of the 1st and 2nd

harmonic. The maximal amplitude is by 18 dB and 20 dB higher than in the LS2ph3p60N
and HS2ph2p45N machine, respectively. While the HS2ph2p45N is clearly preferable for
the high-speed scenario, the comparison of the two scenarios is ambivalent. Up to 5 kHz the
LS2ph3p60N machine shows higher harmonic amplitudes than the HS2ph2p45N machine,
above 5 kHz the HS2ph2p45N harmonics are higher. The preferred machine might depend,
therefore, on the fact, which frequency range is more critical in the complete system. At
the same time, the HS2ph2p45N shows a harmonic density by a factor two lower than the
LS2ph3p60N machine. This can be advantageous to avoid eigenfrequencies feig of additional
components in the complete system, such as the ICE housing or other mechanical parts.
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4.4 Additional Aspects

4.4.1 Material Costs
To compare the different solutions from an economic point of view, the material costs are
evaluated. Only the iron core material in the employed grade, the copper wires, the housing
as well as the shaft and gearbox are included in this comparison. For the gearbox, an
aluminum housing and steel gearwheels are assumed. Any additional components, such
as screws, o-rings, sealing and bearings, as well as variations in the production steps, are
neglected. The resulting material weights of the considered machines in this section are listed
in table A.5. For the different employed materials, the specific costs listed in table 4.18 are
considered. The prices are derived from commodity exchange prices in 2018 and commercial
offers available. As prices are volatile, it is not possible to offer a general comparison.
However, with the material weights listed in table A.5 a recalculation with different prices
is easily possible.

cAl cCu clitz csteel cNO10 cNO20 cNO30

2AC/kg 10AC/kg 20AC/kg 1.8AC/kg 4AC/kg 2AC/kg 1AC/kg

Table 4.18: Considered specific material prices for machine comparison in fig. 4.28.

As shown in fig. 4.28 the copper wires account for the largest cost share for all ma-
chines. However, for the LS2ph3p60N machine, not the iron core material, but the
housing follows second. This is due to the heavy endcaps and thick shaft required by
the pancake shaped design. The increase in stack length Lstk in the HS2ph2p45NI1,
HS3ph1p49NI1 and LS2ph3p60NI1 by 2 %, 4 % and 15 % compared to the LS2ph3p60N,
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Fig. 4.28: Overview on the material cost of machine permutations(see table A.4 - A.5).
P: built prototypes; I1: thermally equal machines with increased stack length
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HS2ph2p45N and HS3ph1p49N machine, respectively, has nearly no effect in the high-speed
machines HS2ph2p45NI1 and HS3ph1p49NI1, only increasing the total costs by 8 % in the
LS2ph3p60N machine. Comparing the thermally equal machines, the HS2ph2p45NI1 ma-
chine offers the lowest material costs, by 2AC and 26.6AC lower than the HS3ph1p49NI1 and
LS2ph3p60NI1 machine, respectively.

The reduction of the stack length Lstk in the improved LS2ph3p60NI2, HS2ph2p45NI2
and HS3ph1p49NI2 machine with NO10 iron core material and litz wire (see section 4.2.4)
compensates in partial the increased material costs compared to the LS2ph3p60NI1,
HS2ph2p45NI1 and HS3ph1p49NI1 machines. While the LS2ph3p60NI2 machine shows
a cost increase by 48AC, for the HS2ph2p45NI2 and HS3ph1p49NI2 high-speed machines
the total cost are only increased by 10.9AC and 8.6AC, respectively. The efficiency benefit
in the HS2ph2p45NI2 and HS3ph1p49NI2 machines of approximately 3 pp only requires a
cost increase of approximately 20 %, while the LS2ph3p60NI2 machine efficiency benefit of
1.5 pp requires a 50 % material cost increase.

Comparing the two speed scenarios, about 35 % of the material cost can be saved
by increasing nSRG,nom from 7.5 krpm in the LS2ph3p60NI1 machine to 25 krpm in the
HS2ph2p45NI1 machine. This cost saving effect arises from to the reduced required copper
and smaller housing. The increased cost of NO20 iron core material compared to NO30 is
nearly compensated in the HS2ph2p45NI1 machine compared to the LS2ph3p60NI1 machine
by the reduced amount of material required. For the improved machines, the cost reduction
is with 51 % between the HS3ph1p49NI2 and the LS2ph3p60NI2 machine larger than for the
I1 machines. Up to a specific cost of 30AC/kg for clitz, the high-speed HS3ph1p49NI2 ma-
chines has a lower total material cost than the LS2ph3p60NI1 machine at a better efficiency
by about 2 pp.
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Fig. 4.29: Torque harmonic content of low- and high-speed machines (see table A.2 and

table A.6) at operation point NOPM (see table A.11).
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4.4.2 Torque Profile
As mentioned in section 4.1.1, operating the machine in SPC improves the machine efficiency
but limits the torque controllability. Fig. 4.29 depicts the dynamic output torque Ttot and
the harmonic content of the three prototype machines. The torque ripple always appears
at Nph multiples of fel. The total harmonic distortion (THD) (see table 4.19) of both the
HS2ph2p45N and the LS2ph3p60N are very similar, while the THD of the HS3ph1p49N
machine is by a factor three lower. The relation of peak torque Ttot,pk to Ttot,nom of the
HS3ph1p49N machine is by a factor two lower compared to the 2-phase machines. Both
values define the required strength of shafts and gearboxes. However, as long as the gener-
ators are combined with classical ICE, from a system perspective no negative influence is
expected. On the one hand, the torque ripple of a 4-stroke ICE is expected to be higher
than these values, on the other hand, the base frequency of the ripple at nominal speed is at
2 ·fel, hence 1.5 kHz for the low-speed machine. Compared to 62.5 Hz of a four stroke single-
cylinder ICE [MST12; And+17] as employed in [Ind+16] this high-frequency oscillations are
expected to be barely noticeable.

LS2ph3p60N HS2ph2p45N HS3ph1p49N
THD 293 % 267 % 87 %

Ttot,pk/Ttot,nom 3.5 3.3 1.65

Table 4.19: Dynamic torque behavior at 20 kW.

Starting Torque

To avoid an external starter as secondary component, the generator needs to be able to start
the combustion engine at any mechanical position. 3-phase machines offer this inherently
due to the phase overlap. For the 2-phase machines, a starting adaptation, in terms of an
unsymmetrical rotor as shown in table A.2 for the HS2ph2p45N and LS2ph3p60N machine,
is required. Fig. 4.30 shows the effect of such an asymmetric rotor pole on Ttot of the
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Fig. 4.30: Influence of dg,step on static positive torque of LS2ph3p60N machine.
iph = 200 A (solid lines) and 500 A (dashed lines)
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LS2ph3p60N machine at two constant currents. The total rotor pole angle is two times βr
(see fig. 3.4b) in this case. To achieve a rather constant Ttot over a wide range, dgsp needs
to be chosen between 1- and 2-times dg. The former applies if the unsaturated torque is
sufficient, while the latter is a better choice in the saturated region. The dip around 30 ◦el can
be reduced by a wider step, however, this introduces a dip around 120 ◦el. From experience,
increasing the total rotor pole angle by an additional 4 – 8 ◦el is a good compromise between
the two torque dips.

4.5 Chapter Conclusion
In this chapter, the three prototypes listed in table A.2 were analyzed in detail at the nominal
operation point in terms of machine efficiency, thermal behavior and power density, acoustic
behavior as well as material cost and torque profile.
For the low-speed LS2ph3p60N prototype, a machine efficiency ηmach of 91.5 % was mea-

sured. This value is 1 pp higher than the measured ηmach of the high-speed HS2ph2p45N
and HS3ph1p49N machines including a gearbox (see section 4.1.5). The measured efficiency
difference between the low- and high-speed machines is reduced to 0.4 pp with small mechan-
ical changes, as measurements of the HS2ph2p45NX machine (see section A.2.1.1) achieved
a machine efficiency of 91.1 %. Therefore, it can be concluded that an increase of the nom-
inal generator speed nSRG,nom from 7.5 to 25 krpm can be performed without a significant
reduction in machine efficiency of the resulting design.
Furthermore, the potential impact of litz wire and high performance NO10 iron core ma-

terial was analyzed by extensive FEAs. In combination with a stator slot closure, for all
machines mentioned above, machine efficiencies ηmach >= 93 % are predicted in simulation
(see section 4.1.5). As these efficiency improvements reduce the frequency dependent losses,
namely eddy-current copper losses Pl,cu,eddy, iron core losses Pl,fe and mechanical losses Pl,m,
the highest efficiency is reached for the high-speed HS2ph2p45NI2 machine with 93.5 %,
including the gearbox. Without a gearbox, a machine efficiency ηmach around 95 % is pre-
dicted.
From the conducted analysis the following design advise for SRG with high electric base

frequency fel is derived in terms of eddy-current copper losses Pl,cu,eddy. As the dc-link
voltage udc influences the possible number of turns per pole Nw,pl and the effective cop-
per diameter dw, consequently, the eddy-current copper losses Pl,cu,eddy are affected (see
fig. 4.4a). Thus, a variation of the dc-link voltage udc directly influences the reachable ma-
chine efficiency ηmach. Therefore, high electric frequencies fel are not advised for low-voltage
applications (e.g. 48 V) of 20 kW-SRG.
The conducted analysis and measurements have confirmed gravimetric total power densi-

ties ξP,tot of 0.7 kW/kg and 1.2 kW/kg for the low-speed (LS2ph3p60N) and the high-speed
(HS2ph2p45N, HS3ph1p49N) machines, respectively (see table 4.16; derived for a coil hot
spot temperature ϑcoil,hs = 180 ◦C). The increase of the nominal speed nSRG,nom from 7.5
to 25 krpm only leads to an increase in power density by about 72 %. This means, the
active material torque density φT,act of the high-speed machines is lower than that of the
low-speed machine. Therefore, it can be concluded that the high-speed machines are limited
in their power density by the thermal boundaries, rather than the electromagnetic torque
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capability. Employing the above mentioned efficiency improvements (litz wire, NO10, stator
slot closure) an increase of the total power density ξP,tot to 0.8 kW/kg and 1.7 kW/kg in the
low-speed and the high-speed machines is predicted, respectively (see table 4.16).
For the thermal prediction in pre-design stage it was found that iron core losses Pl,fe have

a minor influence on the hot spot coil temperature ϑcoil,hs (see fig. 4.19), while a correct
approximation of the eddy-current copper losses Pl,cu,eddy is more important for all considered
machines (see fig. 4.20). Static measurements showed, that for a accurate prediction of the
hot spot coil temperature ϑcoil,hs the influence of the end-winding copper losses Pl,cu,dc,Ew
has to be further analyzed (see section 4.2.1). Finally, the knowledge that the hot spot in
SRGs is located rather on the air gap facing coil surface has to be incorporate in the reduced
LPTN, employed in pre-design (see section 3.3.1).
Simulations showed reduced peak pole radial force Fpl,rad, lower amplitudes of the force

harmonics and higher mode0 eigenfrequencies fM0 for the high-speed machines compared
to the low-speed machines (see section 4.3.1 and table 4.17). However, the HS3ph1p49N
machine has a critical mode2 eigenfrequency fM2 at 3.6 kHz. Therefore, the 2-phase
HS2ph2p45N machine is most advantageous considering the structural analysis. These find-
ings are supported by dynamic measurements, in which the 3-phase HS3ph1p49N machine
shows a high amplitude of the 1st and 2nd harmonic. The maximal amplitude of an indi-
vidual harmonic is up to 20 dB higher than in the LS2ph3p60N and HS2ph2p45N machine.
Based on the results, at a given electric base frequency fel, a 2-phase machine with a higher
pole pair number np is preferred regarding acoustic behavior.
In terms of material costs, it was found that the copper wires account for the largest cost

share for all machines, followed by the iron core material in the high-speed machines and
the housing in the low-speed machine (see fig. 4.28). About 35 % of the material cost can
be saved by increasing nSRG,nom from 7.5 to 25 krpm. The reduced stack length Lstk in the
analyzed machines with the efficiency improvements (litz wire, NO10, stator slot closure;
see section 4.2.4) compensates partially the increased material costs.
Finally, the resulting torque profile of the machine designs were compared in simulation.

Results show that torque ripple is increased by approximately a factor two in the 2-phase
machines compared to the 3-phase machine (see table 4.19). However, no negative effect of
this increased torque ripple was observed in the acoustic measurements at nominal operation
speed (see section 4.3.3). In a REX it is, therefore, only considered a minor disadvantage
of the 2-phase configurations.
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In this chapter the influence of varying control parameters on the SRG operation at nomi-
nal and partial load are investigated. Firstly, a fast empirical-analytical method to predict
eddy-current copper losses Pl,cu,eddy over a wide generator speed range is introduced with
the help of coupled FEA analysis. Secondly, the effect of the control parameters on ma-
chine efficiency ηmach at full and partial load is investigated in simulation and measurement.
Thirdly, acoustic behavior at variable power is analyzed, including a discussion of acoustic
improvement potential by means of control. Finally, the chapter summarizes system as-
pects, regarding the power electronic components and the power source, and closes with a
conclusion.

5.1 Control Strategy
At full load, SRG are often operated in single pulse control (SPC) to obtain a high machine
efficiency ηmach (see fig. 4.1). From pre-tuned control angles (i.e. θon, θoff), a closed loop
control of θon is derived for example in [ST04]. By the choice of control parameters, the
machine efficiency ηmach [KM06] or acoustic behavior can be influenced [Kle+14].
In recent publications [KMV13; NB13; KD15; KD17] the positive effect on machine effi-

ciency ηmach of an additional freewheeling period ∆θfw, also called zero-voltage-loop (ZVL),
is discussed for 3-phase SRG. [KMV13] derives a control strategy with constant turn-off
angle θoff and a ZVL from classic approaches without ZVL, such as [ST04]. [NB13] inves-
tigates the effect of a freewheeling period ∆θfw on the iron core losses Pl,fe in a 250 kW
high-speed SRG in motoring mode. Finally, in [KD15; KD17] the investigation focused
on machine efficiency ηmach improvements at partial load for an automotive traction drive.
The presented publications have in common, that they leave out an analysis of frequency
dependent eddy-current copper losses Pl,cu,eddy in the coils.
In the machines discussed in this thesis, the eddy-current copper losses Pl,cu,eddy account

for a relevant share of the total copper losses Pl,cu,ac (e.g. 40 % in the HS3ph1p49N machine,
see fig. 4.12a). Therefore, the impact of a freewheeling period ∆θfw on these losses is of
interest, to identify machine efficiency ηmach improvement potential.

5.1.1 Analysis of Eddy-Current Copper Losses
Design influences on eddy-current copper losses Pl,cu,eddy were discussed in section 4.1.1. To
analyze the effect of SRG control parameters on eddy-current copper losses Pl,cu,eddy a wide
range of turn-off angles θoff and freewheeling periods ∆θfw as well as operational speeds is
analyzed with the help of coupled FEA, described in section 2.3 and [Sch15]. As calculation
of eddy-current copper losses Pl,cu,eddy by the coupled FEA is very time consuming, the
retrieved results are used for a generalization for fast drive simulations.

107



5 Control and Power Variation

30 60 90 120 150 180 210 240 270 300 330 360 30
0

50
100
150

i p
h

in
A phase one

phase two

30 60 90 120 150 180 210 240 270 300 330 360 30
0

100

200

↙ III ↘

I → II ↘

θel in ◦el

P
l,c

u,
ac

in
W Pl,cu,ac

Pl,cu,dc

Fig. 5.1: Exemplary current iph and total copper loss Pl,cu,ac waveforms. HS2ph2p45N
machine (see table A.2) at operation point NOPS (see table A.10).

Fig. 5.1 depicts an exemplary phase current iph and the resulting total copper losses Pl,cu,ac
in comparison to the dc copper losses Pl,cu,dc. It can be seen that the total copper losses
Pl,cu,ac deviate from the dc copper losses Pl,cu,dc mainly in three areas. The high eddy-current
copper losses Pl,cu,eddy are caused by the high gradients in iph during magnetization (I) and
demagnetization (II). The deviation around (III) is caused by the corresponding peaks (I)
and (II) in the second machine phase.
To analyze the effect of turn-off angle θoff and freewheeling period ∆θfw on the eddy-

current copper losses Pl,cu,eddy, one parameter is kept constant, while the second parameter
is variated. For each combination (∆θfw - θoff), the corresponding turn-on angle θon is
then searched to deliver the requested nominal total output torque Ttot,nom of the specific
operation point.

Influence of Turn-Off Angle

The influence of turn-off angle θoff on eddy-current copper losses Pl,cu,eddy is analyzed with
the help of the HS3ph1p49N machine at the operation point NOPS (see table A.10). For
several turn-off angle θoff , the corresponding freewheeling period ∆θfw of lowest machine
losses is found. Then the turn-off angle θoff is increased and decreased by 10 ◦el. The
resulting total copper losses Pl,cu,ac of four sets are shown in fig. 5.2a.
For all sets, increasing turn-off angle θoff increases the eddy-current copper losses Pl,cu,eddy.

The strongest effect can be found around turn-off angle θoff = 270 ◦el and 290 ◦el, where eddy-
current copper losses Pl,cu,eddy are increased by 70 W or 26 %. At the turn-off angle θoff set
around 230 ◦el, eddy-current copper losses Pl,cu,eddy increase even while the dc copper losses
Pl,cu,dc decrease, due to a reduced phase RMS current Iph,rms. The reason for the increase
in eddy-current copper losses Pl,cu,eddy can be deduced from the losses over electrical angle
θel depicted in fig. 5.2b. An increased peak around turn-off angle θoff can be found, caused
by the main flux running for a longer period through the winding. Therefore, the turn-off
angle θoff of minimal total copper losses Pl,cu,ac, including the eddy-current copper losses
Pl,cu,eddy, is slightly lower compared to the θoff of minimal dc copper losses Pl,cu,dc.
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Fig. 5.2: Separation of copper losses Pl,cu,ac for variation of turn-off angle θoff with
constant freewheeling period ∆θfw for each set of three θoff . θon adapted to
fulfill torque requirement. Coupled FEA of HS3ph1p49N machine (see

table A.2) at operation point NOPS (see table A.10).

Influence of Freewheeling Period

Fig. 5.3 depicts eddy-current copper losses Pl,cu,eddy over the electrical angle θel for a free-
wheeling period ∆θfw = 0 – 20 ◦el at turn-off angle θoff = 240 ◦el. Introducing a freewheeling
period ∆θfw of 10 ◦el, the eddy-current copper losses Pl,cu,eddy peak shown in fig. 5.3 around
turn-off angle θoff is reduced from 201 W to 91 W by 55 % compared to ∆θfw = 0 ◦el. This
can be explained by a reduced change in pole flux linkage Ψpl, due to the zero voltage at
the phase terminals during freewheeling period ∆θfw. The remaining loss waveform is only
minimally affected, resulting in reduced eddy-current copper losses Pl,cu,eddy by 12 W and
total copper losses Pl,cu,ac by 9 W for a ∆θfw = 10 ◦el compared to 0 ◦el at θoff = 240 ◦el
depicted in fig. 5.2a.
At a larger turn-off angle θoff = 270 ◦el also a reduction of eddy-current copper losses

Pl,cu,eddy can be seen in fig. 5.4 when a freewheeling period is introduced. At this turn-off
angle θoff , the eddy-current copper losses Pl,cu,eddy can be reduced by 103 W or 28 % with a
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Fig. 5.3: Eddy-current copper losses Pl,cu,eddy over electrical angle θel for variation of
freewheeling period ∆θfw at θoff = 240 ◦el. Corresponding losses depicted in
fig. 5.2a. Coupled FEA of HS3ph1p49N (see table A.2) machine at operation

point NOPS (see table A.10).

freewheeling period ∆θfw = 60 ◦el compared to 0 ◦el. A freewheeling period ∆θfw > 60 ◦el,
leads to an increase in eddy-current copper losses Pl,cu,eddy along with dc copper losses
Pl,cu,dc. This can be linked to a non-linear increasing phase RMS current Iph,rms, as the
turn-on angle θon needs to be strongly reduced to still reach the requested generator output
torque Ttot,nom.
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Fig. 5.4: Separation of copper losses Pl,cu,ac for variation of freewheeling period ∆θfw at
θoff = 270 ◦el. θon selected to fulfill torque requirement Ttot,nom. Coupled FEA

of HS3ph1p49N (see table A.2) machine at operation point NOPS (see
table A.10).

Analysis at Variable Speed

Fig. 5.5 depicts machine losses Pl,mach for varying turn-off angle θoff and the freewheeling
period ∆θfw for lowest total system losses Pl,tot at two different operational speeds with
constant generator output torque Ttot. It can be seen that the loss optimal freewheeling
period ∆θfw and turn-off angle θoff are smaller at high speed compared to low speed, which
is caused by the reduced back EMF e at lower speed. By applying an increasing freewheeling
period ∆θfw, the phase current iph trajectory is kept closer to the optimal coenergy loop.
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Fig. 5.5: Machine losses Pl,mach at different operational speeds. For each turn-off angle

θoff the freewheeling period ∆θfw with minimal machine losses Pl,mach is
depicted. Coupled FEA of HS3ph1p49N (see table A.2).

This reduces not only the phase RMS current Iph,rms but also the frequency dependent eddy-
current copper losses Pl,cu,eddy and iron core losses Pl,fe. The control angle combinations
∆θfw - θoff of lowest total copper losses Pl,cu,ac are found at 0 - 230 ◦el and 70 - 270 ◦el for
NOPS (see table A.10) and PARTS,40 (see table A.10), respectively. Considering the iron
losses Pl,fe the minimum is shifted to 20 - 260 ◦el at NOPS (see table A.10), while it is not
affected at PARTS,40 (see table A.10). In the HS3ph1p49N machine a wide range of control
parameter with nearly constant machine losses Pl,mach can be found at both operation points.
This confirms the preliminary assumption derived from the analyzes of the HS2ph2p51N
machine in [BMD16].

Analytical Prediction of Eddy-Current Copper Losses

The coupled FEA results shown before required a long simulation and exportation time as
stated in section 2.3.2. To be able to quickly predict eddy-current copper losses Pl,cu,eddy at
various speeds in simulation, a new empirical frequency dependent prediction method for
eddy-current copper losses Pl,cu,eddy is proposed in this thesis.
Fig. 5.6 depicts the eddy-loss ratios peddy and peddy,woEw over a wide range of generator
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speeds nSRG for several machines at the point of minimal machine losses Pl,mach. The control
angles at each simulated speed are selected from the coupled FEA results, as exemplary
depicted for the HS3ph1p49N machine in fig. 5.5. It can be derived from fig. 5.6 that
both parameters are linear proportional to the electric base frequency fel for all considered
machines. Therefore, the frequency dependency of the eddy-loss ratios peddy and peddy,woEw
can be described by the linear relationships stated in (5.1). The required parameters are
retrieved by a curve-fit to the coupled FEA results in fig. 5.6 (thick lines). The fit-parameters
are listed for the four investigated machines in table 5.1, the resulting curves are shown as
thin lines in fig. 5.6.

peddy(fel) = peddy,0 + (αeddy · fel)
peddy,woEw(fel) = peddy,woEw,0 + (αeddy,woEw · fel)

(5.1)

Comparing the analyzed machines, the following observations can be made. In the
HS3ph1p49N machine, the frequency slope αeddy,woEw is larger than in the HS2ph2p45N ma-
chine. This is caused by the smaller gap spacer dgsp (see fig. 3.10) in the HS2ph2p45N com-
pared to the HS3ph1p49N machine as listed in table 4.2. The HS3ph1p49N1 machine with
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Fig. 5.6: Eddy-loss ratio peddy over the electric base frequency fel for several machines at
ϑcoil = 170 ◦C. thick lines: simulated values, thin lines: fit on (5.1)

peddy,woEw peddy

peddy,woEw,0 αeddy,woEw peddy,0 αeddy

LS2ph3p60N 0.01 0.049 /(100 Hz) 0.005 0.026 /(100 Hz)
HS2ph2p45N 0.068 0.047 /(100 Hz) 0.053 0.029 /(100 Hz)
HS3ph1p49N 0.114 0.062 /(100 Hz) 0.068 0.037 /(100 Hz)
HS3ph1p49N1 0.009 0.047 /(100 Hz) 0.005 0.028 /(100 Hz)
HS3ph3p25N 0.034 0.053 /(100 Hz) 0.025 0.039 /(100 Hz)

Table 5.1: Frequency coefficients of (5.1) for machines listed in table A.2 - A.6.
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adapted gap spacer dgsp has the same frequency slope αeddy,woEw as the HS2ph2p45N ma-
chine for the eddy-loss ratio peddy,woEw. For both HS2ph2p45N and HS3ph1p49N1 machines,
the frequency slope is, with 0.002 /(100 Hz) or 4 %, slightly lower than in the LS2ph3p60N
machine. This deviation could arise from the lower dc-link voltage udc, which leads to a
lower number or turns per pole Nw,pl, and consequently increased wire diameter dw, to
achieve a energy efficient SPC (see section 4.1.1). For the frequency slopes αeddy, the
HS2ph2p45N and HS3ph1p49N machines show a higher value than the LS2ph3p60N ma-
chine. This change compared to αeddy,woEw is caused by the higher share of dc copper
losses in the end-windings Pl,cu,dc,Ew compared to the dc copper losses without end-windings
Pl,cu,dc,woEw in the LS2ph3p60N machine. Assuming no eddy-current copper losses Pl,cu,eddy
in the end-windings, in pre-design it is, therefore, recommended to predict the total copper
losses Pl,cu,ac with the help of peddy,woEw and Pl,cu,dc,woEw and to add Pl,cu,dc,Ew afterwards.
The eddy-ratio parameters listed in table 5.1 are all derived for electric base frequencies

fel � 0 Hz. Close to electric base frequency fel = 0 Hz the eddy-current losses Pl,cu,eddy
are caused by current transients due to the inverter switching, rather than the electric base
frequency fel. This results in strong deviations of eddy-loss offsets peddy,0 and peddy,woEw,0
listed in table 5.1, even for the HS2ph2p45N and HS3ph1p49N1 machines with similar coil
design. Therefore, extrapolation to very low frequencies is not recommended.
To verify, if the linearizion can be transfered to different SRG types, results of the

HS3ph3p25N machine investigated in [Ral+17] are analyzed (machine parameters listed
in table A.6). At 2.4 kHz and 21 Nm this automotive traction machine delivers 26 kW,
close to the machines investigated in this thesis. The gap spacer dgsp of 4.5 mm has a
similar value than the dgsp in the HS2ph2p45N, HS3ph1p49N and LS2ph3p60N machines
(see table 4.2). At constant torque with a hysteresis current control (HCC), the eddy-loss
ratio peddy,woEw rises in the HS3ph3p25N machine from 0.17 to 1.29 for an electric base fre-
quency of 0.3 – 2.4 kHz(i)[Ral+17]. The corresponding fit of the eddy-loss ratios peddy and
peddy,woEw are depicted in fig. 5.6. The fit parameters of (5.1) are listed in table 5.1. The
HS3ph3p25N machine shows with αeddy,woEw = 0.053 /(100 Hz) a slightly higher value than
the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N1 machines (see table 5.1). Deviations
arise from the higher power of the machine, the differing dc-link voltage udc and the chosen
control at nominal operation point, as these factors strongly influence the winding design
(see section 4.1.1).
From the discussed results it can be concluded that predicting the eddy-loss ratio

peddy,woEw in pre-design by a constant peddy,woEw,0 and αeddy,woEw is valid for machines with
similar gap spacer dgsp, power class and dc-link voltage udc. An extrapolation to a wide
range of electric base frequencies fel is a valid approach, as shown by the comparison of
the high-speed machines HS2ph2p45N and HS3ph1p49N1 with the HS3ph3p25N machine
[Ral+17] and the LS2ph3p60N machine. Errors can arise from the choice of control, as well
as the exact wire placement and diameter dw as well as the effective current density Jeff .
Fig. 5.7 shows a comparison of eddy-loss ratio peddy,woEw over electric base frequency

fel of the LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machines (see table A.2) retrieved
with coupled FEA in green (see section 2.3.2) and the analytical approach summarized in
[Car08] in red (see (2.24)). For the HS2ph2p45N and HS3ph1p49N machine, the analytical

(i)This signifies a machine speed nSRG = 1.5 – 12 krpm
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Fig. 5.7: Eddy-loss ratio peddy,woEw over electric base frequency fel for various calculation
methods. Machines listed in table A.2. green: coupled FEA (see section 2.3.2),

red: analytic results (see (2.24))
orange: analytic results (see (2.24)) considering only k = 1,2

approach shows eddy-loss ratios peddy,woEw by 30 % higher than the coupled FEA at their
nominal electric base frequency fel = 1.67 kHz. With a decrease in electric base frequency
fel, this deviation increases. For the LS2ph3p60N machine the relative error at its nominal
electric frequency fel = 750 Hz is about 224 %. This error in the LS2ph3p60N machine is
very close to the error of the HS2ph2p45N machine at comparable electric base frequency
fel (e.g. 250 % at 667 Hz). Therefore, a fundamental error in the frequency modeling either
in the employed FEA tool FLUX2D or the analytical equations is suspected. Considering
only the first two harmonics (k = 1,2), as shown in fig. 5.7 in orange, the dependency on
electric base frequency fel is modeled much closer with the analytical approach compared
to the coupled FEA. This suggests that higher frequency components are not considered in
the FEA.
For further analysis, the eddy-current copper losses Pl,cu,eddy are modeled by the frequency

dependent eddy-loss ratio peddy listed in table 5.1, as this approach shows a better approx-
imation over speed compared to the analytical approach (see (2.24)). In addition, it is
closer to the modeling approach during pre-design (see section 3.3.2), as no specific winding
information is required.
Assuming a constant eddy-loss ratio peddy for each machine leads to modeling errors

within one operation point for a variation of control angles. Fig. 5.8a depicts a comparison
of coupled FEA results (see section 2.3.2) for total copper losses Pl,cu,ac and iron core losses
Pl,fe with results from the look-up based system simulation model (see section 2.3.1) and a
constant eddy-loss ratio peddy employed in the loss post-processing at the operation point
NOPS (see table A.10). As can be seen in fig. 5.8b the real eddy-loss ratio peddy varies
around the mean ratio at some control parameter combinations. This leads to reduced
eddy-current copper losses Pl,cu,eddy by a short freewheeling period ∆θfw in the coupled
FEA, while dc copper losses Pl,cu,dc stay nearly constant. The point of minimal copper
losses Pl,cu,ac shifts, therefore, to a larger freewheeling period ∆θfw compared to the look-up
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Fig. 5.8: Machine losses Pl,mach and eddy loss ratio peddy. For each freewheeling period

∆θfw the turn-off angle θoff with minimal machine losses Pl,mach is depicted.
HS2ph2p51N machine (see table A.2) at operation point NOPS (see

table A.10). Figure adapted from [BMD16].

based system simulation model that uses a constant eddy-loss ratio peddy.
The coupled FEA results in fig. 5.8a show a nearly constant offset in iron core losses Pl,fe.

A similar offset was found for the HS2ph2p45N machine with same iron core cross section
but a number of turns per pole Nw,pl = 49 in section 4.1.2 (see table 4.4). This offset is
caused by the average flux density Bpt in the different machine parts considered in the iron
core loss calculation method pBertotti employed in the look-up base simulation model, while
the coupled FEA calculates the losses in each mesh element (see (2.29)). However, as the
offset is nearly constant, the control angles of minimal losses are not affected.

5.2 Drive Losses and Efficiency
With the help of the determined eddy-loss ratio peddy parameters listed in table 5.1, the
drive losses Pl,drive are analyzed at four operating points in the range of 50 – 100 % nominal
input shaft power Pm,sh. The power variation is performed by a variation of generator speed
nSRG rather than generator output torque Ttot, as an ICE has its best efficiency close to
maximal torque [MST12]. A variation of generator output torque Ttot is afterwards briefly
discussed and a conclusion is drawn. If not mentioned otherwise, in the next sections the
system parameters listed in table 5.2 are employed.

5.2.1 Loss Distribution
Fig. 5.9 depicts the drive losses Pl,drive and its separation into the fundamental copper losses
Pl,cu,ac, iron core losses Pl,fe and inverter losses Pl,inv for the nominal operation point of the
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Electrical system parameter Value
source internal resistance Ri,src 100 mΩ

dc-link capacitance Cdc 1 mF
cable inductance Lcab 3µH
cable resistance Rcab 1 mΩ

Table 5.2: Parametrization of electric systems used within the simulations for control
variation.

three built prototypes. Simulation results for the remaining operation points at variable
speed and partial load can be found in section A.4.3. For all results, only the points at
grid intersections were simulated. Intermediate results are linearly interpolated for better
visualization. The red circles indicate the control angle combination of lowest losses.

Machine Losses

Total copper losses Pl,cu,ac (first row in fig. 5.9) rise both with freewheeling period ∆θfw and
with turn-off angle θoff . Beside for the HS2ph2p45N machine, the minimum is found for a
freewheeling period ∆θfw = 0 ◦el. This behavior is directly linked to a proportionality of
the phase RMS current Iph,rms to both control parameters [BMD16]. In the HS2ph2p45N
machine the minimum can be found at freewheeling period ∆θfw = 10 ◦el, however, the
benefit is rather small compared to ∆θfw = 0 ◦el. The coupled FEA results shown in fig. 5.8a
confirm this. Generally, copper losses Pl,cu,ac are lowest in the HS3ph1p49N machine and
highest in the LS2ph3p60N machine.
Iron core losses Pl,fe (second row in fig. 5.9) decrease with an increase in turn-off angle θoff

in the investigated range of the control parameters. This behavior is linked to a decrease in
peak phase flux linkage Ψph,pk and, consequently, lower flux densities in the core. By varying
the freewheeling period ∆θfw, for each turn-off angle θoff , a minimum in iron core losses Pl,fe
can be found (e.g. at 40 - 260 ◦el for the HS3ph1p49N machine). The minimum shifts to
larger freewheeling periods ∆θfw with increasing turn-off angle θoff . While an increase in
∆θfw decreases the peak phase flux linkage Ψph,pk of each individual phase, it also widens
the current pulse. The resulting phase overlap leads to increased flux density Bpt in the
stator and rotor yokes and, consequently, increased iron core losses Pl,fe. The minima of iron
core losses Pl,fe can be found for all machines at the upper limit of the investigated control
parameters, in contrast to the copper losses Pl,cu,ac. Lowest iron core losses Pl,fe are found
in the LS2ph3p60N machine, highest losses in the HS3ph1p49N machine.
Additional results for partial load operation points are depicted in section A.4.3.2 - A.4.3.4.

At lower speeds, the copper loss Pl,cu,ac minima are shifted to higher values of turn-off angle
θoff and freewheeling period ∆θfw. For the iron core losses Pl,fe this effect cannot be seen,
due to the limited simulation range. The reduced back EMF e (see (2.9)) at lower speeds
is responsible for an increased gradient in phase current iph and, consequently, the phase
RMS current Iph,rms, to reach a constant torque. Increasing the freewheeling period ∆θfw
and shifting demagnetization at lower speeds, leads to a peak phase flux linkage Ψph,pk
comparable to the nominal speed and more energy efficient co-energy loops Wco [BMD16].
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Fig. 5.9: Simulated drive losses over switching parameters at operation point NOPM (see

table A.11). Turn on angle θon selected to obtain constant torque Ttot,nom. Red
circles mark loss minimum.

Inverter Losses

To obtain the inverter losses Pl,inv shown in fig. 5.9, all losses were simulated with the chip-
characteristics of the automotive Infineon Hybrid PackTM Light IGBT module [Inf] with
three phase legs. To compare the three machines in simulation on a fair basis of equal chip
area, it is assumed that the 2-phase machines employ three parallel chips per active switch,
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while the 3-phase machine employs only two chips per active switch(ii). Compared to the
module configuration with one chip per switch, the inverter losses Pl,inv can be reduced in
the point of lowest losses by 25 %, 14 % and 8 % in the LS2ph3p60N, the HS2ph2p45N and
die HS3ph1p49N machine, respectively. The low reduction ratios are due to the diode-like
forward characteristics of IGBTs with a high initial voltage drop at zero forward current.
The LS2ph3p60N machine is further disadvantaged, as the IGBTs are designed for a 705 V
blocking voltage, resulting in a unnecessarily high forward voltage drop.
The inverter losses Pl,inv show a similar characteristic as the copper losses Pl,cu,ac. This is

caused by the employed SPC, for which the inverter losses are mainly caused by conduction
losses Pl,cond [BMD16]. The small shifts are explained by the non-linearity of the conduction
losses Pl,cond and the switching losses Pl,sw, the latter being only dependent on switching
current isw, not phase RMS current Iph,rms. This behavior can be confirmed for all three
prototypes. Similar to copper losses Pl,cu,ac the lowest and highest losses can be found in
the HS3ph1p49N and LS2ph3p60N machine, respectively.

Drive Losses

The combined minima of drive losses Pl,drive are in all machines close to the minima for
the copper losses Pl,cu,ac. The largest deviation to higher values of turn-off angle θoff and
freewheeling period ∆θfw can be found in the HS3ph1p49N machine, as iron core losses Pl,fe
have a larger share in the drive losses Pl,drive than in the other machines. Drive losses Pl,drive
are in all machines positively affected by a short freewheeling period ∆θfw, however, the
effect is rather small. In both high-speed machines the freewheeling period ∆θfw of minimal
drive losses Pl,drive is slightly larger, due to the larger share of frequency dependent losses.
Similar behavior can be found at lower speeds, the minima are only shifted to higher values
of turn-off angle θoff and freewheeling period ∆θfw, which is in accordance to the findings in
[KD17] at partial load.

5.2.2 Measurement Validation
Fig. 5.10 depicts machine, inverter and drive efficiency ηmach, ηinv and ηdrive for measurement
and simulation at the operation point NOPM (see table A.11). The remaining operation
points can be found in fig. A.6 to fig. A.12. The measured range of control parameters is
smaller than in simulation, as it was limited by the increase in coil hot spot temperature
ϑcoil,hs due to increased total copper losses Pl,cu,ac.
At 20 kW, regarding machine efficiency ηmach (first row in fig. 5.10), the simulation is best

matched for the HS2ph2p45N machine as already found in section 4.1.4. However, for all
machines the dependence of machine efficiency ηmach on turn-off angle θoff and freewheeling
period ∆θfw found in simulation can be confirmed by the measurements. This tendency is
more clearly visible for the low speed operations shown in appendix A.4.3.2 - A.4.3.4, as
a larger range of control parameters could be validated on the test bench. Generally, the
optima found in measurement are at slightly lower freewheeling period ∆θfw and turn-off
angle θoff than in simulation.

(ii)On the test bench both 2-phase machines only employ four chips, while the 3-phase machine employs six
chips.
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Fig. 5.10: Comparison of simulated and measured efficiencies at operation point NOPM

(see table A.11). Blue circles mark efficiency maximum.

A direct comparison of inverter efficiency ηinv between simulation and measurement is not
possible, as a different amount of chips is employed. From the results depicted in fig. 5.10
(second row) it can be summarized that inverter efficiency ηinv is strongly overestimated
in simulation. This error is only partially explained by the higher load of the chips (see
section 5.2.1). Other sources are the neglected ohmic losses in copper bars as well as the
capacitor losses. Employing the same chip area per phase for both high-speed HS2ph2p45N
and HS3ph1p49N machines results in an efficiency penalty of about 1 pp. The penalty is
similar for the LS2ph3p60N machine. However, a different inverter, based on the Infineon
Hybrid PackTM 2, had to be employed for the measurements, due to the required phase peak
current Iph,pk. Anyway, the improvement potential by a variation of freewheeling period ∆θfw
and turn-off angle θoff can again be confirmed for the three machines. The optima are found
at slightly larger freewheeling periods ∆θfw in measurement than in simulation.
Combining both efficiencies, leads to a generally lower drive efficiency ηdrive in measure-

ment than in simulation. While in simulation (left columns in fig. 5.10a-5.10c), the ηdrive
optima are found at the same control angles as machine efficiency ηmach, in measurement
(right columns in fig. 5.10a-5.10c) they are congruent with the optima of inverter efficiency
ηinv. This indicates a stronger effect of the control angles on inverter efficiency ηinv in the
measurements than in simulation, as a constant offset would not shift the points of maximal
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5 Control and Power Variation

efficiency. As the chips are operated at a higher specific load in measurement, the increased
gradient is most likely also caused by thermally increased losses.

Power Variation

The minimal measured and simulated machine losses Pl,mach and drive losses Pl,drive for the
four operation points of variable speed and constant torque listed in table A.11, are depicted
in fig. 5.11 at the identified maxima. For clarification, fig. 5.12 additionally visualizes the
simulated individual losses at the points of maximal drive efficiency ηdrive (ηdrive sim in
fig. 5.11).
Regarding machine efficiency ηmach, both high-speed HS2ph2p45N and HS3ph1p49N ma-

chines show a nearly constant efficiency over the complete power range in simulation and
measurement (see fig. 5.11b and fig. 5.11c). In these two machines, the frequency dependent
eddy-current copper losses Pl,cu,eddy, iron core losses Pl,fe and mechanical losses Pl,m account
for about 75 % of the machine losses Pl,mach (see fig. 5.12). As these losses strongly increase
with generator speed (see fig. 5.12a), the effect of the nearly constant dc copper losses
Pl,cu,dc is compensated. The LS2ph3p60N machine shows a higher dependence of machine
efficiency ηmach on generator speed nSRG than the HS2ph2p45N and HS3ph1p49N machines.
At Pm,sh = 10 kW, the measured machine efficiency ηmach is by 1.4 pp lower than at 20 kW.
This is caused by the dc copper losses Pl,cu,dc (see fig. 5.12a), which increase only slightly
with the input power Pm,sh along with the generator speed nSRG. As in the LS2ph3p60N
machine the dc copper losses Pl,cu,dc account for over 75 % of the machine losses Pl,mach, the
machine efficiency ηmach shows a positive correlation with speed.
For drive efficiency ηdrive, also depicted in fig. 5.11, a similar behavior can be found

in simulation, while in measurement also the HS2ph2p45N machines shows an efficiency
penalty when reducing speed. This is caused by the inverter losses Pl,inv, which show a
stronger gradient over speed in measurement than in simulation.
Power variation can be performed by a variable speed as well as a variable torque. Due

to the large share of Pl,m, in the high-speed machines this is not advised. Assuming a
constant electromagnetic efficiency, with linearly reduced iron core losses Pl,fe and copper
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Fig. 5.11: Simulated and measured efficiencies for variable speed and generator output

torque Ttot = Ttot,nom. Operation points listed in table A.11.
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losses Pl,cu,ac, only a machine efficiency ηmach of < 87 % can be reached at nominal generator
speed nSRG,nom in the HS2ph2p45N machine, if the output torque is reduced to 50 % of
the nominal output torque Ttot,nom. With the large share of frequency dependent losses,
this assumption can be seen as best-case estimation. In [Ral+17], it was shown for the
HS3ph3p25N machine that reducing the torque increases the share of eddy-current copper
losses Pl,cu,eddy as well as iron core losses Pl,fe, which was also confirmed by simulation at
nominal speed for the HS2ph2p45N and HS3ph1p49N machine. As measurement validation
at nominal generator speed nSRG,nom was not possible, in table 5.3 a validation is performed
at 0.5 · nSRG,nom for the HS2ph2p45N machine. In best case, a machine efficiency ηmach of
87.7 % is expected, while measurement reaches 87.4 %.

In the LS2ph3p60N machine, the frequency dependent losses have a much smaller share.
In best case, at nominal operation point, a reduction of machine efficiency ηmach by 1.2 pp
by the relatively doubled mechanical losses Pl,m is expected, while measurement shows a
reduction of 1.4 pp. As can be seen from fig. 5.11a, at 50 % nominal generator speed nSRG,nom
and nominal torque Ttot,nom, an equal efficiency reduction was measured. Adding inverter
efficiency ηinv to the discussion, however, the variation of torque shows a higher efficiency
ηdrive than the variation of speed by 1.6 pp at 50 % input power Pm,sh.

LS2ph3p60N HS2ph2p45N
nSRG nSRG,nom 0.5 · nSRG,nom
Ttot Ttot,nom 0.5 · Ttot,nom Ttot,nom 0.5 · Ttot,nom
ηmach 91.5 % 90.1 % 90.4 % 87.4 %
ηinv 97.4 % 97.6 % 96.5 % 96.7 %
ηdrive 88.5 % 87.9 % 87.2 % 84.5 %

Table 5.3: Torque variation influence on measured efficiency at two constant speeds.
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5.2.3 Efficiency Conclusion
Introducing a freewheeling period ∆θfw, machine efficiency ηmach can be improved in simu-
lation for all investigated machines. At the nominal operation point, the overall maximum
of drive efficiency ηdrive is close to the minimal copper losses Pl,cu,ac. Responsible for this
behavior are the large shares of dc copper losses Pl,cu,dc in the LS2ph3p60N and eddy-current
copper losses Pl,cu,eddy in the high-speed HS2ph2p45N and HS3ph1p49N machines. Reducing
generator speed nSRG, the required freewheeling period ∆θfw to achieve maximal efficiency
gets larger, compensating for the reduced back EMF e. Varying both the freewheeling pe-
riod ∆θfw and the turn-off angle θoff at the same time, leads at all operation points to a
large area of constant efficiency. This area offers the potential to influence additional system
aspects, such as acoustic behavior, without influencing the drive efficiency ηdrive.
Measurements confirm the tendencies from simulation on machine and inverter level. For

all operation points, a good match between simulated and measured machine efficiencies
ηmach can be found. However, the areas of minimal losses are smaller, as the copper losses
Pl,cu,ac are negatively influenced by the coil temperature. Inverter efficiency ηinv shows an
offset between simulation and measurement, due to the modeling with constant chip area.
Generally, inverter efficiency ηinv has only a small effect on the control parameters of maximal
drive efficiency ηdrive, showing a similar behavior as the copper losses Pl,cu,ac.
From an efficiency point of view, for both high-speed machines the power variation is

preferable by a variation of speed. For the LS2ph3p60N machine, the variation of torque
and speed offer the same machine efficiency ηmach performance. Including the inverter,
the torque variation shows an advantage of 1.6 pp over speed variation in the LS2ph3p60N
machine.

5.3 Acoustic Analysis
Due to their application in a REX, the SRGs discussed in this thesis perform power vari-
ations by changing the generator speed nSRG at nominal torque Ttot,nom. Therefore, the
fundamental electric frequency fel and its harmonics of higher orders might intersect with
their corresponding eigenfrequencies feig. In the following, the dynamic behavior of the three
prototype machines LS2ph3p60N, HS2ph2p45N and HS3ph1p49N is analyzed in simulation
and measurement. Simulation results are retrieved with the modeling approach introduced
in section 2.3.4 and 4.3. Additionally, the coupling of the LS2ph3p60N machine with an ICE
is presented and analyzed. Finally, improvement potential by changing control parameters
(e.g. ∆θfw, θoff) is discussed.

High-Speed Machines

Fig. 5.13 depicts simulated and measured spectrograms from 50 – 100 % nominal gener-
ator speed nSRG,nom at nominal generator output torque Ttot,nom. In measurement, the
HS2ph2p45NX machine (see section A.2.1.1) was employed. As the electromagnetic stator
structure is equal to the HS2ph2p45N machine, only the mechanical background noise is
influenced by this change. In section 4.3.3, a 20 dB offset was found between simulation and
measurement for both the HS2ph2p45N and the HS3ph1p49N machine. As this is believed
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to be caused by the parametrization of the simulation model, for qualitative comparison
with the measurements the colorbar amplitude of the simulation was adjusted by this offset.
In simulation, for both, the HS2ph2p45N and the HS3ph1p49N machine, the identified

mode0, mode2 and mode4 eigenfrequencies fM0, fM2 and fM4 (see table 4.17) can be eas-
ily perceived in fig. 5.13a and fig. 5.13b. In fig. 5.13a, the 2nd and 4th harmonic of the
HS2ph2p45N machine, exciting a mode0 vibration, show high amplitudes over the complete
speed range without intersecting with the corresponding mode0 eigenfrequency fM0. In
fig. 5.13b, this behavior can be observed for the 1st and 2nd harmonic of the HS3ph1p49N
machine, exciting a strong mode2 vibration, without intersecting with the corresponding
mode2 eigenfrequency fM2.
In the measurements shown in fig. 5.13c and 5.13d, the mechanical vibrations increase

the background amplitude of the average surface velocity vsurf between the electromagnetic
harmonics, especially below 1 kHz. These additional measured vibrations are slightly higher
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Fig. 5.13: Simulated and measured surface velocities vsurf of high-speed machines listed

in table A.2. Transition from PARTM,50 to NOPM (see table A.11) at nominal
generator output torque Ttot,nom.

red dashed lines: stationary comparisons in section 4.3.3 and A.4.3.5
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for the HS3ph1p49N machine with the initial mechanical setup, than for the mechanically
improved HS2ph2p45NX machine (see section A.2.1.1). In addition, the first two gearbox
harmonics (I, II) are added to the spectrum of both machines. In the HS2ph2p45NX mea-
surements in fig. 5.13c, the 1st gearbox harmonic completely shadows the 4th electromagnetic
harmonic, which excites a mode0 vibration, in the speed-range of 55 – 75 % nSRG,nom (a).
In the HS3ph1p49N measurements in fig. 5.13d, in contrast the 4th harmonic overlaps with
the mode2 eigenfrequency fM2 in this speed range (a). Therefore, the 1st gearbox harmonic
is shadowed. A 2nd distinguishable gearbox excitation can be found around 92 % and 100 %
nSRG,nom (b) in the HS3ph1p49N and HS2ph2p45NX measurements, respectively. The dif-
ference in frequency location between the two machines, results from the changed bearing
and shaft concept of the HS2ph2p45NX machine (see section A.2.1.1). The resonance ex-
cited at 6.5 kHz in the HS3ph1p49N machine ((b) in fig. 5.13d) is shifted above 7 kHz in
the HS2ph2p45NX machine ((b) in fig. 5.13c), as the corresponding gearbox harmonic I
just enters the area of increased amplitude in this machine. While this leads to comparable
amplitudes at the nominal operation point (see stationary measurement in fig. 4.27b), for
variable speed operation, it is preferable that the resonance peak is not in the considered
generator speed range.
Concerning electromagnetically caused vibrations in the HS2ph2p45NX machine (see

fig. 5.13c), the mode0 eigenfrequency fM0 excitation can be found around 9 kHz (c), slightly
higher than the 8.5 kHz expected from simulation. The amplitude increase of the 8th and 10th

harmonic in the frequency range of fM0 is less prominent in measurement than in simulation.
In case of the odd harmonics, exciting a mode4 vibration form, the corresponding eigenfre-
quency fM4 is found roughly at the simulated frequency of 12 kHz (see fig. 5.13c). However,
amplitude and frequency band of the 9th, 11th and 13th harmonic are increased compared
to simulation around fM4. Lower harmonics show a comparable behavior in measurement
as in simulation, only the 2nd harmonic shows a peak around 2.4 kHz ((d) in fig. 5.13c), not
found in simulation. In general, mode4 and mode0 excitation is of comparable magnitude.
This is confirmed by the stationary comparisons in section A.4.3.5.
In the HS3ph1p49N measurements shown in fig. 5.13d, the mode2 eigenfrequency fM2

around 3.7 kHz matches closely the value found in simulation. Generally, mode2 vibrations
of the 1st and 2nd harmonics are dominant throughout the complete operation range, even
without intersecting with the corresponding mode2 eigenfrequency fM2. mode0 vibrations
of the 6th and 9th harmonic show increased amplitudes around 9 kHz ((d) in fig. 5.13d). In
case of the 9th harmonic the frequency band with increased amplitudes is wider compared to
simulations shown in fig. 5.13b. However, the amplitudes of mode0 vibrations are generally
much lower than the amplitudes of mode2 vibrations (e.g. 1st and 2nd harmonic).

Low-Speed Machine

Simulations of the LS2ph3p60N machine are shown in fig. 5.14a. The even harmonics,
exciting a mode0 vibration form, clearly show a higher amplitude than the odd harmonics,
exciting a mode6 vibration form. Clear peaks can be found around fM0 = 5.5 kHz and
fM6 = 7.4 kHz. The high harmonic density makes it difficult to distinguish operational
speeds of low structural excitation. At nominal generator speed nSRG,nom, no harmonic
directly intersects with its corresponding eigenfrequency, however, the 8th harmonic still has
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Fig. 5.14: Simulated and measured average surface velocities vsurf of LS2ph3p60N

machine listed in table A.2. Transition from PARTM,50 to NOPM (see
table A.11) at nominal generator output torque Ttot,nom.

red dashed lines: stationary comparisons in section 4.3.3 and A.4.3.5

a strongly increased amplitude.
Comparing the simulation results shown in fig. 5.14a to measurements on an electric test

bench shown in fig. 5.14b, both, the mode0 and mode6 eigenfrequencies fM0 and fM6 are
shifted to higher frequencies, namely 7 kHz and 9.5 kHz, respectively. This is similar to
the findings for the high-speed HS2ph2p45NX and HS3ph1p49N machines. These shifts
are believed to be caused by the rigid connection to the test bench, increasing the stiffness
of the stator structure. In addition, the amplitudes of individual harmonics in the area
of the corresponding eigenfrequencies fM0 and fM6 are lower than in simulation. Due to
the shift of the fM0 eigenfrequency to 7 kHz especially the excitation of the 8th harmonic
is reduced in measurement (see fig. 5.14b) compared to simulation (see fig. 5.14a). For the
mode6 vibration form, a 2nd band of increased amplitude is found for the 17th, 19th and
23rd harmonic at 11 kHz. As frequency was limited to 10 kHz in simulation, these increases
were not predicted. While the higher harmonics show a lower excitation in measurement
compared to simulation, both the 2nd and 4th harmonic, which excite a mode0 vibration
from, show an increased amplitude. This confirms that the LS2ph3p60N machine with a
pole pair number np = 3, mainly shows a mode0 vibration form.

Coupling with Internal Combustion Engine

In fig. 5.15, measurement results of the LS2ph3p60N machine in the final module combined
with an ICE, as described in [Ind+16], are depicted. The machine is directly attached to
the ICE housing. The combined setup is attached via rubber suspensions to a aluminum
frame, realizing a much less rigid connection than the electric test bench. Only a limited
speed range of 66 – 96 % nSRG,nom was available by the ICE controller. In the investigated
range, the background vibrations are increased compared to the test bench results. The
general increase of vibrations, and the torque oscillations introduced by the ICE, lead to
a much less distinctive perception of single harmonics. This led to a less sharp subjective
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noise impression of the author at the measurement site and in the final vehicle compared to
the electric test bench.
Up to 2 kHz all electromagnetically induced vibrations are shadowed by the vibrations

of the ICE. Only the intersection of 8th and 10th harmonic with the mode0 eigenfrequency
around 5.5 kHz can be clearly perceived ((a) and (b)). These peaks are located at the
eigenfrequency fM0 expected from simulation, in contrast to the test bench measurements.
The 15th harmonic, which excites a mode6, shows a minor peak around 90 % nSRG,nom
at 10 kHz (c), corresponding to the eigenfrequencies fM6 found in measurements on the
electrical test bench depicted in fig. 5.14.
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Fig. 5.15: Measured average surface velocity vsurf of LS2ph3p60N machine coupled with
single-cylinder 4-stroke ICE.

5.3.1 Acoustic Improvements by Control
Beside structural changes, the chosen control can influence the acoustic behavior of an
SRG. Sophisticated approaches, such as [Hof16], are not applicable for SRG in energy ef-
ficient SPC, as they require instantaneous controllability of the phase current. For such
a controllability, a low number of turns per pole Nw,pl is required, which has a negative
effect on the machine efficiency ηmach (see section 4.1) and, consequently, power density (see
section 4.2.4).
In SPC, the positioning of the pulse also has an influence on the acoustic behavior, as

it influences the force amplitude. The early single pulse strategy from [Kas11], which was
developed for the motoring mode, is transferred to SRG into a late single pulse operation
for the generating mode. In [Kle+14], it was shown in simulation without application of
freewheeling period ∆θfw that a late single single pulse operation has a positive effect on
the acoustic behavior of the LS2ph3p60N machine. Measurements in [Kle+14] showed a
lowered surface velocity vsurf together with a reduced machine efficiency ηmach.
Adding a freewheeling period ∆θfw, offers an additional degree of freedom to influence the

acoustic behavior with a lower impact on the machine efficiency ηmach (see section 5.2.3).
Fig. 5.16 depicts the average surface velocity vsurf of the HS3ph1p49N machine at nominal
operation point for variable control parameters close to efficiency maximum (see fig. 5.10c).
Increasing the turn-off angle θoff to later values and increasing the freewheeling period
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5.3 Acoustic Analysis

∆θfw along with it, to keep the influence on machine efficiency ηmach small, has mainly an
effect on vibrations around the mechanical base frequency fm as well as around the 6th

electromagnetic harmonic. This harmonic excites not only a mode0 vibration form. Due
to the 3-phase configuration of the HS3ph1p49N machine, the torque ripple has a base
frequency of 3 · fel. The 6th electromagnetic harmonic is, therefore, also the 2nd harmonic of
the torque ripple. A positive effect on mode2 harmonics is only found for the 8th harmonic,
already > 13 kHz at nominal generator speed nSRG,nom.
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Fig. 5.16: Measured surface velocity of HS3ph1p49N machine for variable control

parameter ∆θfw-θoff at operation point NOPM (see table A.11).

Another known approach to improve the acoustic behavior of electrical machines, is a
dithering of the pulse-width modulation (PWM) switching frequency [Bös14; BP93; CLU92].
For SRG in SPC no PWM frequency is applied. However, taking in consideration the ad-
vantage of a late turn-off angle θoff , a dithering of the complete current pulse between the
two extrema of maximal machine efficiency ηmach and minimal radial force Fpl,rad can be
implemented. In [SBD15], it was shown for various dithering approaches that the peak
amplitude of individual harmonics could not be reduced in the LS2ph3p60N machine. How-
ever, the spectrum of individual harmonics was widened similar to the operation with the
ICE (see fig. 5.15). As the improvement in acoustic behavior comes in hand with larger
required power electronics, due to the increased phase peak current Iph,pk [Kle+14], it was
not further analyzed in this thesis.
This brief analysis shows that the potential to improve the acoustic behavior by means

of control, is rather limited in SRG operated in energy efficient SPC. The deviation from
efficiency optimal control angles mainly influences mechanical vibrations (see fig. 5.16).
Therefore, it is only advised if absolutely required from a mechanical point of view.

5.3.2 Acoustic Partial Load Conclusion
The initial conclusions drawn in section 4.3.4 for the nominal operation point are supported
by the dynamic comparison shown in fig. 5.14 - 5.13. Throughout the complete operation
range, the 1st and 2nd harmonic show high amplitudes for the HS3ph1p49N machine (see
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5 Control and Power Variation

fig. 5.13d). Both the HS2ph2p45N (seefig. 5.13c) and the LS2ph3p60N (see fig. 5.14b) mea-
surements show lower amplitudes of individual harmonics. Excitation of eigenfrequencies by
their corresponding harmonics is mainly a problem for the 2nd harmonic of the HS3ph1p49N
machine (seefig. 5.13d). As the higher torque ripple of the HS2ph2p45N machine compared
to the HS3ph1p49N machine (see table 4.19) does not show a negative effect on gearbox
vibrations, the HS2ph2p45N machine is clearly preferable for the high-speed scenario. The
LS2ph3p60N machine measurements in fig. 5.14b show a higher harmonic density compared
to the HS2ph2p45N and HS3ph1p49N measurements in fig. 5.13. While the intersection
of a harmonic with its corresponding eigenfrequency feig is more likely than for the high-
speed HS2ph2p45N and HS3ph1p49N machines, the LS2ph3p60N machine still shows lower
amplitudes of individual harmonics. Therefore, the LS2ph3p60N machine has a preferable
acoustic behavior compared to the HS2ph2p45N machine at partial load, especially as no
additional gearbox noise is present, due to the direct coupling with the ICE.
From the measurements in combination with an ICE shown in fig. 5.15, it can be de-

duced that mechanical vibrations up to 2 kHz are covered by externally induced noise. The
increased background vibration level additionally covers higher electromagnetic harmonics
> 7 kHz. Therefore, only a cover-up of the 1st harmonic in the high-speed HS2ph2p45N
and HS3ph1p49N machines is realistic. Especially, the 2nd harmonic in the HS3ph1p49N
machine is expected to be still perceivable in a vehicle.
Influencing the acoustic behavior by means of control is limited in SPC. Shifting con-

trol parameter to later turn-off angle θoff and simultaneously increasing the freewheeling
period ∆θfw leads only to a reduced level of vibration in mode0 harmonics and mechanically
induced vibrations. A reduction of the prominent mode2 harmonics in the HS3ph1p49N
machine could not be observed. It is, therefore, only advised if absolutely required from
a mechanical point of view. As the background vibration level is already increased by the
ICE, no additional advantage of the angle dithering analyzed in [SBD15] is expected.

5.4 System Aspects
This section discusses the sizing of the power electronics inverter as well as the source losses
Pl,src for the different machine configurations.

5.4.1 Power Electronics

The power module sizing depends on the required blocking voltage and the chip area. The
former is directly linked to the dc-link voltage udc, while the latter is linked to a phase RMS
current Iph,rms and phase peak current Iph,pk from thermal and instantaneous limitations,
respectively. Table 5.4 lists the inverter apparent power Sel,inv as defined by (5.2) and
phase peak current Iph,pk, for the two operation points of 10 kW and 20 kW. It can be
seen, that inverter apparent power Sel,inv is nearly independent from operational speed
for SPC. Comparing the machines, the HS2ph2p45N machine saves 12 % compared to the
LS2ph3p60N machine, while the 3-phase HS3ph1p49N machine saves another 18 % on the
2-phase HS2ph2p45N machine.
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Sel,inv = uph · Iph,rms ·Nph (5.2)
In an ideal world, inverter apparent power Sel,inv is not affected by the chosen phase

voltage uph, substituting voltage by current. However, only standardized voltage steps are
generally available on the market. For automotive applications of the 20 kW range a blocking
voltage in the range of 600 – 700 V is common, depending on the IGBT chip generation.
Therefore, reducing the system voltage below the required over-voltage safety margin has
a negative effect on power module sizing, as phase RMS current Iph,rms and peak current
Iph,pk are increased.

PARTM,50 (see table A.11) NOPM (see table A.11)
udc Sel,inv Iph,pk Sel,inv Iph,pk

in kVA in A in kVA in A
LS2ph3p60N 300 V 66 345 72 300
LS2ph3p60N

400 V
66 258 72 206

HS2ph2p45N 55 195 64 173
HS3ph1p49N 46 96 53 86

Table 5.4: Inverter apparent power Sel,inv and phase peak current Iph,pk for the built
prototypes.

For the sizing of the dc-link capacitor Cdc, two requirements are important. On the one
hand, the maximal dc-link voltage deviation ∆udc from the nominal dc-link voltage udc at the
inverter terminals. On the other hand, to avoid extensive battery losses and potential aging,
the ripple on source current isrc has to be limited. Table 5.5 lists the required capacitance
Cdc for the three generator prototypes for ∆udc = 5 % and no current reversal (isrc < 0 A in
fig. 2.5) at the point of lowest battery source losses Pl,src. Comparing the three machines at
dc-link voltage udc = 400 V, the requirement of dc-link voltage deviation ∆udc is met with
capacitances Cdc < 1 mF. For the HS3ph1p49N 3-phase machine the required capacitance
Cdc = 0.03 mF is also sufficient to meet the current ripple requirement. For the 2-phase
LS2ph3p60N and HS2ph2p45N machines, larger capacitances Cdc of 3.9 mF and 1.3 mF are
required at 400 V. As can be seen from the LS2ph3p60N machine at 300 V and 400 V, an
increase in dc-link voltage udc has a positive effect on dc-link capacitance Cdc regarding
voltage deviation ∆udc. To avoid isrc reversal, however, the required dc-link capacitance Cdc
is not reduced by the higher dc-link voltage udc.
In [KBD16b], it was found for a passive filter with a cable inductance Lcab = 100µF

and dc-link capacitance Cdc = 1 mF that component sizing for a dc-link voltage deviation
∆udc = 5 % is independent of speed. To additionally avoid current reversal, however, much
larger capacitances Cdc or inductances Lcab are required. To avoid excessive oversizing of the
passive filter components and to decouple dc-link voltage udc from state-of-charge dependent
source voltage usrc, [KBD16b] proposes an active filter based on a dc-dc converter.
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udc ∆udc = 5 % isrc < 0 A
LS2ph3p60N 300 V 2.40 mF 4.00 mF
LS2ph3p60N

400 V
0.80 mF 3.90 mF

HS2ph2p45N 0.44 mF 1.30 mF
HS3ph1p49N 0.03 mF 0.03 mF

Table 5.5: Required dc-link capacitor size Cdc to achieve 5 % ∆udc or no isrc reversal at
operation point NOPM (see table A.11) for Ri,src = 100 mΩ.

5.4.2 Source Losses
The ohmic source losses Pl,src of the three LS2ph3p60N, HS2ph2p45N and HS3ph1p49N
prototypes at nominal operation point for dc-link capacitance Cdc = 1 mF and internal
source resistance Ri,src = 100 mΩ are depicted in fig. 5.17. It can be seen for all machines that
a freewheeling period ∆θfw positively affects the source losses. Introducing a freewheeling
period ∆θfw has two major benefits: Firstly, as instantaneous current reversal of phase
current iph is avoided at turn-off angle θoff , the current oscillations towards the battery are
reduced. Secondly, the overlap of phase currents iph between adjacent phases is increased,
transferring energy directly between phases rather than storing it in the dc-link capacitor
Cdc. This has a similar effect as the switching strategies described in [Neu12], which are
not applicable for SRG in SPC. It can be also seen in fig. 5.17 that control parameters for
minimal source losses Pl,src are strongly differing from minimal drive losses Pl,drive. This
is in accordance with the preliminary study conducted for the HS2ph2p51N machine in
[BMD16]. The absolute values in fig. 5.17 differ strongly for the three machines, due to the
constant dc-link capacitance Cdc. As the LS2ph3p60N machine has a much lower electric
base frequency fel than the HS2ph2p45N and HS3ph1p49N machines, each energy pulse,
described by the co-energy loop Wco (see fig. 2.7b) delivered to the dc-link capacitor is
larger. This energy pulse leads to a higher voltage deviation ∆udc in the dc-link capacitor
Cdc and, consequently, in a higher current oscillation towards the battery.
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Employing the capacitance Cdc values listed in table 5.5 for no source current isrc reversal,
leads to source losses Pl,src of 290 W, 341 W and 358 W at the point of minimal drive losses
Pl,drive in case of LS2ph3p60N, HS2ph2p45N and HS3ph1p49N machine, respectively. To
achieve comparable source losses Pl,src, the LS2ph3p60N machine requires the largest dc-link
capacitance Cdc. The sizing of a filter, however, needs to be performed with knowledge of
the complete electric system, as cable inductance Lcab and battery internal resistance Ri,src
as well as capacitances of additional components in the system affect the dynamic behavior.
Again, a decoupling is possible by employing a dc-dc converter as suggested in [KBD16b].
From a system point of view, the high-speed machines are preferable over the low-speed

machine, as the higher electric base frequency fel leads to smaller additional power elec-
tronic components. Due to its 3-phase configuration, the HS3ph1p49N machine requires
the smallest components of all three investigated machines.

5.5 Chapter Conclusion
In this chapter, the influence of single pulse control (SPC) parameters, including a freewheel-
ing period ∆θfw, on the system behavior of the three prototypes was analyzed in terms of
efficiency and acoustic behavior.
In section 5.1 a negative effect on the ac copper losses Pl,cu,ac with an increase in turn-

off angle θoff in SRG was found (see fig. 5.2a). Adding a freewheeling period ∆θfw to the
control parameters allows for a compensation of this effect (see fig. 5.4), as both, the peak
value and the gradient around turn-off θoff of pole flux linkage Ψpl are reduced. In addition,
these effects positively influence the iron core losses Pl,fe (see fig. 5.5). Varying both control
parameters (∆θfw, θoff) together, leads at all operation points to a large area of constant
efficiency (see fig. 5.10, A.7, A.10, A.12). This leads not only to a reduced sensitivity against
control errors but also offers a degree of freedom to influence the system behavior.
With a large number of coupled FEA, it was found in section 5.1.1 that modeling the

eddy-current copper losses Pl,cu,eddy by the frequency dependent eddy-loss ratio peddy,woEw
(fel), proposed in this thesis, is a fast approach to find preliminary control angles with
good accuracy in extensive system simulations (see fig. 5.8a). The frequency dependent
eddy-loss ratio peddy,woEw (fel) can also be employed for the determination of the copper
loss correction factor kcu (fel) (see (3.9)) instead of a constant factor in pre-design. The
analysis of an additional traction machine over a wide range of electric base frequency fel
(see fig. 5.6) showed good transferability for machines of similar power and voltage class, as
long as the winding design is comparable.
Analyzing the machines at partial load in section 5.2.2, for both high-speed machines it

was found that power variation is preferable by a variation of speed rather than torque. For
the low-speed machine, a variation of torque was found more advantageous if drive efficiency,
including the inverter, is considered.
Regarding the acoustic behavior, the 2-phase HS2ph2p45N machine shows lower ampli-

tudes of individual harmonics compared to the 3-phase HS3ph1p49N alternative over the
complete speed range (see section 5.3). A negative influence of the higher torque ripple in
the HS2ph2p45N machine was not found (see fig. 5.13c and fig. 5.13d). Together with the
analysis at nominal operation point (see section 4.5) this leads to the general conclusion
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that 2-phase machines with a number of pole pairs np > 1 are an interesting alternative
compared to machines with a higher number of phases Nph and np = 1. These machines offer
the same machine efficiency at improved acoustic behavior. From the exemplary coupling
of the LS2ph3p60N machine with an ICE, the conclusion can be drawn that in the complete
system, the individual SRG harmonics will be less distinctive, due to the high torque os-
cillations of the ICE. Finally, influencing the acoustic behavior by means of control mainly
influences mechanical vibrations. Therefore, it should only be considered, if the machine
efficiency ηmach is not negatively influenced.
From a system perspective, the oscillating energies between machine and dc-link capacitor,

are directly proportional to the absolute torque ripple of the machine. The reduced electric
base frequency fel of low-speed machines leads to much larger absolute torque values and,
consequently, dc-link capacitances Cdc compared to high-speed machines (see table 5.5).
3-phase machines require a smaller dc-link capacitor compared to 2-phase machines, due to
their reduced absolute and relative torque ripple. Therefore, 3-phase machines are to be
considered, if a configuration with a number of pole pairs np > 1 reaches a sufficiently high
machine efficiency.

132



6 Summary and Conclusion

6.1 Conclusion
Within this thesis, the suitability of SRG for a REX application was analyzed. Therefore,
two drive configurations, a low-speed scenario directly coupled to the ICE and a high-speed
scenario with an additional gearbox, were considered.
To chose suitable machine designs from the large amount of possible solutions, a solution

space based pre-design (SSBPD) for SRGs was developed as a part of this thesis. The
SSBPD decouples the geometry dependent electromagnetic torque capability (exemplary
shown in fig. 3.6b) from application specific requirements, e.g. shaft power Pm,sh, maximal
coil temperature ϑcoil,max or copper fill factor fcu. With the proposed approach, a FEA-
verified fast overview over a solution space of several thousand machine designs can be
achieved in a few seconds. From the results, the most promising designs can be further
evaluated with more time consuming simulations.
With this tool and detailed analysis of the thermal behavior of the built prototypes (see

table A.2), the following has been found that is also transferable to other designs. In order
to find the "best" design in terms of active material volume Vact and, consequently, reachable
torque density φT,act, the thermally permitted maximal current density Jth,max should be
calculated separately for each design variation by a geometry dependent LPTN. Further-
more, it was found that an approximation of the eddy-current copper losses Pl,cu,eddy and the
influence of end-winding related dc copper losses Pl,cu,dc,Ew is important, to correctly deter-
mine Jth,max. The detailed analysis of the prototype machines, together with the comparable
HS3ph3p25N machine (see table A.6), showed that a linear frequency dependent eddy-loss
ratio peddy,woEw (fel) is a viable solution to determine the total copper losses Pl,cu,ac for a
wide range of electrical base frequencies fel and machine configurations during pre-design.
All SRGs evaluated for the two REX speed scenarios, reached a measured machine ef-

ficiency ηmach > 91 %. The low-speed machine shows an advantage of 0.4 pp compared to
the high-speed machines. Therefore, it is concluded that, even if a gearbox is required,
nominal generator speeds up to 25 krpm can be achieved without a significant reduction in
machine efficiency. To achieve higher machine efficiencies ηmach, the frequency dependent
eddy-current copper losses Pl,cu,eddy, iron core losses Pl,fe and mechanical losses Pl,m offer
further improvement potential for the high-speed machines. Employing litz wire, NO10 iron
core material and a stator slot closure, simulated machine efficiencies ηmach >= 93 % are
predicted for the considered machines. The highest value is reached by the 2-phase high-
speed machine with 93.5 %, including the gearbox. Without a gearbox, a machine efficiency
ηmach around 95 % is predicted for this machine. This is especially interesting for a direct
attachment to gas turbines, which generally work at higher rotational speeds than ICE.
The conducted analysis have shown that in terms of dynamic REX operation, the high-

speed machines are more advantageous compared to the low-speed machines, as the efficiency
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is constant over a wide range of generator speeds. This is beneficial, as ICEs normally offer a
higher efficiency for variable speed operation, rather than variable torque. For the low-speed
machine a torque variation at nominal speed is more beneficial.
Furthermore, the control strategy for SRGs was analyzed. Adding a freewheeling period

∆θfw to the SPC parameters, leads to a large area of constant machine and system efficiency,
varying both freewheeling period ∆θfw and turn-off angle θoff at the same time. The wide
range of constant efficiency makes it possible to influence the system behavior, e.g. the
source losses, without a reduction in machine efficiency. For SRG, a freewheeling period
∆θfw should, therefore, always be considered, even at nominal operation point.
Gravimetric total power densities ξP,tot of 1.2 kW/kg are reached for the high-speed ma-

chines, at machine efficiencies comparable to the low-speed machine. This value is 72 %
higher compared to the low-speed machine, achieved by the increase in nominal generator
speed nSRG,nom from 7.5 to 25 krpm. Employing litz wire, NO10 iron core material and a
stator slot closure, the predicted loss reduction in simulation leads to an increased gravi-
metric total power density ξP,tot of up to 1.7 kW/kg in the high-speed machines. This is
an increase of 42 % compared to the built prototypes. In the low-speed machines only an
increase by 14 % is achieved with the mentioned improvements.
The acoustic behavior of SRGs is only of secondary importance in REX, confirmed by the

measurement of the low-speed 2-phase machine coupled to an ICE. However, throughout
the complete investigated operation range the high-speed 2-phase machine shows lower
amplitudes of individual harmonics compared to the 3-phase alternative. Therefore, as long
as 3-phase machines require a number of pole-pairs np = 1 to reach an acceptable efficiency
the 2-phase machine configuration with the same electric base frequency fel is preferred.
Especially, as the higher torque ripple in the 2-phase machines does not result in increased
gearbox induced vibrations. Finally, influencing the acoustic behavior by means of control
mainly influences mechanical vibrations. Therefore, it should only be considered, if the
machine efficiency ηmach is not negatively influenced.
For a holistic view on SRGs for REX, the material costs for the low- and high-speed

machines are analyzed. Based on current market prices, about 35 % of the material costs
can be saved by increasing nSRG,nom from 7.5 to 25 krpm. The improved high-speed machines
with litz wire and NO10 iron core material require a material cost increase around 20 %,
which might be justified by the higher power density. This is not the case for the low-speed
machine with an increase in material cost by over 60 %. Consequently, in terms of costs the
high-speed machines are advantageous.
The required power electronics for SRGs for REX were compared. It was found that

the torque ripple of the 2-phase machines leads to increased oscillating energies between
machine and dc-link capacitor compared to 3-phase machines. This leads to very large
dc-link capacitances Cdc for the 2-phase low-speed machine. The increased electric base
frequency fel in the high-speed HS2ph2p45N machine compensates this effect partially, still,
the 3-phase high-speed machine requires the smallest dc-link capacitor.
Reflecting the complete analysis of the two REX speed scenarios, the most advantageous

SRGs are 2-phase high-speed machines with a number of pole pairs np > 1. Up to a generator
speed of 25 krpm or an electric base frequency of 1.67 kHz, this machine configurations offer a
good machine efficiency, together with an acceptable acoustic behavior. Only if the inverter
sizing is of main interest, the corresponding 3-phase alternative should be considered.
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6.2 Outlook
It has been shown within this thesis that the frequency dependent machine losses are key
to predict hot-spot temperatures of machines with differing electrical base frequencies fel.
Therefore, the accurate prediction of the eddy-current copper losses Pl,cu,eddy along with the
iron core losses Pl,fe and the thermal model should be further enhanced. Possible steps could
be the implementation of a current profile prediction in the pre-design stage to analytically
calculate the iron core losses Pl,fe. In addition, the prediction of the eddy-current losses
Pl,cu,eddy with the help of a constant eddy-loss ratio peddy,woEw(fel) could be analyzed for
machines with strongly differing input power Pm,sh and dc-link voltage udc, to derive a
general prediction model. In terms of thermal modeling, the knowledge that the hot spot
in SRGs is located rather on the air gap-facing coil surface than in the center of the coils
could be incorporate in the employed LPTN.
For power-density sensitive applications, the efficiency improvements, by employing litz

wire, NO10 iron core material and a stator slot closure, predicted in simulation should be
further investigated with the help of measurements on prototypes. Especially, the reduction
of the eddy-current copper losses Pl,cu,eddy by litz wire, should be analyzed and benchmarked
against alternative solutions with cheaper flat wires. The thermal improvement of the stator
slot closure has to be analyzed at dynamic operation, to be able to estimate the reachable
power density, especially, as this measure is rather inexpensive and also reduces the windage
losses Pl,wind in the air gap.
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A Appendix

A.1 Derivation of Slot-to-Pole-Pitch-Ratio
The STPR is a dimensionless quantity describing the stator and rotor outline of the con-
sidered SRG.

STPR = Aslot,st

Aslot,st + Apl,st
= Aslot,st

Apitch,st
(A.1)

Apitch,st stands for the cross section area of one stator pole pitch defined by stator pole
angle τpl,s (fig. A.1). It is the sum of the maximally available coil cross section area in one
stator slot Aslot,st and the area of one stator pole Apl,st, depicted by the blue and red areas
in fig. A.1, respectively. Apitch,st can also be expressed by (A.2) and (A.3).

Apitch,st = Apl,st + Aslot,st (A.2)

Apitch,st = π

Ns
·
(
R2

2 − (R1 + dg)2
)

(A.3)

The pole cross section area Apl,st can be calculated applying an integration in the x-y-
plane of fig. A.1 from xstart = 0 and xend = bpl,s

2 . This results in (A.4) for the cross section
area Apl,st of one pole.

Apl,st = (R1 + dg) · sin(βs/2) ·
√R2

2 −
(
(R1 + dg) · sin(βs/2)

)2

−
√

(R1 + dg)2 ·
(
1− sin2(βs/2)

)
+ arcsin

(
(R1+dg)·sin(βs/2)

R2

)
· R22−(R1+dg)2

(R1+dg)·sin(βs/2)

 (A.4)

With equation (A.2) the slot cross section area can be expressed by (A.5)

Aslot,st = Apitch,st − Apl,st (A.5)

Additionally, the trigonometric identity in (A.6) applies for (A.4).

cos(βs/2) =
√

1− sin2(βs/2) (A.6)

Inserting (A.5) into (A.1), applying (A.6) and substituting Apitch,st and Apl,st with aid of
formulae (A.3) and (A.4) yields (A.7) which allows for determining the slot-to-pole-pitch-
ratio STPR by means of geometric parameters.
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Fig. A.1: Definition of stator pole areas to calculate the STPR.

STPR = 1− Ns·(R1+dg)·sin(βs/2)
π·(R22−(R1+dg)2) ·

√R2
2 −

(
(R1 + dg) · sin(βs/2)

)2

− (R1 + dg) · cos(βs/2) + arcsin
(

(R1+dg)·sin(βs/2)
R2

)
· R22−(R1+dg)2

(R1+dg)·sin(βs/2)

 (A.7)

In a well-designed SRG the air gap length in the aligned rotor position is small compared
to the rotor tip radius dg � R1. Therefore, (A.8) applies.

R1 + dg ≈ R1 (A.8)

Furthermore, R1 and R2 scale linearly with the outer machine diameter R1,2 ∝ Dst (A.9).

R1 = kR1 ·Dst and R2 = kR2 ·Dst (A.9)

Applying (A.8) and (A.9) to (A.7) leads to (A.10) in which the influence of the machine
diameter cancels out.

STPR = 1− Ns·kR1·sin(βs/2)
π·(k2

R2−k2
R1)
·
√k2

R2 −
(
kR1 · sin(βs/2)

)2

− kR1 · cos(βs/2) + arcsin
(
kR1·sin(βs/2)

kR2

)
· k2

R2−k2
R1

kR1·sin(βs/2)

 (A.10)

In this relation, kR1 and kR2 represent normalized quantities defining the machine outline
and Dst is the corresponding scaling factor. For these reasons, the STPR can be regarded
independent of the diameter in a first order approximation. This results in visually resem-
bling machine outlines for the same configuration and STPR.
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A.2 Investigated Switched Reluctance Generator

A.2.1 Built Prototypes
Preliminary machines discussed in chapter 3 are defined by their design quadruple (number
of phases Nph, number of pole pairs np, stator outer diameter Dst, STPR). A left out
parameter indicates a variable value, e.g. a (2,1,120 mm) triple defines all designs with
Nph = 2, np = 1, Dst = 120 mm and variable STPR.
All machines considered in detail in this thesis are named by the convention defined in

table A.1. These machines have a detailed winding design. The built prototypes are listed
with their characteristic parameters in table A.2. Based on the fixed iron cross-section,
the permutations listed in table A.3 were built in simulation, to investigate their influence
on the loss behavior. Additional to the built prototypes in this thesis, the two machines
mentioned in table A.6 were considered in the detailed discussion in chapter 4 and 5. While
the HS3ph3p25N machine is an actual prototype from a different project, the LS2ph2p68N
only exists in simulation.
To compare the initially built prototypes LS2ph3p60N, HS2ph2p45N and HS3ph1p49N

(see table A.2) at equal thermal conditions, two model variations were performed with the
help of MotorCAD. For the first variation (indicated with I1) the obtained losses of the
prototypes LS2ph3p60N, HS2ph2p45N and HS3ph1p49N (listed as reached in table 4.9) are
kept constant and the stack length Lstk is increased to obtain a coil hot spot temperature
of 180 ◦C. For the second variation the reduced losses (listed as improved in table 4.9) are
applied to the MotorCAD model and the stack length Lstk is reduced to obtain again a coil
hot spot temperature of 180 ◦C. The active parts length Lact and total machine length Ltot
are changed in both cases by the same absolute value as the iron core stack length Lstk.
The resulting machine lengths are listed in table A.4. All machines exist only in simulation.
The machine cross sections described in table A.2 are kept constant for all variations and
the influence of the changed stack length Lstk on dynamic phase voltage uph (see (2.9)) and,
consequently, coil design and coenergy loop Wco are neglected.

AA Nph ph np p Nw,pl N B
scenario identifier number number of number of turns variation identifier
HS = high-speed of phases pole pairs per coil defined in table A.3
LS = low-speed

Table A.1: Machine naming convention.

A.2.1.1 Mechanical Machine Variations

Due to mechanical issues, the bearing, sealing and rotor shaft concept of the HS2ph2p45N
machine had to be reconsidered during the course of this thesis. Keeping the electromagnetic
stator and rotor design of the HS2ph2p45N machine (see table A.2), the following mechanical
changes were undertaken for the HS2ph2p45NX machine. The employed contact sealing
between gearbox and generator in the HS2ph2p45N machine is replaced by a contact-less
labyrinth sealing in the HS2ph2p45NX machine. The oil-lubricated grooved ball bearing B3
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(see fig. 2.3b) is replaced by a cylindrical roller bearing and the grease lubricated grooved ball
bearing B4 is replaced by two smaller grease lubricated grooved ball bearings. The changes
result in equal electromagnetic behavior, however, the mechanical losses are changed, as
discussed in section 4.1.3.
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configuration (Nph,np,Dst,STPR) (2,3,220,-) (2,2,140,0.655) (3,1,140,0.67)
prototype naming table A.1 LS2ph3p60N HS2ph2p45N HS3ph1p49N
mech. permutation (-) section A.2.1.1 (-)
Nph 2 2 3
np 3 2 1
STPR (-) 0.655 0.67
Ns 12 8 6
Nr 6 4 4
Dst in mm 220 140 140
Drot in mm 150.7 73.6 66.3
dg in mm 1.0 0.7 0.7
Lstk in mm 60 80 80
Lact in mm 90 112 118
Ltot in mm 140 200 200
βs in ◦ 12 20.3 27
βr in ◦ 12 20.3 33
electric steel material NO30 NO20 NO20
udc in V 300 400 400
Nw,pl 60 45 49
dgsp in mm 4.4 5.1 4.0
dins in mm 0.1 0.1 0.1
dins,w in mm 0.05 0.05 0.05
dw in mm 1.7 1.7 2

coil design

cross-section

MotorCAD

Table A.2: Main parameter of built prototypes. Cross-sections only for illustration and
not to scale. Permutations of the coil design are depicted in table A.3.
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LS2ph3p60N LS2ph3p80N HS3ph1p49N HS3ph1p49N1
Nw,pl 60 80 49 49
dw in mm 1,7 1,5 2 1,85

coil design

HS2ph2p18N HS2ph2p27N HS2ph2p27N1 HS2ph2p33N
Nw,pl 18 27 27 33
dw in mm 2,7 2,2 2,2 2

coil design

HS2ph2p39N HS2ph2p45N HS2ph2p45N1 HS2ph2p45N2
Nw,pl 39 45 45 45
dw in mm 1,8 1,7 1,5 1,9

coil design

HS2ph2p45N3 HS2ph2p45N4 HS2ph2p45N5 HS2ph2p51N
Nw,pl 45 45 45 51
dw in mm 2,1 2,2 1,7 1,7

coil design

HS2ph2p51N1 HS2ph2p57N HS2ph2p90N HS2ph2p90N1
Nw,pl 51 57 90 90
dw in mm 1,6 1,5 1,2 1,2

coil design

Table A.3: Permutations of prototypes in table A.2.
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machine losses Pl,mach Lstk in mm Lact in mm Ltot in mm
LS2ph3p60N reached in table 4.9 60.0 90.0 140.0
LS2ph3p60NI1 reached in table 4.9 69.0 99.0 149.0
LS2ph3p60NI2 improved in table 4.9 54.0 84.0 134.0
HS2ph2p45N reached in table 4.9 80.0 112.0 200.0
HS2ph2p45NI1 reached in table 4.9 81.6 113.6 201.6
HS2ph2p45NI2 improved in table 4.9 50.0 82.0 170.0
HS3ph1p49N reached in table 4.9 80.0 118.0 200.0
HS3ph1p49NI1 reached in table 4.9 83.2 121.2 203.2
HS3ph1p49NI2 improved in table 4.9 46.0 84.0 166.0

Table A.4: Increased axial machine lengths to reach a hot spot coil temperature
ϑcoil,hs = 180 ◦C. Machine cross sections of corresponding prototype listed in

table A.2.

steel aluminum copper wires iron core material total weight
LS2ph3p60N 4.15 kg 9.75 kg 3.55 kg 8.69 kg 26.14 kg
LS2ph3p60NI1 4.77 kg 9.83 kg 3.83 kg 9.99 kg 28.43 kg
LS2ph3p60NI2 3.73 kg 9.70 kg 3.36 kg 7.82 kg 24.61 kg
HS2ph2p45N 1.90 kg 6.67 kg 2.08 kg 5.90 kg 16.63 kg
HS2ph2p45NI1 1.91 kg 6.81 kg 2.10 kg 6.02 kg 16.85 kg
HS2ph2p45NI2 1.59 kg 5.69 kg 1.59 kg 3.69 kg 12.55 kg
HS3ph1p49N 1.90 kg 6.76 kg 2.23 kg 5.78 kg 16.67 kg
HS3ph1p49NI1 1.93 kg 6.87 kg 2.28 kg 6.02 kg 17.10 kg
HS3ph1p49NI2 1.55 kg 5.54 kg 1.67 kg 3.33 kg 12.09 kg

Table A.5: Material weights for cost calculations in section 4.4.1.
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configuration (2,2,220,-) (3,3,270,-)
prototype naming table A.1 LS2ph2p68N HS3ph3p25N
Nph 2 3
np 2 3
Ns 8 18
Nr 4 12
Dst in mm 220 270
Drot in mm 144.7 110
dg in mm 1.0 0.5
Lstk in mm 60 120
Lact in mm 109 -
βs in ◦ 18 10.8
βr in ◦ 18 13.3
electric steel material NO30 NO30
udc in V 300 325
Nw,pl 68 25
dins in mm - 0.3
dins,w in mm - 0.05
dw in mm - 1.6

coil design

cross-section

Table A.6: Main parameters of additional machines considered in this thesis.
Cross-sections only for illustration and not to scale.
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A.3 Simulation Model Parametrization

A.3.1 MotorCAD Base Model Parametrization

Parameter Value
Cooling fluid water flow Qflow 12 l/min
end-shaft temperature ϑsh free
stator-housing interface good

number of axial stator slices 1
Impregnation goodness ζliner 1.75

Impregnation goodness ζwinding

LS2ph3p60N 1.75
HS2ph2p45N 2
HS3ph1p49N 1

Table A.7: MotorCAD model setup.

Machine Part Material Thermal Conductivity W/m·K

Housing Aluminum Alloy 1995 Cast 168
Endcap Aluminum Alloy 1995 Cast 168

Stator Lamination NO20 0.2 strip 27
Rotor Lamination NO20 0.2 strip 27

Stator Inter Lamination Default 2.72E-2
Rotor Inter Lamination Default 2.723E-2

Winding Copper 401
Winding Insulation Default 0.21

Impregnation Epoxy 0.22
Slot Liner Nomex 410 0.14

Shaft HS50 47
Bearing Default 30

Table A.8: MotorCAD material parametrization.

A.4 Measurements

A.4.1 Measurement Equipment and Uncertainty
Electric Power Measurement

The phase currents iph at the phase terminals as well as the inverter input current isrc are
measured with LEM sensors. iph is measured with 400 A (HS2ph2p45N and LS2ph3p60N)
and 200 A (HS3ph1p49N) sensors, while isrc is measured with a 600 A sensor. All current
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sensors have a measurement uncertainty of 0.02 % of the measurement range. To this sen-
sor uncertainty, the internal measurement uncertainty of the Zimmer ZES LMG500 power
measurement device of up to 0.09 % of the measurement range, depending on the signal
frequency, has to be added. In the frequency range of up to 3 kHz, this internal uncertainty
is reduced to 0.045 %. Voltage is measured with the internal sensors of the Zimmer ZES
LMG500 power measurement device. Therefore, only the measurement uncertainty has to
be considered. This uncertainty is equal to the uncertainty of the current measurement.
As SRG currents are not sinusoidal but consist of a large frequency range, the exact

error cannot be determined easily. Considering frequencies up to 3 kHz the total mea-
surement error for the machine output power Pel,SRG adds up to approximately 0.75 % for
the HS3ph1p49N machine and 1 % for the HS2ph2p45N and the LS2ph3p60N machine at
nominal operation point NOPM (see table A.11).

Mechanical Power Measurement

Mechanical power is measured with the help of a FLFM-1 torque transducer of the company
GIF with integrated speed measurement. The measurement range of the torque transducer
is 300 Nm, the required measurement range is defined by the large torque ripple of over
3 for the 2-phase machines (see fig. 4.19). The measurement uncertainty is 0.1 % of the
measurement range or 0.3 Nm. For the high-speed machines HS2ph2p45N and HS3ph1p49N
this signifies a total error of about 1 % and for the LS2ph3p60N machine a total error of
1.2 % due to the reduced Ttot,nom (see table A.11).

Combined Power Measurement Uncertainty

The before mentioned uncertainties add up to a total measurement uncertainty listed in
table A.9.

machine measurement uncertainty at
NOPM (see table A.11)

LS2ph3p60N 2.2 %
HS2ph2p45N 2.0 %
HS3ph1p49N 1.75 %

Table A.9: Overview of the approximate power measurement uncertainty of the
employed equipment.

Temperature Measurement

Temperatures in the machines are measured with Typ-K thermocouple elements. The sen-
sors are read by a IPEtronik M-Thermo 16 device with internal temperature compensation.
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Vibration Measurement

For the vibration measurement, miniature piezo accelerometers of the type KS95B10 and
KS05B100 as well as triaxial accelerometers of the type KS903.10 and KS903.100 of the
company Manfred Weber Metra Meß- und Frequenztechnik in Radebeul e.K. (MMF), are
employed. Due to the aluminum housings of the machines, the sensors were glued with the
help of adapterpads and a ceramic methyl methacrylat glue to the machine surface. The
sensors were attached to the machines in the axial center of the stator at the positions shown
in fig. A.2.
The sensors are attached via sound and vibration input modules NI-9234 to a compact

DAQ-chassis type cDAQ-9188 of the company National Instruments. The acceleration is
sampled with a sample frequency of 51.2 kHz and the acquired data is transfered via local
area network to a LabView interface.
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Fig. A.2: Position of employed piezo-sensors for acoustic measurements. All sensors are

positioned on the housing in the axial center of the stator iron core.
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A.4.2 Electric Test Bench and Control Platform
A complete test bench setup of the HS3ph1p49N machine is depicted in fig. A.3. The test
bench consists of the following components:

1. SRG (HS3ph1p49N)

2. electric prime mover (induction ma-
chine)

3. SRG control platform

4. SRG power electronics

5. dc-link capacitor bank

6. power measuring

7. accelerometer hub

8. temperature hub

9. CAN interface

10. water cooler

Fig. A.3: Electric test bench with components indicated above.

The inverter consists of two Infineon Hybrid PackTM Light as main power electronic
component and a control platform developed at Institute for Power Electronics and Electrical
Drives (ISEA). To control the machines on the test bench, a combination of a digital signal
processor (DSP) and a field programmable gate array (FPGA) is employed. Time critical
position sensing and current control is performed in the FPGA, while the communication
with the control PC and safety functions are implemented in the DSP. More details on the
control structure shown in fig. A.4 can be found in [Got+13].
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Fig. A.4: Overview of the employed SRG control structure taken from [Got+13].

A.4.3 Simulation Parameters and Measurement Results
A.4.3.1 Operation Points for Simulation and Measurement

Operation point scenario Pm,sh nSRG fel Ttot ϑcoil

NOPS
high-speed 20 kW 25 krpm 1667 Hz 7.64 Nm 170 ◦C
low-speed 20 kW 7.5 krpm 750 Hz 25.5 Nm 170 ◦C

PARTS,40
high-speed 8 kW 10 krpm 667 Hz 7.64 Nm 170 ◦C
low-speed 8 kW 3 krpm 300 Hz 25.5 Nm 170 ◦C

Table A.10: Definition of operation point NOPS for pre-simulations for the high- and
low-speed scenario.

Operation point machine Pm,sh nSRG Ttot ϑcoil,hs

NOPM
HS2ph2p45N / HS3ph1p49N 20 kW 24 705 rpm 7.73 Nm table A.12 - A.13

LS2ph3p60N 20 kW 7500 rpm 25.5 Nm table A.14

PARTM,83
HS2ph2p45N / HS3ph1p49N 16.7 kW 20 588 rpm 7.73 Nm table A.12 - A.13

LS2ph3p60N 16.7 kW 6250 rpm 25.5 Nm table A.14

PARTM,67
HS2ph2p45N / HS3ph1p49N 13.3 kW 16 470 rpm 7.73 Nm table A.12 - A.13

LS2ph3p60N 13.3 kW 5000 rpm 25.5 Nm table A.14

PARTM,50
HS2ph2p45N / HS3ph1p49N 10 kW 12 352 rpm 7.73 Nm table A.12 - A.13

LS2ph3p60N 10 kW 3750 rpm 25.5 Nm table A.14

Table A.11: Definition of measured operation points. Parameters applied to simulation
and measurement for comparison.
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Simulation and Measurement Results

OP condition Pm,sh kW ηmach % θon in °el θfw °el θoff °el Iph,rms A ϑcoil,hs °C

PARTM,50

best meas 10.02 90.43 186.0 40 280 69.6 109
set sim 10.09 90.62 182.5 40 280 68.1 170
best sim 9.98 90.76 197.6 40 290 68.4 170

PARTM,67

best meas 13.47 90.87 166.3 30 270 71.5 118
set sim 13.39 90.65 161.1 30 270 71.2 170
best sim 13.31 90.97 177.8 30 280 70.0 170

PARTM,83

best meas 16.78 90.92 152.9 30 270 75.1 139
set sim 16.64 90.62 146.8 30 270 75.0 170
best sim 16.64 90.85 163.9 30 280 74.5 170

NOPM

best meas 20.14 90.55 133.2 20 260 77.6 152
set sim 19.98 89.96 123.6 20 260 81.3 170
best sim 19.98 90.50 159.8 20 280 79.2 170

Table A.12: Switching parameters, measurement and simulation results of HS2ph2p45N
machine.

OP condition Pm,sh kW ηmach % θon in °el θfw °el θoff °el Iph,rms A ϑcoil,hs °C

PARTM,50

best meas 10.03 90.71 139.9 50 260 41.9 112
set sim 10.01 91.30 137.1 50 260 37.4 170
best sim 10.01 91.51 152.4 50 270 37.6 170

PARTM,83

best meas 13.38 91.05 137.1 50 270 44.3 128
set sim 13.44 91.72 134.0 50 270 39.8 170
best sim 13.32 91.64 152.4 40 270 39.6 170

PARTM,83

best meas 16.80 90.53 103.7 20 240 44.0 146
set sim 16.74 91.22 94.5 20 240 40.8 170
best sim 16.65 91.47 120.0 30 260 41.0 170

NOPM

best meas 20.12 90.50 87.5 20 240 45.4 154
set sim 19.93 90.93 76.2 20 240 43.7 170
best sim 19.98 91.22 112.0 20 260 44.0 170

Table A.13: Switching parameters, measurement and simulation results of HS3ph1p49N
machine.
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OP condition Pm,sh kW ηmach % θon in °el θfw °el θoff °el Iph,rms A ϑcoil,hs °C

PARTM,50

best meas 10.02 90.13 194.4 40 280 113.4 115
best sim 9.99 90.48 196.3 40 280 109.4 170

PARTM,83
best meas 13.17 90.88 186.3 20 270 114.0 110
best sim 13.31 91.77 188.2 20 270 110.5 170

PARTM,83
best meas 16.51 91.36 174.7 20 270 116.7 130
best sim 16.63 92.36 176.5 20 270 114.3 170

NOPM
best meas 20.08 91.47 161.7 20 270 122.7 140
best sim 19.96 92.40 165.6 20 270 119.8 170

Table A.14: Switching parameters, measurement and simulation results of LS2ph3p60N
machine.

Machine material Pl,mach Pl,cu,ac Pl,cu,eddy Pl,cu,dc Pl,fe SP SY RP RY Pl,m

1 NO10 1395 975 169 806 180 35 79 24 42 240
1 NO20 1448 975 169 806 233 52 99 30 52 240
1 NO30 1517 975 169 806 302 71 126 39 66 240
2 NO10 1731 677 234 443 210 60 102 18 30 844
2 NO20 1898 677 234 443 377 112 183 31 51 844
2 NO30 2041 677 234 443 520 156 250 43 71 844
3 NO10 1576 575 236 339 229 51 118 17 43 772
3 NO20 1755 575 236 339 408 86 213 27 82 772
3 NO30 1933 575 236 339 586 121 306 38 121 772

Table A.15: Simulated losses for different iron core materials at operation point NOPS
(see table A.10).

1 = LS2ph3p60N, 2 = HS2ph2p45N, 3 = HS3ph1p49N, SP = stator pole,
SY = stator yoke, RP = rotor pole, RP = rotor yokes
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A.4.3.2 Simulation and Measurement 16.7 kW
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Fig. A.5: Simulated drive losses over switching parameters at operation point PARTM,83

(see table A.11). Turn on angle θon selected to obtain constant torque Ttot,nom.
Red circles mark loss minimum.
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Fig. A.6: Comparison of simulated and measured efficiencies at operation point

PARTM,83 (see table A.11). Blue circles mark efficiency maximum.
LS2ph3p60N measurements only performed in best point (see fig. A.7).
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Fig. A.7: Comparison of simulated (S) and measured (M) machine losses Pl,mach for the
built prototypes (see table A.2). operation point: PARTM,83 (see table A.11)
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A.4.3.3 Simulation and Measurement 13.3 kW
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Fig. A.8: Simulated drive losses over switching parameters at operation point PARTM,67

(see table A.11). Turn on angle θon selected to obtain constant torque Ttot,nom.
Red circles mark loss minimum.
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Fig. A.9: Comparison of simulated and measured efficiencies at operation point

PARTM,67 (see table A.11). Blue circles mark efficiency maximum.
LS2ph3p60N measurements only performed in best point (see fig. A.10).

LS2ph3p60N
HS2ph2p45N

HS3ph1p49N
0

250

500

750

1,000

1,250
S

M

685

96
224
90

12
01

S M

347

128

282

445

12
29

S
M

275

131

286

422

11
97

P
l,m

ac
h

in
W

(a) absolute losses

LS2ph3p60N
HS2ph2p45N

HS3ph1p49N
0

2

4

6

8

10

12

S
M

5.1

0.7
1.7
0.7

9.1

S M

2.6

1

2.1

3.3

9.1

S M

2.1

1

2.1

3.2

8.9

P
l,

m
ac

h /P
m

,s
h

in
%

Pl,cu,dc
Pl,cu,eddy
Pl,fe
Pl,m
Pl,mach

(b) losses relative to Pm,sh

Fig. A.10: Comparison of simulated (S) and measured (M) machine losses Pl,mach for
built prototypes (see table A.2). operation point: PARTM,67 (see table A.11)
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Fig. A.11: Simulated drive losses over switching parameters at operation point

PARTM,50 (see table A.11). Turn on angle θon selected to obtain constant
torque Ttot,nom. Red circles mark loss minimum.
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Fig. A.12: Comparison of simulated and measured efficiencies at operation point

PARTM,50 (see table A.11). Blue circles mark efficiency maximum.
LS2ph3p60N measurements only performed in best point (see fig. A.13).
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Fig. A.13: Comparison of simulated (S) and measured (M) machine losses Pl,mach for the
built prototypes (see table A.2). operation point: PARTM,50 (see table A.11)
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A.4.3.5 Stationary Acoustic Comparison at Partial Load
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Fig. A.14: Measured average radial surface velocity vsurf on Main surface at operation
point PARTM,83 (see table A.11). Sensor positions specified in section A.4.1.
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Fig. A.15: Measured average radial surface velocity vsurf on Main surface at operation
point PARTM,67 (see table A.11). Sensor positions specified in section A.4.1.
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Fig. A.16: Measured average radial surface velocity vsurf on Main surface at operation
point PARTM,50 (see table A.11). Sensor positions specified in section A.4.1.
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Acronyms

2-D 2-dimensional
3-D 3-dimensional

AHB asymmetric-half bridge
ANSYS ANSYS®, (ANalysis SYStem). Finite element software employed for struc-

tural analysis in version 14

CAD computer aided design
CCM continuos conduction mode
CFD computational fluid dynamics

DSP digital signal processor

EMF electromotive force

FEA finite element analysis
FLUX2D FLUX®, finite element software tool by Cedrat. Employed in version 11.2
FPGA field programmable gate array

HCC hysteresis current control
HEV hybrid electric vehicle

ICE internal combustion engine
IGBT insulated-gate bipolar transistor
iGSE improved generalized Steinmetz equation
ISEA Institute for Power Electronics and Electrical Drives

LPTN lumped parameter thermal network
LUT lookup table

MMF magneto motive force
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Acronyms

MotorCAD MotorCAD®, commercially available LPTN software to model the thermal
behavior of electric machines. Employed in Version 9.3.5.1

NFLM normalized flux linkage method
NVH noise vibration harshness

PC personal computer
PC-SRD PC-SRD®, analytical design tool for switched reluctance drive by the SPEED-

Consortium employed in version 8.5
PMSM permanent magnet synchronous machine
PWM pulse-width modulation

REX range extender
RMS root mean square

SE Steinmetz equation
SPC single pulse control
SRG switched reluctance generator
SSBPD solution space based pre-design

THD total harmonic distortion

ZVL zero-voltage-loop
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Symbols

αcu,20 temperature coefficient of copper for a base temperature of 20 ◦C
αeddy frequency coefficient of peddy

αeddy,woEw frequency coefficient of peddy,woEw

αst,j heat transfer coefficient between stator and cooling jacket
βr rotor tooth width angle
βs stator tooth width angle
ζliner impregnation goodness of liner
ζwinding impregnation goodness of windings
ηdrive efficiency of the electric drive Pel,drive/Pm,sh

ηgear efficiency of the gearbox (Pm,sh−Pl,gear)/Pm,sh

ηICE efficiency of the ICE
ηinv efficiency of the inverter Pel,drive/Pel,SRG

ηmach efficiency of the SRG Pel,SRG/Pm,sh

ηtot efficiency of the complete system Pel,src/Pm,sh

θdecay decay angle:θel at which phase current iph reaches 0 A
θel electrical angle
θfw freewheling angle:θel at which zero voltage is applied to generator phase
∆θfw angle period for which zero voltage is applied to aSRG phase
θm mechanical angle
∆θmag angle period for which positive voltage is applied to a SRG phase
θoff turn-off angle:θel at which negative dc-link voltage is applied to generator

phase
θon turn-on angle: θel at which positive positive voltage is applied to generator

phase
ϑamb ambient temperature at the test bench
ϑcoil average coil temperature
ϑcoil,hs coil hot spot temperature
ϑcoil,max maximum allowed average coil temperature

ϑ̂i measured temperatures in prototypes
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Symbols

ϑi simulated temperatures in MotorCAD matched to a certain ϑ̂i

ϑinlet temperature of the cooling fluid at water-jacket inlet
ϑjacket average stator cooling jacket temperature
∆ϑjacket,coil temperature rise from water jacket to coil
ϑrt,bi rotor back iron temperature
ϑrt,hs rotor hot spot temperature
ϑsh temperature of the SRG shaft at rear end, cooled by gear box
ϑsh,act temperature of the SRG shaft in axial center
ϑst,bi stator back iron temperature
ϑst,hs stator hot spot temperature
λcoil thermal conductivity of copper resin compound in the coil
λins thermal conductivity of insulation slot liner
λresin thermal conductivity of insulating resin
λst thermal conductivity of stack lamination
ξP,act input power Pm,sh to active parts weight mact ratio
ξP,tot input power Pm,sh to machine weight mSRG ratio; gravimetric power den-

sity
ξT,act total torque Ttot to active parts weight mact ratio
ξT,tot total torque Ttot to machine weightmSRG ratio; gravimetric torque density
ρfl air gap fluid density
%sp,cu specific copper resistivity
τpl,s stator pole segment angle
φP,act input power Pm,sh to active parts volume Vact ratio
φP,tot input power Pm,sh to machine volume VSRG ratio; volumetric power den-

sity
φT,act total torque Ttot to active parts volume Vact ratio
φT,act,pl pole torque Tpl to active parts volume Vact ratio
φT,tot total torque Ttot to machine volume VSRG ratio; volumetric torque density
ωSRG angular frequency of SRG shaft
ω̇SRG derivative angular frequency of SRG shaft
Θpl magnetomotive force in one pole
Θpl,pk peak magnetomotive force during one electric period in one pole
Φpl pole flux
Ψph phase flux linkage
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Symbols

Ψph,pk peak value of the phase flux linkage
Ψpl pole flux linkage
bpl,r rotor pole width
bpl,s stator pole width
cAl specific cost of aluminum
cCu specific cost of Typ-H isolated copper wire
clitz specific cost of litz wire
cNO10 specific cost for NO10 electrical steel
cNO20 specific cost for NO20 electrical steel
cNO30 specific cost for NO30 electrical steel
csteel specific cost of steel
dcsp minimal distance between two adjacent coils in one slot
dderate deviation from the maximum of the Tpl/Θplpk for design comparison
dg air gap length between rotor and stator pole tips
dgsp minimal radial distance between coil and stator pole tip
dg,step additional air gap length for asymmetric step
dins insulation slot liner thickness
dins,w thickness of copper wire insulation
dsh,fe iron steel sheet thickness
dt relation between exploitable and maximal available torque at a certain

Θpl,pk

dw diameter of one copper wire
e back EMF
fcu ratio between Acu and Aw

feig eigenfrequency
fel electrical base frequency
fm mechanical base frequency of SRG shaft
fM0 mode0 eigenfrequency
fM2 mode2 eigenfrequency
fM4 mode4 eigenfrequency
fM6 mode6 eigenfrequency
fslot ratio between Aw and Aslot,st

ftrans excitation frequency of the transmission
hpl,r rotor pole height
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Symbols

hpl,s stator pole height
idev instantaneous current through one power electronic component
iph current in one phase
isrc instantaneous current towards the electric power source (e.g. battery)
isrg sum of all phase currents
isw switching current
karc,s stator tooth width adjustment factor
kcu correction factor for frequency dependent copper losses
kd duty cycle; relation between phase peak Iph,pk and rms current Iph,pk

kd,cor duty-cycle correction factor to account for deviation from idealized rect-
angular current shapes

kR,dc correction factor between real Rdc,ph and estimated Rdc,ph,est

ktrq torque output parameter
mact mass of machine iron and copper
mgear mass of gearbox
mSRG mass of complete machine including gearbox
nICE rotational speed of internal combustion engine
nm order of a certain structural mode shape
np number of pole pairs
nsh shaft rotational speed
nSRG rotational generator speed
nSRG,nom nominal rotational generator speed
pBertotti specific iron losses calculated by Bertotti formula
peddy ratio between Pl,cu,eddy and Pl,cu,dc

peddy,0 peddy at 0 Hz
peddy,woEw ratio between Pl,cu,eddy and Pl,cu,dc,woEw

peddy,woEw,0 peddy,woEw at 0 Hz
pfe specific core loss of a certain iron core material
pFLUX specific iron loss formula implemented in FLUX2D
pIEM5 specific iron losses calculated by IEM5 formula
pp percent points
pSE specific iron losses calculated by SE
udc dc-link capacitor voltage at power electronic switch terminals
∆udc dynamic deviation from udc
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Symbols

udev instantaneous voltage across one power electronic component
uph voltage at machine terminals
usrc power source voltage
vsurf average surface velocity
wy,r rotor yoke thickness
wy,s stator yoke thickness
Acu effective copper cross section of one stator pole
Apitch,st cross section area of one stator pole pitch
Apl,st cross section of one stator pole
Aslot,st maximally available coil cross section area in one stator slot
Aw cross section are of one stator pole which can be filled by copper
Bm maximum flux density
Bpt magnetic flux density in a specific iron core section
Bpk peak flux density in the iron core
Bs saturation flux density
Cd skin friction coefficient
Cdc dc-link capacitor to filter source current
Drot rotor tip surface diameter
Dst stator outer diameter
Eoff,dev current dependent power electronic device turn-off energy
Eon,dev current dependent power electronic device turn-on energy
Fpl,rad pole radial force
Iph,pk maximum phase current
Iph,rms phase RMS current
Jeff effectively applied current density during operation
Jrot rotor inertia
Jth,max thermally permitted maximal current density
Ksal saliency factor
Lcab cable inductance between source and inverter
Ltot total machine length including the housing
Lph inductance of one machine phase
Lpl,1 inductance of one pole with number of turns per pole Nw,pl = 1
Lstk iron core stack length
Lact active parts length including the end-winding overhangs
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Symbols

Ndev total number of power electronic devices in the inverter
Nph number of electrical machine phases
Npt number of iron core sections to calculate iron core losses Pl,fe

Nr number of rotor poles
Ns number of stator poles
Nteeth,pinion number of teeth on pinion in transmission
Nw,pl number of windings on one pole
Pel,drive electric output power at power electronic inverter
Pel,src power stored in electric source: Pm,sh- Pl,tot

Pel,SRG electric output power of SRG
Pl,bear mechanical bearing losses in the generator
P ′l,coil,hpl Pl,cu,ac of half a stator pole related to Lstk

Pl,cond conduction losses in power electronics inverter
Pl,cu,ac sum of frequency dependent and independent copper losses in stator coils
Pl,cu,dc frequency independent dc-copper losses in stator coils
Pl,cu,dc,Ew frequency independent dc-copper losses in the end-windings
P ′l,cu,dc,hpl Pl,cu,dc of half a stator pole related to Lstk

Pl,cu,dc,woEw frequency independent dc-copper losses in the stator coils without end-
windings

P ′l,cu,dc,woEw,hpl Pl,cu,dc,woEw of half a stator pole related to Lstk

Pl,cu,eddy frequency dependent copper losses in stator coils
Pl,drive sum of losses Pl,inv and Pl,mach

Pl,fe core iron losses
Pl,gear mechanical gearbox losses (including bearing)
Pl,inv sum of switching and conduction losses in power electronics inverter
Pl,m mechanical losses
Pl,mach machine losses, sum of Pl,cu,ac and Pl,fe and Pl,m

Pl,src ohmic power source losses
Pl,sw switching losses in power electronics inverter
Pl,tot sum of all losses Pl,src, Pl,inv and Pl,mach

Pl,wind windage losses in the air gap
Pm,sh mechanical input power at shaft
Qflow volumetric flow rate of coolant
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Symbols

R1 rotor tip surface radius Drot/2

R2 stator pole ground radius = R3- wy,s

R3 stator outer radius Dst/2

Rac,pl,1 ac copper resistance of one pole with number of turns per pole Nw,pl = 1
Rac,ph ac copper resistance of one machine phase
Rcab cable resistance between source and inverter
Rdc,ph dc copper resistance of one machine phase
Rdc,ph,est estimated dc copper resistance of one machine phase
Rdc,ph,Ew dc copper resistance of the end-windings of one phase
Rdc,ph,woEw dc copper resistance of one phase without end-windings
Reddy,ph estimated eddy-current copper resistance of one machine phase
Ri,src source internal resistance
RMSE root mean square error
Rsh shaft radius
R′th,c stack length Lstk related thermal coil resistance

R′th,j stack length Lstk related thermal stator to frame contact resistance

R′th,st stack length Lstk related thermal stator resistance

R′th,st,hpl stack length Lstk related thermal resistance of a half stator pole

R′th,y stack length Lstk related thermal stator yoke resistance
R0 rotor pole ground radius
Sel,inv inverter apparent power
STPR slot-to-pole-pitch-ratio, This ratio was initially introduced as CTSR in

[BBD12] and renamed to rNG in [Bra13].
Tbear drag torque caused by bearings
Tel duration of one electric period 1/fel

Tgear drag torque caused by gearbox
Tm drag torque caused by mechanical losses Pl,m

Tpl torque produced by one stator pole
Ttot average total machine output torque
Ttot,nom nominal total machine output torque
Ttot,pk dynamic peak total machine output torque
Usrc,nom nominal power source voltage in no-load condition
Vact volume of machine iron and copper
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Symbols

Vfe volume of machine iron core
Vgear volume of gearbox
Vpt volume of a specific machine section to calculate iron core losses Pl,fe

VSRG volume of complete machine including gearbox
Wco coenergy loop
Wco,max maximal available magnetic co-energy loop
Wmag stored field energy
Tpl/Θpl pole torque Tpl to pole MMF Θpl ratio
Tpl/Θplpk peak value of pole torque Tpl to pole MMF Θpl ratio
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Range Extender with a combustion engine and a generator of-
fer a high energy density to electrify vehicles. To be competitive,
Range Extender need to be cost effective, compact and very
reliable, thus the switched reluctance generator is one potential
solution. To assess the switched reluctance generator technol-
ogy, two speed scenarios are considered and analyzed in this
work. A new design approach is introduced to compare a vast
number of potential machine configurations in a very short time.
The machine performance is then analyzed with the help of sim-
ulation results and prototype measurements. From the analysis,
a recommendation on the most suitable machine configuration
is derived. Finally, the influence of the control parameter and
power variation on the machine efficiency and the acoustic be-
havior is analyzed. The work offers guidance in the choice of an
appropriate switched reluctance generator configuration as well
as its operational speed for Range Extender applications.
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