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Zusammenfassung

Der komplexe Spannungszustand in einsatzgeharteten Zahnradern wird durch eine Vielfalt
von Parametern beeinflusst, darunter die Makro- und Mikrogeometrie der Zahnnflanke,
die tribologischen Eigenschaften und Schmierbedingungen, der verwendete Werkstoff und
die warmebehandlungsbedingten Héarte- und Eigenspannungsgradiente. Dementsprechend
konnen verschiedene Versagensarten mit verschiedenen zugrunde liegenden Mechanismen
im Betrieb auftreten. Der Zahnflankenbruch (TFF) ist ein Ermtudungsversagen, das durch
einen Primarriss im Bereich der aktiven Kontaktfliche gekennzeichnet ist, der unterhalb
der Oberflache entsteht und hauptsachlich bei einsatzgeharteten Zahnradern beobachtet
wird. Wahrend die Warmebehandlung der aktiven Flanke positive Druckeigenspannungen
und eine erh6hte Oberflachenhérte verleiht, kénnen Zugeigenspannungen, die sich zwischen
der Randschicht und dem Kernbereich bilden, das Risiko eines TFF erheblich erhéhen.
Es liegen bereits zahlreiche Methoden vor, welche das Risiko eines Zahnflankenbruchs bei
einsatzgeharteten Stirnrddern beurteilen. Da diese Methoden in der Regel starke Vereinfa-
chungen bei der Bewertung von Eigenspannungen zu Grunde legen, ist die Genauigkeit oder
der Anwendungsbereich dieser jedoch begrenzt. Faktoren wie Einsatzhartungstiefe, Kohlen-
stofftiefenprofil, Werkstoffqualitidt und Zahnradgrofie sowie deren Wechselwirkungen wer-
den nur teilweise beriicksichtigt. Mit besonderem Fokus auf die Vorhersage und Bewertung
von Eigenspannungen, die durch die aufkohlende Warmebehandlung hervorgerufen werden,
wird in dieser Arbeit eine neuartige Methode zur Bewertung des Risikos eines Zahnflan-
kenbruchs bei Stirnrddern vorgestellt. Auf der Grundlage umfangreicher dilatometrischer
Untersuchungen an 18CrNiMo7-6-Stahlproben wird ein gekoppeltes Finite-Elemente Modell
erstellt. Das numerische Modell integriert die wesentlichen Mechanismen, welche fiir die
Entwicklung von Dehnungen und Spannungen wiahrend der Warmebehandlung verantwort-
lich sind, in eine thermisch-mechanisch-metallurgische Berechnung. Durch eine umfassende
simulative Parameterstudie an zylindrischen Proben werden Aspekte der Eigenspannungs-
entstehung in einsatzgehérteten Bauteilen untersucht und die wichtigsten Einflussfaktoren
und Korrelationen identifiziert. Die Anwendbarkeit des Simulationsmodells wird anhand
verfiigharer Eigenspannungsmessungen fiir ein breites Spektrum von Zahnradgréfien und
Warmebehandlungsparametern validiert. Schlieflich werden verschiedene Methoden und
Annahmen untersucht und in den verfiigbaren numerischen Berechnungsverfahren aufge-
nommen, um die Risiken von TFF in einsatzgeharteten Stirnrddern vorherzusagen. Es
konnte gezeigt werden, dass die Berechnung der Eigenspannungs- und Harteprofile durch
die entwickelte Simulationsmethode ein erhebliches Potenzial zur Verbesserung der Genau-
igkeit der TFF-Bewertung bietet, wodurch weitere Verbesserungen der Zuverlassigkeit und

Leistungsdichte von Getrieben ermoglicht werden konnen.






Abstract

The complex stress states in carburized gear teeth depend on a wide range of factors,
including gear design, operating circumstances, lubricant and tribological characteristics,
gear material and hardness or case depth resulted from the heat treatment procedure. As
a result, several failure types with various underlying mechanisms can arise. Tooth flank
fracture (TFF) is a fatigue failure characterized by a primary crack in the region of the
active contact area, which is initiated below the surface and most often observed on carbur-
ized gears. While the carburizing heat treatment provides the active flank with favorable
compressive residual stresses and increased surface hardness, tensile residual stresses that
may form between the case and core area can significantly raise the chances of TFF. There
are a number of methods available to address the risks of tooth flank fracture in carburized
spur gears. However, primarily because of oversimplifications in the assessment of residual
stresses, the accuracy or applicability range of these methods is typically limited. Factors
such as carburized depth, carbon depth profile, material quality and gear size, along with
their interactions, are only partially accounted for. With a particular focus on the estima-
tion and assessment of residual stresses brought on by the carburizing heat treatment, a
novel method for evaluating the risks of tooth flank fracture in spur gears is presented in this
work. A coupled finite-element (FE) model is built using extensive dilatometric investiga-
tions on 18CrNiMo7-6 steel samples. The model integrates key mechanisms responsible for
strain and stress development during heat treatment in a thermal-mechanical-metallurgical
calculation. Through a comprehensive numerical parameter study on cylindrical samples,
fundamental aspects of residual stress evaluation in carburized components are explored,
identifying main influencing factors and correlations. The simulation model’s applicabil-
ity is validated across a wide range of gear sizes and heat treatment procedures using
available residual stress measurements. Finally, different methods and sets of assumptions
are investigated and included in the simulation framework to predict the risks of TFF in
carburized gears. Among these methods, incorporating residual stresses and hardness cal-
culations through FE simulation shows significant potential for enhancing the accuracy of
TFF assessment, thereby enabling further improvements in gearbox reliability and power

density.
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Chapter 1
Introduction

The development of wind turbines in terms of global quantity and power density is critical
to achieving net-zero scenarios for the reduction of carbon greenhouse gas emissions in
the energy sector. According to the International Energy Agency, in order to meet the
climate targets by 2050, a total installed power of around 2.75TW would be required by
2030 [1]. Conventional high-speed or medium-speed gearboxes accounted for about 70 %
of the market share in 2022 among the drivetrain technologies used in wind turbines to
convert mechanical energy into electrical power, followed by direct drive systems that don’t
require gearboxes [2]. In the majority of wind turbines, gearboxes are among the most
expensive components. Additionally, since gearbox failures result in noticeably long turbine
downtime, gearbox design is crucial to the continuous deployment and economic viability of
wind turbines. Favorable compressive residual stresses and hardness gradients, optimized
tooth flank geometry, surface condition and lubrication as well as increased material quality
enable to delay or prevent the onset of failure initiation at the loaded surface of carburized
gears in gearboxes. Under these conditions, the stress and material state of the layers
located beneath the surface gain importance and may lead to tooth flank fracture (TFF).
Residual stresses from the carburizing heat treatment play a critical role in this fatigue
failure as tensile stresses that may form between the case and core area can significantly
raise the chances of TFF. While there are a number of methods available to address the
risks of TFF in carburized spur gears, the accuracy or applicability of these methods is
typically limited due to the oversimplification of residual stress assessment. Factors such
as carburized depth, carbon depth profile, material quality and gear size, along with their
interactions, are only partially accounted for. Residual stresses pose a challenge both in

terms of determination and integration into design concepts.

With a particular focus on the estimation and assessment of residual stresses brought
on by carburizing heat treatment, a novel method for evaluating the risks of tooth flank
fracture in spur gears is presented in this work. A coupled FE model is built using extensive
dilatometric investigations on 18CrNiMo7-6 steel samples. The model integrates key mech-
anisms responsible for strain and stress development during carburizing heat treatment in
a thermal-mechanical-metallurgical calculation. Through a comprehensive numerical pa-
rameter study on cylindrical samples, fundamental aspects of residual stress evolution in
carburized components are explored, identifying main influencing factors and correlations.

The simulation model’s applicability is validated across a wide range of gear sizes and heat
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treatment procedures using available residual stress measurements. Finally, different meth-
ods and sets of assumptions are investigated and included in the simulation framework to
predict the risks of TFF in carburized gears. The impact of integrated simulation mod-
els for residual stress prediction in evaluation methods for TFF is assessed. Incorporating
residual stresses and hardness calculations through FE simulation shows significant poten-
tial for enhancing the accuracy of TFF assessment, thereby enabling the overall ambition

of further performance and reliability improvements in gears.



Chapter 2

Theory and state of the art

2.1. Fatigue properties of carburized steels and

influencing factors

ISO/TS 6336-4 defines tooth flank fracture (TFF) as a fatigue failure characterized by
a primary crack in the region of the active contact area, which is initiated below the
surface and most often observed on carburized gears [3]. Fatigue failure design is crucial in
mechanical engineering. Failure through fatigue can happen at levels that seem harmless
under low cycle numbers, even without macroscopic plastic deformation. Due to the wide
range of influencing factors and the significant statistical variability of fatigue failure in
steel components, prediction and safe design are difficult and time-consuming tasks. The
fatigue properties of carburised steels have been the subject of many investigations and
a considerable amount of research has been carried out — studies which are obviously too
numerous to be discussed here. To estimate and evaluate the risks of TFF in carburized

gears, it is however necessary to first comprehend some of the key findings on this topic.

This work considers the fatigue problem from the point of view of classical high cycle
fatigue (HCF), which assumes for steels to reach a strength limit with constant stress
amplitude at cycle numbers between 2 - 10° and 1 -107. Recent studies, which consider
investigations in the very high cycle fatigue range (VHCF') and describe a further decrease
in fatigue strength with increasing number of cycles, are not considered here. It is quite
conceivable that this assumption severely limits the practical applicability of the results of
this work, as it is a very non-conservative approach, especially for components with a high
number of load cycles, such as in electromobility. However, the VHCF fatigue properties
of case-hardened steels are still the subject of on-going research [4], the modeling of which
requires further experimental investigation and is beyond the scope of this thesis.

In general, the fatigue failure of steel components can be described as the succession of
three steps: crack initiation, crack propagation and failure.

Crack initiation is caused by the accumulation of dislocation motion and plastic de-
formation at persistent slip bands in the material. Microstructures like grain boundaries,
non-metallic inclusions or surface roughness can increase the stress concentration and cause
local plastic deformation even when the loads are far below the material’s macroscopic yield

stress.
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Cracks with a length of about the grain size to about 1 mm are typically referred to
be physically short cracks. There is debate on the precise definition and the threshold
value of 1 mm, which can differ substantially depending on the steel under consideration.
Nevertheless, growth of physically short cracks is reported to be the most decisive factor
for the fatigue limit of steel components [5, 6]. While the crack initiation substantially
influences the fatigue strength in the finite life domain, many authors only attribute a very
moderate impact on the cracking behavior at the HCF limit [5, 6]. Several experimental
studies show that the crack initiation phase in HCF typically accounts for less than 10 % of
a component’s lifetime until a crack length of about 1 mm is reached, with the remaining
90 % corresponding to the propagation of short cracks [7]. During the initiation stage,
a significant number of cracks can form, each characterized by a strong interaction with
the local microstructure and some discontinuities in the crack growth rate. Only a small
percentage of cracks, however, usually overcomes the microstructural barriers and reaches
the stage of so-called mechanically /physically short cracks, where the influence of the local
microstructure is averaged out along the crack front [6, 8]. As present non-destructive
testing methods can only reliably discover defect sizes larger than about 0.5mm, short
crack behavior is basically of little importance in terms of practical safety considerations
based on detected cracks. On the other hand, it is critical to estimate the service life of
components under cyclic stress.

Cracks tend to propagate along a slip plane until they reach obstacles such as grain
boundaries. During the first phase, the crack propagation in ductile materials is controlled
by shear stresses. Stage II cracks then grow in a direction normal to the the first principal
stress [7, 9]. Depending on the stress level, however, small cracks with a length of about the
size of a grain or smaller can exhibit a non-propagating behavior and thus not participate
to the fatigue failure of components [5].

Regardless of why small cracks can stop to propagate — because of plasticity-induced
crack closure or of some other interactions with microstructural features —, the existence
of a fatigue limit for steel samples in the HCF regime appears to be based on a threshold
stress value for small cracks to propagate or not [5]. In the presence of sharp notches or
residual stresses, however, crack arrest can occur not only due to microscopic barriers such
as grain boundaries, but also due to steep gradients in the local stress field, resulting in a
decrease in the driving force for further crack propagation [9]. Crack arrest is dependent on
both stress level and size of the cracks and defects and can be represented by the horizontal
limit curve in the Kitagawa-Takahashi diagram [6, 10].

When short cracks approach microstructural barriers like grain boundaries or inclusions,
further growth can be suppressed. On the other hand, long cracks accelerate proportion-
ally to their length with no noticeable effect of the obstacles [8]. Macro-cracks subjected to
stresses above the threshold stress can propagate with each load cycle until the remaining

cross-section can no longer withstand the load and the component breaks [7]. Intergranu-
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lar cracking at the prior-austenite grain boundaries is typical in carburized and quenched
sample fatigue failure. This implies that the grain boundary strength is lower than the
grain strength, yet this cracking tendency can be reduced with a proper tempering treat-
ment [11, 12]. Aside from integranular cracking, various experimental fatigue studies on
carburized steel samples report transgranular fatigue propagation mechanisms. These fail-
ures, which indicate enhanced grain boundary strength, are typically linked with bending
fatigue endurance limits larger than 1400 MPa, good surface quality, and compressive su-
perficial residual stresses [13]. Crack initiation can occur at non-metallic inclusions, at
hardening defects such as non-martensitic transformation products, at disproportionately
large grains, or even in a rather homogeneous martensite matrix [9, 13, 14, 15, 5, 4].

The fatigue properties of steels behave stochastically. Fatigue tests always exhibit a
statistical scatter, which may be due to variations in the chemical composition, in the
surface and residual stress states or in the position and size of the material defects between
otherwise identical specimens [8].

There has been an extensive amount of research done on the subject of fatigue properties
of carburized parts and the literature mentions a wide range of influencing factors. Instead
of providing a detailed explanation of all the mechanisms involved, this section focuses on a
few key elements that are considered to be especially significant when it comes to tooth flank
fracture in carburized gears. Even though this chapter is structured with distinct influencing
parameters, it is important to recall that there are numerous coupling interactions between
them.

2.1.a. Static strength

While the strength of steels under static loading correlates with the fatigue properties,
prediction models for the fatigue of steel components based on the results of tensile or
hardness tests typically only have very limited reliability or validity domain.

Although the crack initiation is related to the plastic deformation within grains, fatigue
limit prediction based on the yield stress of the material usually delivers unsatisfactory
results. Higher correlations can be reached using the ultimate tensile strength R,, or the
hardness Hy. The latter has the advantage of enabling local and quasi non-destructive
measurements [5, 16, 17]. Applications of previously derived empirical equations include
fo1 =04 - R, [18,19], f1 = 0385 - R,,+30[20] and f-; = (1.6 £ 0.1) - Hy [5,
21], where f_; is the alternate fatigue strength limit under axial load. Since the hardness
of steels is usually linearly related to the tensile strength, the two types of equations are
practically equivalent [8].

For hardness levels below 400 Hy, the roughly linear correlation between hardness and
fatigue strength is confirmed for a wide range of alloys and microstructures [8, 5]. Likewise,

Velten finds that the ultimate tensile strength can predict the rotational bending fatigue
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strength with a linear relationship for steel samples made of 20MoCrS4 and 30CrNiMoS8
that have undergone a hardening, carburizing, or nitriding process. The proportionality co-
efficient is equal to 1.27 and the intercept depends on the material and heat treatment, while
this linear equation is only valid up to a maximum hardness value of 500 Hy. Winderlich
compiles a series of empirical correlations between hardness and rotating bending strength
of steels and finds that these differ only insignificantly for hardness values below approxi-
mately 400 Hy [22]. Above 400 Hy, other studies however report that it is no longer possible
to predict the fatigue properties of steels solely based on hardness, as other factors come
to dominate mechanical strength. The hardness vs fatigue strength diagram deviates from
its linear trend and has a significant statistical scatter [21, 22]. Consequently, some studies
document a flattening of the fatigue strength with increased hardness, some extend the
increase further, and other investigations report a reduction of the fatigue properties, as in
figure 2.1 left.

This material behavior is attributed to microstructural flaws. Hard steels are particu-
larly susceptible to the effects of internal notches such as non-metallic inclusions. In [5],
Murakami analyzed the circumstances for the non-propagation of small cracks, which de-
termines fatigue strength, based on publications by other Japanese researchers as well as
his own investigations featuring synthetic defects and non-metallic inclusions. The ten-
dency of a steel to show non-propagating cracks in a wide range of stress amplitudes or
crack lengths decreases with its hardness [5]. Accordingly, a hard steel’s microstructure has
a more negative impact on its fatigue properties than a softer material does when small
defects or cracks are present. As long as the fatigue fracture is not caused by defects, it is
expected that the nearly linear relationship between fatigue strength and Vickers hardness
also applies to the high-strength condition and thus gives the upper limit for the fatigue
strength of an inclusion-free high-strength steel [22, 5]. Investigations on vacuum-cleaned
steels also indicate that the linear domain can extend up to values of over 400 Hy,, whereas
typical production processes show the saturation or even decrease of the fatigue limit with
increasing hardness due to the presence of inclusions and cracks with sizes not satisfying
the criteria for non-propagation of short cracks in the microstructure [5]. The limit range
for the linear domain varies depending on the material and a variety of factors, including
the cleanliness of the steel, the prior-austenite grain size, and the surface condition [8, 11].

Figure 2.1 right exemplarily shows the relationship beween hardness and fatigue strength
for a vacuum remelted steel that exhibits small amounts of non metallic inclusions. Here,
the linear dependency is applicable despite the level of hardness and irrespective of the
loading direction [5, 23]. On the other hand, the fatigue limit vs. hardness curve for
open melted steel flattens already starting from about 200 Hy when the specimen axis is
transverse to the rolling direction, for which the size of inclusions in the loaded cross-section
appears higher. The next section 2.1.b provides a complete explanation of these effects.

Overall, there are many examples of identified relationships between the steel’s static
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mechanical characteristics and its fatigue strength. These may however only be regarded
as adequate for low hardness levels since other microstructural variables have a significant
impact on the fatigue behavior of hard steels. Aside from the fact that different states of
a material, such as heat treatment, cleanliness, rolling direction, etc. cannot be captured
on the basis of hardness or tensile strength alone, the aspect of significant scatter in the
fatigue properties of hard steels, which is of the utmost importance in practical applications,

cannot be taken into account without additional parameters [16].
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Figure 2.1: Left: Correlation between hardness and fatigue limit for different steels, adapted
from [5, 21]. Right: Effects of loading direction and melting method on the
fatigue limit vs hardness curve, adapted from [5, 23].

2.1.b. Defects and non-metallic inclusions

Steels harder than 400 Hy show increased susceptibility to strain concentration effects on
small microscopic features like cracks or non-metallic inclusions, thus limiting the benefits
of hard materials when just considering the lower bound of fatigue strength [24]. For com-
ponents made of materials having a high fatigue limit, such as bearings, springs, crankshafts
and gears, non-metallic inclusions are common possible root causes for failure [6].

Both surface roughness and internal defects can serve as the origin of persistent slip
bands and cracks, with the latter occurring more frequently in weakly notched or surface-
hardened components [25]. Non-metallic inclusions are compounds between metallic and
non-metallic atoms and include oxides, sulphides, nitrides or oxisulphides. These can result
from reactions between the molten metal and deoxidizing particles like silicon, manganese
or aluminum, as well as from external contamination during the subsequent processing of

the metal [6]. Although their size and frequency can be reduced and their shape altered
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through adequate metallurgical operations like vacuum degazing or desulfurization, non-
metallic inclusions cannot be completely excluded in semi-finished steel products [26, 11].
A strain concentration occurs close to the interface as a result of mismatches between the
inclusions and the metallic matrix, which can be caused by variations in stiffness, ductility,
strength or thermal expansion [6]. The bonding between a non-metallic inclusion and the
matrix can break during the initial loading cycles already and might even happen during
the heat treatment or forming operations. According to Murakami, a non-metallic inclusion
has effects on fatigue strength that are similar to cracks of the same size. One of the most
important aspects affecting the fatigue strength limit op is inclusion size. In his research,
he finds out that an accurate parameter for describing this impact is the square root value
of the defect’s area y/area on a plane section perpendicular to the first principal stress [5].
Investigations of the conditions that lead to non-propagating cracks starting from non-
metallic inclusions or artificial defects result in the following equation 2.1 determined from
rotating bending fatigue experiments:
op = Kpgs - w, (2-1)
Varea®
where Hy is the Vickers hardness and Kp,s is a coefficient depending on the position of

the defect relative to the surface of the component, as displayed in figure 2.2.

Surface
Inclusion

\..

o.'k: 0:0 :' D

a) Kpos =1.43 b) Kpos =1.41 C) Kpos = 1.56

Figure 2.2: Effects of a non-metallic inclusion on the fatigue strength depending on its lo-
cation [5]. a) Surface inclusion, b) Inclusion in contact with surface, c) Internal
inclusion.

The role of inclusions in the fatigue properties of the material is minimal as long as
their size does not exceed a certain threshold. Either the micro-cracks formed at inclusions
are not propagating or some other microstructural features act as crack initiation sites.
However, for hard steels, the maximal defect size for non-propagating cracks can be less
than a few micrometers [5].

Practically all steel components contain some non-metallic inclusions. Large defects may
exist with a low frequency even in modern steels with high cleanliness specifications and
have a significant negative impact on a component’s fatigue strength [26]. Knowledge of

the frequency of occurrence, size, and location of non-metallic inclusions is thus extremely
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useful, especially because key mechanical components are often designed for extremely low
failure probability [25]. This problem is even more acute, as such inclusions can hardly be
detectable in the range of failure probabilities usually accessible through fatigue testing [17].
Non-metallic inclusions can be characterized using a variety of techniques, as presented
in [25, 26] and [16]:

o First, light microscopy analysis of micrographs of a specific size can be used as a rep-
resentation of the entire material. Unetched surface contrasts offer information about
the statistical distribution, type and size of defects in the material. This method,
which is fairly simple and hence very widespread, can be automated and standard-
ized, as for example in DIN EN 10247 [27] or SEP 1571 [28]. Several biases and
issues, however, have an impact on the results and interpretation. Even when a large
number of sections are evaluated, the observed surface can be many orders of mag-
nitude lower than the volume in large components such as wind turbine gears. Low
frequency defects cannot be assessed directly and reliably and must be estimated us-
ing extrapolation and extreme value analysis [5]. Even the shapes and sizes of the
observed inclusions can be misleading. The largest dimension of the defects is rarely
in the plane of the micrograph, which may result in a significant underestimation
of the size distribution. Conversion techniques can at least partially address these
deficiencies. Nevertheless, it is not straightforward to accurately determine the dis-
tribution of sizes and positions of non-metallic inclusions in a component; this task

calls for sophisticated statistical techniques and relies on additional assumptions.

It is possible to dissolve the matrix chemically and look for any leftover non-metallic
impurities. In addition to the information about the position of inclusions being lost
during the process, this technology has some restrictions on the volume of material

that can be processed as well as drawbacks in terms of cost and environmental harm.

» Significant volumes can be evaluated using ultrasonic technology, but only large de-
fects above ~ 0.1 mm can be detected, making it possible to characterize only this side
of the size distribution. On the other hand, computer tomography (CT) essentially
makes it possible to identify the location and size of defects in a sample. However,
because the resolution of this method is highly dependent on the observed volume,
the range of 10-100 um defects can only be accessed for very small samples, which

may not be representative of the whole component.

o Information regarding a material’s non-metallic inclusions can also be obtained via
fatigue testing of samples that fail at internal inclusions. A scanning electron micro-
scope can be used for inspection of the fracture surface in order to locate the crack
initiation point and assess the size and chemical composition of the relevant defect.

This method is usually paired with a shot blasting procedure since it is only effective
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when the fracture initiation at the sample’s surface is prevented. Since only one defect
is characterized for each sample, which is the most critical for the particular stress
distribution and sample volume examined, relatively little information is collected.
Therefore, this method is not sufficient to statistically describe the size and shape
distributions of defects in a material and is rather employed as a supplement to other

methods, such as microsection analysis.

Fracture surface of cracks initiated at subsurface typically exhibits a so-called Fish-Eye
with the inclusion at its center. The inclusion is surrounded by a circular region which
can be designated as Optical Dark Area (ODA), Fine Granular Area or Granular Bright
Facet and characterizes the slow crack growth under vacuum, as opposed to surface cracks
exposed to atmosphere [29, 30]. There is still some debate regarding the impact of the
defect’s shape. Even though it is clear that the geometry of an inclusion can affect the
stress concentration factor directly at the interface, current knowledge indicates that a
defect’s shape has a considerably smaller impact on a material’s fatigue strength than its
size. In [5], non-metallic inclusions are treated in a manner comparable to cracks with the
same dimensions, which is consistent with experimental reports of early matrix debonding
during the first load cycles [31]. Other investigations, on the other hand, insist on the effects
of different bonding properties between matrix and inclusions on the initiation of fatigue
cracks [32]. The type of inclusion affects the cohesion characteristics with the matrix as well
as shape and ductility. Oxides are typically thought of as hard defects that have a propensity
to break away from the matrix. Due to the forming processes used to create semi-finished
steel products, ductile sulfide inclusions like MnS typically exhibit elongated geometry and
tend to deform together with the matrix [32]. The fracture initiation phase can account for
a significant portion of finite-life fatigue, in contrast to the HCF limit, which is primarily
influenced by the propensity of cracks to exhibit non-propagation behavior. Hence, it is
appropriate to attribute a stronger influence of the shape and bonding of non-metallic
inclusions on the fatigue properties when considering load levels corresponding to the finite
life of components than for HCF limit [5, 16].

Another important aspect of defects is how they interact with each other. Experimental
investigations report fatigue crack initiation at clusters formed from multiple, small sized,
inclusions [33, 34, 31]. Meis’ work includes a discussion of the consequences of inclusion
clusters in both calculating methods and the determination of model functions for the sizes
of defects that are present in the material [16].

Even though experimental validation is a complex task, it is anticipated that non-metallic
inclusions may induce a residual stress field in the neighboring regions during heat treatment
operations due to differences in the thermal expansion coefficients of the matrix and the
inclusion. Depending on various factors such as the relative values of the thermal expansion

coefficients, the yield stress, the shape of the inclusion and the bonding strength, multiple
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scenarios can be taken into consideration [35, 5]. Although the quantitative analysis of
these effects is rather hypothetical, working principles on fatigue strength can be formed
from the effects described in section 2.1.c.

The consequences previously described make it clear that the non-metallic inclusions’
presence and characteristics — and consequently the cleanliness of steel — have a significant
impact on the material’s fatigue properties. According to [11], a substantial percentage of
the recent advances in case-hardened gears over the past few decades can be credited to
the increased quality of steels. As an illustration, the specifications ISO 6336-5 forecast an
enhanced nominal stress number from 1300 to 1650 MPa for contact by raising the material
quality standards from ML to ME and an improved nominal stress number for bending of
case-hardened wrought steel from 310 to 525 MPa [36].

Non-metallic inclusions only affect a component’s fatigue limit when located in a loaded
area, where they decrease the local admissible load level for non-propagation of cracks below
the fatigue limit of other potential failure sites in a component. This means that in addition
to the sizes of the inclusions, it is also important to take into account their locations and
the likelihood that they will be found in critical loaded regions. The statistical size effect
discussed in section 2.1.e is therefore one of several further aspects that must be taken into

account when evaluating how material defects affect fatigue strength.

2.1.c. Mean stresses and residual stresses

The fatigue strength is significantly influenced by mean stresses. While compressive mean
stresses increase the allowable load stress amplitude, tensile mean stresses have the opposite
effect. In order to describe the sensitivity of a material to mean load stresses, the parame-
ter M, is usually employed, which represents the slope of the limit curve described by the
fatigue limit op in the Haigh diagram between stress ratios of R = —1 and R = 0 as

described by the following equation [8, 7]:

O'D(R:— )—O’D<R:0>‘

M, =
UD(R = 0)

(2.2)

A generally conservative estimate is provided by the Goodman line combined with a flat
line in the compressive stress range, as shown hatched green in figure 2.3. For tensile mean
stresses, it is reported that the Gerber parabolic function of the mean stress is more accurate
to determine the admissible stress amplitude. However, this method is also ineffective for
describing the increase of fatigue strength under compressive mean stresses [16, 37]. In
general, the mean stress sensitivity of a material increases with its hardness and tensile
strength. This trend is explained by the decreasing tendencies for relaxation of cyclic
stresses — which otherwise reduces the effective local mean stress corresponding to a defined

cyclic load of the sample or component — with higher material strength [8]. Typical values
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for the mean stress sensitivity of steels range from approximatively 0.1 to 0.6, but as with
any value derived from several fatigue tests, there is a significant statistical scatter [7,
16]. Equation 2.3 is frequently used among the reported correlations [18]. Winderlich’s

equation 2.4 also describes the increased mean stress sensitivity of hard steels [22]:

M,, = R,,-3.5-107*MPa~' — 0.1,  (2.3) M, = : (2.4)

Within the whole range of stress ratios, mean stresses do not necessarily have the same
impact on the admissible load amplitudes. The parameter M,, is only used in the FKM
guidelines for negative stress ratios R < 0 [18]. Figure 2.3 illustrates the slope of the upper
limit for permissible stress amplitudes in [18] as a function of the mean stress. A decreased
coefficient M, = % describes the slope between R = 0 and R = 0.5. In the FKM’s

hatched red Haigh diagram, other stress ratios are covered by a horizontal line.

Stress amplitude

—Ry.2 Mean stress Ry R,

Figure 2.3: Haigh diagram with hatched safe domains according to Goodman (green) and
FKM-guideline (red) for a fictitious material [7, 18].

Results of fatigue tests performed on samples with sharp notches and mean stresses must
be interpreted carefully. Particularly for low strength steels, local plastic deformations may
cause local compressive residual stresses due to stress relaxation. The latter are superim-
posed with the load stresses and help offset some of the impacts of the load’s tensile mean
stresses [7, 22].

Stresses known as residual stresses exist even in the absence of an external load. They
have a considerable impact on the crack propagation and fatigue behavior of steel compo-
nents. According to the length of the areas in which they are evenly distributed, they are
classified as residual stresses of kinds I, II, and IIT as shown in figure 2.4 [38].

Residual stresses of the first type are approximately uniform over wide areas, which typ-
ically include many grains of a material, and are balanced with respect to the entire body.

Secondary residual stresses exhibit homogeneous magnitude and direction over microscop-
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Figure 2.4: Classification of residual stresses depending on the scale of observation, adapted
from [38].

ically small domains of one grain or sub-granular regions. As opposed to the first kind
of residual stresses, only major disruptions of their equilibrium may result in macroscopic
changes in the dimensions of a volume element [39]. Third-kind residual stresses are in equi-
librium over subgranular sections but are heterogeneous throughout regions with diameters
of multiple atomic distances within single grains. Second and third kind residual stresses
are frequently referred to as micro-residual stresses, whereas the first kind residual stresses
are also known as macro-residual stresses. Practical assessment of the fatigue strength of
structural components usually only involves the first kind of residual stresses, rarely the
second kind. Despite the fact that the total residual stresses result from the superposition
of all three sorts of residual stresses, third kind stresses are averaged out and never taken
into account in calculating approaches at a macro scale [16].

The sum of the forces and moments produced by all of the residual stresses spread
throughout the component is zero since they are all in mechanical equilibrium. For any
cross-section surface A of the whole body and for any reference line [, this can be described
by equation 2.5 and equation 2.6 [39], where 7 represents the reference line distance for an
element dA:

/ oFSIgA =0, (2.5) / oRSL. g A =0, (2.6)
A A

The entire process chain, from the steel production to the last manufacturing stage,
affects the residual stress state of a finished component. All steel parts, with the exception
of those that have undergone specific relaxation heat treatment, exhibit certain residual
stresses [9]. Residual stresses are caused by uneven distributed strains. These can be

attributed to localized volume or shape changes brought on by chemical composition, phase
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transformation, thermal expansion or plastic and viscoplastic yielding [8, 9].

Thermal strains result from temperature gradients in a component coupled with yield
stresses that depend on temperature or position. Large temperature variations between
the surface and the core can cause local plastic deformations of the highest temperature
regions, e.g. for high heating or cooling rates [40, 9]. In multi-phase materials, it is also
possible for the volume changes brought on by thermal expansion to differ in each phase,
which results in residual stresses caused by strain mismatches at the interface. Gradients
in the chemical composition can generate inhomogeneous strains within the material, as
is the case of carburized parts that have lattice distortions as a result of varying local
carbon contents [40]. In steels, phase transformations are accompanied by a change in the
material’s density or shape. Such mechanisms can lead to significant irreversible strains
and residual stresses under non-uniform temperature conditions by causing a mismatch
in shape or volume between transformed and non-transformed regions. Finally, plastic
deformations induced by applied mechanical forces will result in a strain mismatch upon
load removal since the elastic drawback of areas that undergo different plastic strains has
varying magnitudes.

In the surface layer, carburized parts typically have substantial compressive residual
stresses. The mechanisms underlying this characteristic residual stress profile are discussed
in more detail in the following section 2.3. All three types of residual stresses shown in
figure 2.4 occur and, much like in many finished steel products, they include all of the
previously listed mechanisms as well as some additional complex interactions. Depending
on their magnitude and direction, residual stresses can be either beneficial or detrimental
to fatigue behavior. Carburized components, thanks to high compressive residual stresses
on the surface layer, often have exceptional fatigue strength properties [9]. Even though
the fatigue behavior of typical quenched components can be evaluated considering only
the surface residual stresses, the increased surface strength and high compressive residual
stresses at the surface of carburized components make it necessary to also take into account
the local loads and material strength in the subsurface regions [22, 37].

Residual stresses and mean stresses act similarly. While tensile residual stresses promote
crack propagation, compressive residual stresses increase the fatigue strength [9]. However,
there are some distinctions between the impacts of residual stresses and mean stresses on

the fatigue behavior of steel parts [40]:

o Even for unnotched samples, residual stresses are distributed unevenly throughout a
component’s volume because they must comply to internal equilibrium equations 2.5
and 2.6, which let compressive residual stresses and tensile residual stresses to balance
one another. Residual stresses are typically bi-axial at the surface and tri-axial in the
volume, in contrast to mean stresses, which are frequently uni-axial in components

with simple geometries [37].
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o Cyclic loads can alter residual stresses. In most cases, this results in a reduction of

the residual stress magnitude.

o Residual stresses, as opposed to mean stresses, cannot be easily replicated. Quantita-
tive studies of the impacts of residual stresses on the fatigue behavior are particularly
challenging because of the high sensitivity to process and material variations as well

as issues with the measuring techniques.

In order to assess the fatigue behavior of steels, it is usual practice to take residual
stresses into account like mean stresses, however the aforementioned features of residual
stresses may necessitate more thorough analysis [16]. It is possible to define a residual
stress sensitivity Mrg which is similar to the mean stress sensitivity M,,. Mgg is reported
to correlate with the material strength, as does M,,, but exhibits slightly lower values, as
displayed in figure 2.5 [41, 42]. While the experimentally observed differences between M,,
and Mpgs in the low-strength range can be explained by a different spatial distribution of
residual stresses in the cross-section compared to the mean stresses, the reasons leading to
a near constant value of residual stress sensitivity for hard steels in figure 2.5 remain largely

unexplained [8].
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Figure 2.5: Mean stress sensitivity and residual stress sensitivity of steels depending on the
static strength properties according to [41, 42].

If local plastic deformations take place, a reduction in residual stresses under fatigue
loading is to be anticipated. Dislocation movements result in a redistribution of residual
stress by transforming the elastic strains associated to the residual stresses into microplastic
strains [37]. The onset of plastic deformation marks the start of the stress redistribution.
If the local upper or lower stress exceeds the cyclic yield point, a redistribution of residual
stresses has to be assumed. The equation oy .. = 0.6 - R, can be used to estimate the

cyclic yield point from the tensile strength of the material [18].
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Local stress levels that match to the part’s fatigue strength can exceed the local cycle
yield limit, which lessens the impact of residual stresses on fatigue behavior, especially when
combined with sharp notches [9]. The stress levels required for residual stress relaxation
rise further with increasing strength, which results in a greater influence of residual stresses
on fatigue behavior [8]. For medium strength steel, factors other than the magnitude of
the surface residual stresses, such as the amount or depth of the process-dependent work
hardening that frequently accompanies the development of residual stresses in the surface
and subsurface material layer, may be important [9]. Still, the Goodman approximation
and the consideration of residual stresses as additional mean stresses are found to produce
satisfactory results when these factors are taken into account [9].

Because the cyclic yield point typically corresponds to stress levels that are higher
than those for mechanical applications with technically relevant lifetimes, residual stress
relaxation for hard steels only occurs in rare situations where sharp notches and high
load levels are combined [9]. Therefore, the effects of relaxation can be neglected there,
the mean stress and residual stress sensitivity may be assumed to be almost equal and
the fatigue strength under mean stresses and residual stresses can be assessed through
op = fo1— My -0 — Mgs - 0gs [8].

An exception to the aforementioned rules for stability of residual stresses may occur,
however, when the steel’s microstructure is metastable and may be altered by mechanical
loads. After finishing, steels with a high carbon content or austenite stabilizing elements
might exhibit a microstructure with a significant austenite phase fraction. The remaining
austenite may transform into martensite when subjected to contact loads. This is commnly
accompanied with a redistribution of the residual stress field because this phase change is
linked to a local change in the material’s density. For carburized parts, it is expected that
the residual stresses are rather stable under cyclic loads below the fatigue strength [43].
Carburizing normally results in the formation of high hardness martensitic surface layers
that exhibit very little plastic deformation. It is expected that case-hardened surface layers
will crack and fail before significant plastic deformations are visible. As a result, residual
stresses in case-hardened layers’ martensitic microstructures remain stable in the fatigue
strength range when subjected to cyclic loading [37, 44, 9].

Significant increases in fatigue strength are brought on by residual stresses in carburized
components. In addition to the residual stress profiles induced by carburizing heat treat-
ment, highly loaded mechanical components often undergo a shot blasting process, during
which small hard particles cause plastic deformations and compressive residual stresses in a
thin surface layer. Along with other positive effects like the removal of potential superficial
oxide layers, work hardening and compressive residual stresses are linked to significant in-
creases in fatigue strength. As an illustration, Shaw et al. [45] report up to 75% increases in
the tooth root bending fatigue strength of carburized gears by shot blasting, which cannot

be solely attributed to a lowered level of grain boundary oxidation.
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Determining the precise quantitative impact of residual stresses on the fatigue behavior
is challenging. This can be attributed to at least two factors. First, slight changes in
the chemical composition of steels, hardenability or process conditions may have major
effects on the magnitude of residual stresses. Variability may still arise even when the
production route is precisely controlled. In [9], identical gears made of AISI 5120 steel
that were carburized, quenched, and tempered showed typical variations in tooth root
surface residual stresses up to 150 MPa when compared within a heat treatment lot and up
to 300 MPa when compared across different heat treatment batches. As previously explained
in 2.1.a, high strength steels are more sensitive to mean and residual stresses due to the
extremely small permissible size range for cracks and defects that are not associated with
crack propagation. As a result, the negative impact of local peak values in tensile residual
stresses on fatigue strength might be further enhanced. Since residual stresses cannot be
consistently reproduced, it is expected that some variations of the residual stress field lead
to locally increased tensile residual stresses which are particularly detrimental to the fatigue
strength of hard steels. Challenges in determining the influence of residual stresses on the
fatigue behavior of steel components may also be reinforced by the complexity and limits
of the available methods for measuring residual stress fields. The majority of residual stress
determination methods work indirectly by measuring the elastic strains brought on by a
residual stress field or its relaxation and occur in a constrained area in immediate proximity
to the component surface. When a surface layer is removed, measurements in deeper layers
are usually attainable at the expense of changing or redistributing the remaining stresses,
necessitating sophisticated correction procedures or further assumptions [46, 47]. This
subject is covered in more detail in section 4.1.d.

Many of the conclusions shown above were based on stresses that are described with
a scalar value. As this is only applicable to uni-axial loads, transferring these results to
multi-axial situations is not straightforward. The majority of residual stress systems do,
however, exhibit multi-axiality. Only the addition of an appropriate multi-axial fatigue

criterion can be used to treat these types of situations [8].

2.1.d. Multi-axiality and time evolution of load

Single loads or a combination of loads can both result in multi-axial stress states. Even
uni-axial loads result in multi-axial stress states at the base of a notch. As in situations
with residual stresses, the load on a component is frequently composed of multi-axial static
components that are superimposed with cyclic stresses [17]. Since scalar strength criteria
are employed to dimension components, the multi-axial stresses for each stress condition
must be converted into a fictitious comparative uni-axial stress which corresponds to an
equivalent damage.

In general, the cyclic stresses can be out of phase and out of frequency. The stress
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distribution in the component cross-section then not only depends on time but also on
the cross-section plane considered. During a loading cycle, the orientation of the section
plane with the highest risk of damage may vary as well. Situations where the directions of
the principal stresses remain constant during a loading cycle are called proportional stress
states. For proportional stress states, common hypotheses derived from static strength
theory such as the normal stress hypothesis, the shear stress hypothesis and the distortion
energy hypothesis are accurate enough for practical applications. For surface-hardened
components, however, stress components do not change in the same ratio due to the presence
of residual stresses. Therefore, the directions of the principal stresses change with time and
more elaborate stress hypotheses are required [37]. For this purpose, a description of the
sectional planes by means of a unit sphere with azimuth (¢) and pole () coordinates may
be used. The coordinate system (x y z) of the unit volume is transformed into the rotated
coordinate system (x’ y’ z’) of the (¢, ) section plane via the rotation angles 6 € [0, 7] and
¢ € [0,27], as shown in figure 2.6 [48]. The stress vector acting in the plane (¢, #) can then
be calculated using equations 2.7, 2.8 and 2.9 [49]:

—sin () —cos(0) cos(9) sin(0) cos(¢p)
u(p,0) = | cos(0) |;U(¢,0) = cos(0) sin(¢) |;7i(p,0) = |sin(0) sin(¢) (2.7)
0 sin(0) cos ()
0(6,0.8) = " (6,) o (7) 7i(6. 9) (28)
mal®,0.6) = @(6.6) o(0) (6. 6) + (8. 0) o(7) 7(6.0). (2.9)
z: Tp0
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Figure 2.6: Coordinate transformation for an arbitrary cross-section plane (¢,6). 74y rep-
resents the stress vector normal to the cross-section plane and 7y is the shear
stress vector in this plane [48].
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A wide range of methods have been proposed in order to assess the fatigue behavior
of materials under multi-axial stress conditions. In nearly all calculation methods, the
normal and shear components of the stress tensors are determined for a defined cross-
section plane. Based on their time variation, each of these stresses can be further subdivided
into mean and amplitude values. The damage caused by both normal and shear loads is
usually weighted. This often relies on an assumption regarding the kind of mechanism
anticipated for fatigue failure, which can be influenced by both material aspects and load
characteristics. For instance, ductile fatigue behavior significantly depends on damage
brought on by shear stresses, whereas brittle behavior is associated with more noticeable
impacts of the normal stresses compared to the shear stresses. In [50] and [20], the authors
suggest to make a more precise distinction between brittle materials or ductile materials
with defects on the one hand, and defect-free ductile materials on the other. The second
type is associated to damage from shear stress-induced plastic strains, with the orientation
of the slip plane playing a crucial role. In contrast, brittle materials and materials with
crack initiation at defects like non-metallic inclusions are reported to be rather sensitive to
normal stresses [16]. Thus, in addition to the material’s ductility, the determination of the
damage proportion caused by shear and normal stress also depends on other factors like
the material’s cleanliness. Geometric elements like notches, for instance, may also favor
transgranular crack propagation driven by normal stresses over intergranular fractures [8].

There are many different ways to perform the calculations, and these changes might affect
the accuracy of the results as well as the numerical effort. Since only a few aspects are
covered in this work, reference materials like [49] or [51] may be consulted for additional
details. Even the calculation of equivalent stress amplitudes and mean values from the
stress tensor’s time evolution can be carried out in a variety of approaches. In contrast to
normal stresses, shear stresses in the plane (¢, f) of a material’s cross section change during
a loading cycle in both direction and magnitude, describing a closed curve on the plane
(see figure 2.7). In order to determine equivalent shear stress mean and amplitude values,
the smallest circle enclosing the shear stress curve may be chosen, with its center serving
as the mean point and its radius serving as an amplitude [46, 16, 52]. However, it is also
common practice to merely specify the mean and amplitude values of shear stresses based
on the distance to the origin [48, 53, 54].

A distinction between critical plane approaches, integral approaches, and empirical crite-
ria can be made among the calculation methods that are available and applicable to general
multi-axial cyclic stresses. In critical plane approaches, only the material plane with the
greatest calculated damage risk is taken into account as contributing to the local failure.
As stated previously, the criteria for determining which plane has the highest damage risk
can be based on normal stresses, shear stresses, or a combination of both, with additional
weighting factors depending on local hardness, ductility ratio, etc. On the other hand,

in integral approaches, the stresses in all material planes contribute to the local damage,
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Figure 2.7: Definition of the normal and shear stresses and their time evolution during a
load cycle on an arbitrary cross-section plane, adapted from [53].

and a single characteristic value is built through the quadratic or arithmetic mean of the
stresses in all planes. One of the most popular integral techniques is the shear stress in-
tensity hypothesis (SIH), which originally was developed by Simburger [55] and modified
by authors like Liu and Zenner [50], Oster [54], and Hertter [56], among others. In its for-
mulation in [54], the root mean square of an effective shear stress in all planes, as defined
by equation 2.10, is used to predict failure. With various examples of use in the context of
gear contact [54, 46, 56, 57, 58, 34|, this technique has been shown to produce satisfactory

results for contact situations that involve ductile materials:

Teps = ﬁﬁ /¢ 0/6 72, sin(¢) dé do. (2.10)

There are many different types of empirical criteria that have been formulated, which vary

in both complexity and precision. The Dang Van technique [59, 60] is among the most com-
monly adopted [8, 61, 62, 63, 64]. This method, which was first based on microscopic-scale
considerations, can be slightly modified or extended to macroscopic stresses and assumes a
linear relationship between the hydrostatic stress o; and the principal shear stress 75 for

the maximum allowable cyclic load, as stated in equation 2.11:
T19 + apy Op = bD\/. (211)

Uni-axial and torsional tests may be used to determine the Dang-Van model’s parameters

apy and bDV [52]
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All of the aforementioned examples serve mainly to demonstrate how challenging it is
to relate the results of a uni-axial fatigue test to a multi-axial stress state. There have
been significant efforts made over the past few decades, and a variety of methods are now
available. Nevertheless, depending on the application considered, the accuracy and validity
of various methods may be questioned since no single strategy appears to consistently

outperform the others.

2.1.e. Size effect and further aspects

Size effects describe the differences in the fatigue behavior of geometrically similar samples
which have different sizes. In most cases, experimental results from fatigue tests that are
conducted on variously sized specimens or components do not agree. When results from
smaller specimens are applied to larger ones, this frequently results in an overestimation
of the behavior of the material, i.e. the fatigue strength decreases with increasing compo-
nent size [7]. The evaluation of material and structural part fatigue properties may yield
substantial inaccuracies if the size effect is not properly taken into account [65], especially
when the fatigue behavior of small samples is extrapolated for very large components.

Size effects on the fatigue strength can be regarded as composed of the following three
categories: geometrical size effect, statistical size effect and technological size effect [7].

The geometrical and the statistical size effects are related to the gradients and the stress
distribution in the part, whereas the technological size effect combines a number of further
influencing factors that vary together with component size. In most cases, different kinds of
size effects coexist and interact with one another, making independent investigations nearly
impossible [66].

Both the geometrical size effect and the statistical size effect describe how components
or samples with a larger stressed region exhibit lower fatigue strength properties. However,
there are differences between the assessment methods and the mechanisms underlying these
effects.

The geometrical size effect describes the effects of notches on the fatigue strength.
Notches reduce the fatigue strength, but for ductile materials not to the same extent as
the predicted increase of linear elastic stress. In the case of sharp notches, plastic flow can
take place on a microscale on grains that are favorably orientated without being able to
propagate to the next grains. This local yield coincides with a decrease in stress and, hence,
of the notch effect [8]. This is based on the hypothesis that some of the load is transferred
to the material layers beneath the most severely loaded area. This is supported by the
fact that samples’ fatigue strength in torsion or rotating bending tests — where the load is
concentrated in the surface layers — are generally higher than in axial tension-compression
tests, where the stresses are uniformly distributed [17, 37]. Several methods have been pro-

posed in order to assess the geometrical size effect on the fatigue strength [67, 68|, which
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rely on empirical relationships based on the dimensionless stress gradient y. Equation 2.12

can be used to express this gradient, which is a measurement of the inhomogeneous stress

o*

distribution and is derived from the stresses normalized by the notch root stress ¢ =

Omazx
in the direction # perpendicular to the notch root:
do*
= — 2.12
X=" (2.12)
=0

These methods predict the same fatigue strength for samples with notches that are geo-
metrically comparable but varying in size. The findings from experimental investigations,
however, show that the fatigue strength loss caused by notches is more severe for large
specimens than for small ones [37, 8]. In fact, even flat specimens made of the same
material and with the same notch but with different thickness or length might exhibit no-
ticeably different fatigue strength values. The geometrical size effect cannot fully explain
these results [66, 16].

Higher stressed volumes increase the probability of finding a flaw or crack in the mi-
crostructure that is large enough to trigger crack propagation. This is the statistical size
effect [8]. The highly stressed volume (HSV), which is closely related to the stress gradi-
ent, has been shown to produce accurate assessments for both the geometrical size effect
and the statistical size effect [66]. The HSV is often defined as the region in which 90 %
of the actual maximum stress is exceeded. According to reports, the HSV correlates well
with the anticipated decrease in fatigue strength due to scaling of a specimen or part |8,
69, 70]. The selection of an appropriate HSV region, however, requires several assump-
tions regarding stress levels that are not associated to crack initiation and propagation. In
contrast to the gradient approaches for the geometrical size effect, computer-based finite
element simulations are often needed to identify the volume where the largest stresses are
generated. Threshold values of 90 % or 95 % have frequently been utilized, depending on
the material and load under investigation. With the majority of fatigue failures starting in
highly stressed locations, this approach may work for most of the technical applications,
but certain situations call for a more thorough and cautious evaluation. Technical cracks
may also initiate in low loaded areas in the presence of occasional very large defects, such as
in samples made using recent additive manufacturing methods [66, 71]. Similarly, in order
to accurately forecast fatigue strength, the selection of the HSV must take into account
aspects like residual stresses, an heterogeneous distribution of fatigue strength properties,
stress multi-axiality or steel cleanliness [71]. Due to increased hardness and compressive
residual stresses of the surface region, fracture initiation in case-hardened components may
happen in a subsurface layer with stresses well below the threshold of 90 or 95 percent [16].
While the HSV method often yields satisfactory results, there exist many applications
where applying this method requires prior knowledge of the expected failure regions and

mechanisms in order to take the proper equivalent stress and threshold into account in the
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calculation approach [71].

This issue can be solved by analyzing the distribution of stresses and fatigue strength
throughout the component. The Weibull weakest-link model, which was initially developed
for brittle materials, assumes a statistical distribution of defects in the volume or on the
surface of a component, with the largest defect being responsible for the start of a fatigue
crack that can propagate and eventually cause the component to fail [72]. With the help
of a simplified relationship between defect size and allowable stress amplitude, this method
takes into account the likelihood of having defects greater than a specified size and enables

to estimate the survival probability Pévi) for a volume V; provided by equation 2.13 [40, 8]:
_Y (aeq)”
P =9 ™ (%5) . (2.13)

Vb and op represent the volume of a reference sample and the corresponding fatigue strength
for 50 % failure probability at a specified cycle number. & is the Weibull modulus and char-
acterizes the scatter of the strength. It is obtained by inserting the experimental fatigue
test data into a Weibull probability plot and depends, at least, on effects related to both
the material and the production process [17]. 0,4, is the local equivalent stress amplitude
derived using the methods described in sections 2.1.c and 2.1.d. This relationship is not
directly applicable to carburized steel components since it only holds true for homogeneous
stresses and fatigue characteristics in the volume V;. The equation for the survival proba-
bility Py of a volume V' under heterogeneous distribution of stress and material properties

can be written as follows [46]:

Py = 9% fv( iﬁq) v (2.14)

Splitting V' into a set of ny sufficiently small partial volumes V; with nearly homogeneous

stress and material states yields equation 2.15 [48, 43].
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(2.15)

As previously mentioned, there are shared characteristics between geometric and sta-
tistical size effects. Both of these effects can be quantified in terms of how they affect a
component’s fatigue strength, but weakest-link and volume-based approaches yield more
precise results than those which only consider stress gradients. According to the informa-
tion in sections 2.1.a and 2.1.b, it makes sense to assume that the geometrical size effect has
a significant impact on ductile and low-strength materials, whereas the statistical size effect

predominates in rather hard or brittle steels and fatigue failures triggered by defects [5, 16].

As the dimensions of a sample or part are scaled, some additional production-related
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factors will change. Quenched and tempered steel parts rely on the transformation of
austenite into a martensitic phase during cooling, which typically occurs only above a
critical cooling rate. As a result, a process adjustment (such as using a different quenching
medium) may be required to achieve the same martensitic microstructure on two pieces
with different cross section sizes. Similarly, when the local thermal-mechanical histories
between samples are not comparable due to differing diameters, properties including grain
size, surface roughness, residual stresses, steel cleanliness and characteristics of the defects
in the microstructure might vary substantially [16, 8]. Even though it is theoretically
possible to evaluate all of these impacts using sophisticated metallurgical-physical models,
they are typically accounted for by introducing an engineering factor for technical size effect
for both production-related effects and surface-related effects [66, 73].

Regarding case-hardened components, the ratio of the hardened case’s depth to the entire
thickness of the cross-section may be one of the most significant variables related to the
production process [74]. This feature is usually quantified by the Case Hardening Depth
(CHD), which is defined as the minimum distance to the surface for which the hardness
falls below 550 Hy [75]. This parameter does not properly add to the previously mentioned
influencing factors on the fatigue properties of carburized parts, since the primary mecha-
nisms causing fatigue strength variations due to different CHDs can typically be attributed
to altered residual stresses or static strengths. On the other hand, the depth of the hard-
ened case is a process-controllable parameter that has a direct and intuitive impact on
the spatial distribution of residual stresses and hardness, making it especially relevant for

practical applications.
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Figure 2.8: Left: Residual stress profiles of unnotched round samples of steel 20MoCrS4
with diameter 20.7 mm [37]. Right: Residual stress profiles of unnotched round
samples of steel 20MoCr4 with similar case hardness depth (CHD) and different
diameters [76].
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Compressive stresses in the surface and subsurface region will be large in magnitude when
the CHD is small compared to the cross-section, as shown in the examples of figure 2.8.
When the opposite is true, the near-surface compressive stress is lower. Core tensile resid-
ual stress, which are only partially displayed in figure 2.8, can then be significant [74].
The combination of compressive residual stresses and increased hardness in the surface
layer brought on by appropriate carburizing heat treatment is very effective for increas-
ing the fatigue strength, especially for applications where the maximum tensile stresses
are anticipated at the surface of a part, such as in bending or torsional loading [74]. The
beneficial residual stress condition is primarily responsible for the majority of the fatigue
strength improvement, while the part’s tribological properties are enhanced by the hardness
increase. Compressive residual stresses in the subsurface layer and surface can limit the
ability of cracks to propagate and hence prevent the component from failing [77]. Crack
initiation is shifted towards the core material or the transition between the case and the
core by a successful case-hardening heat treatment. An increase in CHD implies that more
of the cross-section is subjected to compressive stresses, which should lead to an increase
in fatigue strength. Still, as previously indicated, the ratio of core to case thicknesses also
affects the residual stresses’ magnitude, therefore a balance between these two opposing
effects needs to be achieved. This is shown in figure 2.9, where the strengthening effects of
the carburizing heat treatment increase rapidly with the CHD at first, and then gradually
decrease. This is in line with testing results on samples [13] or gears [78, 79, 80] as well as
ISO 6336-5’s guidelines for the optimal CHD of carburized gears based on module m,, [36].
The link between the increase in fatigue strength resulting from carburizing heat treatment
and the notch geometry is another noteworthy feature of figure 2.9. The beneficial effects
of carburizing relative to the fatigue strength of the part or sample without heat treat-
ment increase with notch sharpness or geometry factor oy [77]. Although notched samples
also imply slight changes in the multi-axiality and amplitude of the residual stresses [37],
this behavior can rather be mostly explained by the geometrical and statistical size effects.
When there is a sharp notch, cracks are only likely to start and propagate in the region
around the notch root because of the high stress concentration. In such cases, carburizing
heat treatment enables the introduction of a compressive residual stress field throughout
the entire loaded zone, even with a low CHD, avoiding tensile mean or peak stresses and
significantly restricting the propagation possibilities of cracks [16].

Oxidation of carburized parts in the surface area is another result that typically varies
with the CHD. Gas carburizing atmospheres containing carbon monoxide allow oxygen
to diffuse into the steel in addition to carbon atoms. Since the intentionally produced
diffusion of carbon is significantly faster than the unintentional diffusion of oxygen in the
austenite microstructure at carburization temperature, the depth of oxidation is typically
several orders of magnitude below the CHD, ranging from a few micrometers to about

50 pm [81]. Nevertheless, this superficial modification can have a substantial impact on
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Figure 2.9: Effect of the Case Hardness Depth (CHD) on the rotating bending fatigue
strength of round notched samples with different geometry factors ay, where D
is the cross-section diameter and d = D — 2 - CHD [12].

a carburized part’s fatigue properties [16]. Preferential oxidation of alloying elements like
silicon, manganese, chromium or aluminum will result in a local concentration decrease
of these elements in the matrix. The ability of the steel to form hard martensite upon
cooling can be strongly diminished, so that oxidized carburized parts often exhibit a thin
layer of non-martensitic transformation products such as bainite, pearlite or troostite [81,
9]. Multiple variables, including the depth of oxidation [16], the impact on the residual
stress field [9, 11, 24] and the propensity of oxides to precipitate at grain boundaries [43],
determine how harmful oxidation can be. In rare cases, the effect might be negligible.
Reduced sensitivity to micro-notches is a benefit of low-strength microstructures, which
can thus potentially outweigh hardness losses at the surface [81]. Additionally, subsequent
finishing operations like grinding, shot peening or shot blasting can completely or partially
remove oxidation layers and the detrimental effects they have on fatigue strength [9, 16].
Surface oxidation therefore typically has no effect on the tooth flank load capacity of case-
hardened gears with adequate grinding stock [57].

Carburized parts are frequently subjected to a shot peening or shot blasting procedure,
which involves projecting tiny particles onto the surface to cause a thin exterior layer to
deform plastically. Because they produce local compressive residual stresses and a shift in
the total mean stresses towards lower values, processes based on a transverse pressure that
causes plastic strains on the surface of highly loaded regions are generally associated with
positive effects on the fatigue strength properties [8, 9]. Considerable compressive residual

stresses can be created through shot peening. Furthermore, the work hardening brought
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on by the plastic deformations causes a localized increase in hardness, which improves
the part’s fatigue performance even more. Optimal shot peening procedures can improve
the fatigue strength by up to 100 %, depending on the properties and speed of the shot
particles [8].

The presence of austenite after heat treatment is a further noteworthy feature of car-
burized parts. The austenite phase is strongly stabilized by additional carbon atoms in
the surface and subsurface layers, and some of the typical alloying elements like nickel
and manganese can also lead the microstructure fractions to shifting in favor of increased
austenite. Carburized components usually exhibit volume fractions of 10 to 30 % retained
austenite because the low-temperature tempering, which is commonly done at temperatures
below 200 °C, is not high enough to induce the transformation of austenite [11]. The pres-
ence of residual austenite reduces the fraction of martensite, which in turn lowers hardness
and compressive residual stresses, thus negatively impacting the fatigue properties. On
the other hand, because of its capacity to absorb plastic deformation and to change into
martensite under severe load, providing significant compressive residual stresses that in-
hibit the propagation of fatigue cracks, retained austenite can be considered as beneficial in
rolling operations [82, 13, 74, 24]. Decreases in hardness are also associated to a reduction
of the wear resistance, whereas additional negative impacts are potentially attributed to
the dimensional stability: part distortions that exceed the necessary geometric tolerances
may result from the volume expansion caused by the phase change of residual austenite in
martensite [83]. Changes in the chemical composition, plastic deformation, tempering heat
treatment or subzero cooling can all have an impact on the stability of residual austen-
ite [82]. The prediction of fatigue strength of parts with metastable residual austenite
is particularly challenging as it requires additional assumptions about the evolution of the
hardness and residual stress field due to the potential transformation into martensite during
service.

Surface roughness may be the most investigated property of a surface that influences
a component’s fatigue strength. In numerous applications, the surface experiences the
highest stress. Because it raises local stress, surface roughness can serve as a preferential
site for fatigue crack initiation. Hard materials will be more impacted by rough surface
states because the sensitivity of steels to micro-notch correlates positively with the tensile
strength or hardness, as previously noted. However, for case-hardened parts, high strength
and compressive residual stresses at the surface can effectively suppress or postpone the
onset and propagation of cracks in the surface region, shifting the critical region for fatigue
failure deeper into the material. Roughness usually exhibits values below 5 um for relevant
finished product surfaces, indicating that it is not a primary contributing factor to fatigue
fracture initiation [37].

Other surface parameters potentially influencing the fatigue properties of carburized parts

such as corrosion, wear or temperature changes during service, are not covered in this work.
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2.2. Tooth flank fracture of carburized gears

2.2.a. Experimental findings

The purpose of a gear is to transfer torque. The sophisticated stress states linked to
this function are dependent on a wide range of factors, including gear design, operating
circumstances, lubricant and tribological characteristics, gear material and hardness or
case depth from the heat treatment procedure. As a result, several failure types with
various underlying mechanisms can arise [84, 11]. The teeth of mating gears make contact
along the active flank profile, beginning at the driven gear tooth tip, continuing across the
pitch line and ending at the driving gear tooth tip. Rolling contact occurs at the pitch
position, whereas relative sliding is involved as well on either side [85]. The most important
stresses include contact stresses (which may be calculated using Hertzian theory), surface
stresses associated with lubrication state and asperities, bending stresses brought on by the
teeth’s elastic deformation, and residual stresses from heat treatment or other procedures
like grinding and shot peening.

Depending on where the failure initiates, a distinction can be drawn between the different
fatigue failures of gears, which do not include some of the damages caused by tribological
conditions such as scuffing [84]. Classical fatigue failure mechanisms for gears include
pitting and tooth root breakage. The first can be attributed to surface contact pressures and
involves material loss from the flank surface. Pitting damages appear as shallow craters that
typically arise at the highest point of single-tooth contact for pinion or at the lowest single-
tooth contact position of mating gear, because of high combined values of both contact
and sliding loads. Cracks may initiate at the surface or at a slight depth below and they
usually branch towards the surface after propagating a short distance in a direction roughly
parallel to the tooth flank. Consequently, a pit forms when a piece of the material separates
from the surface [11, 86, 87]. Micropitting is the term for pitting damage on a smaller scale
of roughly 0.01 mm, whereas larger pits generated from many cracks growing together are
known as spall [58]. These fatigue failures can be attributed to surface cracks or significant
wear caused by unfavorable lubrication conditions between mating surfaces and excessively
high pressures. Variables affecting these include the applied load, flank geometry, hardness,
surface quality, operating temperature, and lubrication [24, 11]. Tooth root fracture also
usually initiates at the root’s surface and propagates deeper into the material. This type of
failure is associated with bending stresses in the tooth root fillet, which may be amplified
by notch effect, surface roughness or grain boundary oxidation [84]. In presence of sufficient
compressive residual stresses in the case, however, fatigue crack initiation might occur at

non-metallic inclusions or coarse matrix grains below the surface [88, 4].

With increasing research efforts to reduce the risk of failure due to surface and near-

surface-induced mechanisms such as pitting and tooth root fracture, the importance of
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Figure 2.10: Schematic characteristics of a tooth flank breakage. Indicated are the primary
I and secondary II cracks and their direction of propagation.

volume-induced fatigue damage has greatly increased in recent decades [46, 52, 89]. Tooth
flank fracture (TFF), also referred to as tooth flank breakage, is a fatigue failure mechanism
for case-hardened gears which initiates in the material depth below the tooth flank surface.
TFF can reduce the lifetime of carburized spur gears, but carburized helical or bevel gears,
as well as gears that have been nitrided, carbonitrided or induction-hardened, have also
been reported to be affected by this kind of failure [89]. The crack initiation site is usually
located at approximately half the height of the tooth, in the transition area between the
case and core regions. Prior to TFF, surface damage indicators like pitting or micro-
pitting on the active flank may not always be observed. Non-metallic inclusions can almost
systematically be identified as TFF crack initiation sites. These can be either sulfides, hard
oxides, oxisulfides or clusters formed from several non-metallic inclusions. Fractographic
analyses reveal a fish-eye appearance and a crack lense surrounding the initiation site,
which indicate a slow crack propagation under vacuum conditions. The crack propagates
both toward the core and toward the surface, however the rate of propagation in either
direction can vary significantly due to gradients of hardness and residual stresses. Since
the fracture originates deep below the surface, surface and near-surface inspection methods
may not detect the damage until the final hundreds or thousands of cycles prior to the
gear’s sudden failure. The angle at which the primary crack typically forms in relation to
the flank surface is between 40 and 50°. Secondary and tertiary cracks may also develop.
These may be brought on by the stiffness changes and stress redistribution due to the
primary crack, as shown by Witzig [34] through FE simulations. The secondary cracks
propagate approximately parallel to the tooth tip, thus possibly leading to the separation

of wedge-shaped particles from the flank once reaching the main crack (see figure 2.10).

In the 1990’s, several isolated reports of damage in industrial applications described gear
failures of carburized gears initiated in the material depth below the active flank [90, 91, 92].
Mackaldener investigated tooth flank fracture in addition to a related failure mechanism

referred as tooth interior flank fracture (TIFF). This particular gear failure type only affects
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idler gears, for which both flanks are loaded during service [93, 94, 95]. Even if TIFF also
originates in the core-case transition zone, the specific load conditions imposed on both
flanks give rise to a distinct fracture morphology. The main cracks have a fairly symmetric
pattern, starting at the mid-height of the fractured tooth and proceeding parallel to the
flank along the hardened case profile until branching out towards the surface in the root area.
In the process, the tooth tip is entirely separated. As in TFF, crack initiation preferentially
occurs at a microstructure heterogeneity. The damage mechanism is therefore thought to be
identical to tooth flank fracture, with the only difference being the crack propagation caused
by reciprocal loading [46, 96]. Mackaldener attributes the formation of TFF and TIFF to
the slender design of the gears, whereby the decreased tooth thickness causes higher shear
stresses and increased tensile residual stresses in the tooth’s subsurface layer [93]. Using
FE simulation, Mackaldener shows that the position of crack initiation correlates with the
maximum shear strains from both heat treatment and tooth flank load rather than with
the maximum of hertzian pressure. This is consistent with the observations of Bauer that
only cracks in line with the direction of the main shear stress seem to propagate [90].

Annast [97, 98] investigated the phenomenon of tooth flank fracture on carburized bevel
gears of 16MnCrb and identified through experimental tests the case hardness depth as a
decisive influencing parameter in addition to the flank pressure. A higher occurrence of
TFF failures was caused by low core hardness or elevated sulfur content, the latter of which
correlates with an increased number and size of non-metallic inclusions. However, there
was no discernible difference in the TFF risks caused by different shot peening, forging or
surface finishing processes. Theoretical calculations also indicated a very limited effect of
surface-related parameters such as lubricant or roughness. Stitch tests revealed that short-
term overloads had an impact on TFF. Some bevel gears experienced tooth flank fracture
during fatigue loading following purposeful overloads, while other gears showed pitting as a
failure mechanism under the same loading conditions but without short-term overload. The
experimental investigation with systematic parameter variation proved to be challenging to
analyze, as the strength limits were not only determined by the mechanism of flank fracture
but also by tooth root or pitting failures, thus limiting the possibilities for quantification
of the various influences on TFF.

In his investigation on the impact of CHD on the load bearing capacity of carburized
gears, Tobie encountered multiple TFF-caused failures on 16MnCrb gears with a high
centre-to-centre distance of 200 mm relatively to a small module of 3mm [78, 79]. Flank
fractures initiated on single or clustered aluminum oxides at depth between 1.5 and 2mm
under the active flank’s surface. These failures occurred in a broad range of load cycle
numbers, ranging from 10° to 108, and involved two distinct pairs of gears. The gear pair
of module 5mm with tooth number z;/z, = 40/41 had a few TFFs at pinion with a ma-
jority of fatigue failure owing to pitting, whereas TFF was repeatedly observed on both

the pinion and gear of the pair with module 3mm and tooth number 67/69. Although
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low case hardness depth tended to increase the failure rate due to TFF, increased CHD
did not completely prevent tooth flank fracture. Bruckmeier and Witzig continued these
experiments. In [34], Witzig conducted a systematic experimental variation to determine
the most important parameters for TFF risks using two gear geometries with a center dis-
tance of 200mm. He obtained the first S-N-curves of tooth flank fracture and systematic
crack initiation below the surface of the flank at a depth slightly above twice the CHD, ap-
proximately corresponding to the microstructure transition between case and core. These
cracks mostly originated from aluminum oxides and occasionally from manganese sulfides.
While single-type inclusions were occasionally seen, the majority of cracks were associ-
ated with clustered inclusions. Relevant inclusion diameters were generally between 0.03
and 0.15mm, with some larger single inclusions reaching maximum dimensions of up to
3.2mm [89]. Witzig was able to measure the impact of the pressure angle, case hardening
depth, and steel alloy. Compared to 20MnCr5, 18CrNiMo7-6 gears demonstrated signifi-
cantly higher fatigue strength against TFF. This behavior is thought to be explained by
higher material toughness and core strength, as well as potentially by a decrease in defect
and non-metallic inclusion occurrences [46]. Slightly lower TFF risks are associated with
deeper case hardening, though not as much as in the theoretical calculations. This may
be because Witzig’s model does not account for tensile residual stresses in the tooth’s core
cross-section. Gears with low pressure angle proved to be more resistant to TFF. This
can be explained by a shift in the maximum of normal pressure from the hertzian con-
tact towards the surface associated with the contact area’s reduced curvature radii. This
results in a shift in the maximum shear stresses to the hardened case, which has a corre-
spondingly high shear stress resistance. This comprehensive and systematic experimental
study provided validation results for various subsequent theoretical models regarding the
computation of TFF risks, such as those developed by Wickborn [26] and Weber [46] or
Ghribi [63]. Wickborn’s subsequent bench testing campaigns on gears with a 10 mm mod-
ule specifically made for TFF research did not yield data on tooth flank fractures; instead,
they revealed subsurface failure in the tooth root region in the middle of the tooth gap,
emphasizing the need for a more thorough understanding of the critical influencing factors
for the underlying mechanisms of these failure types [99]. In a subsequent study on the
subsurface failure of carburized gears caused by large grains or non-metallic inclusions in
the tooth root region, VHCEF stitch trials conducted by Fuchs were carried out and the
results also verified a high fatigue strength against TFF for high-purity alloys [100, 4].
Remarkably, in these high-purity steels, TFF cracks initiated at seemingly defect-free loca-
tions. During his research into how the grinding stock and hardness profile affect the tooth
flank’s load bearing capacity, Konowalczyk came across numerous TFFs [101]. All gears
used were identical in geometry, but variations in residual stress profiles and hardness led
to tooth flank fracture failure in some and pitting damage in others. His findings indicated

that the influence of heat treatment was critical in relation to the risks of TFF because it is
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directly related to the spatial distribution of hardness and residual stresses in the tooth and
belong to the very few parameters influencing carburized gears in areas deeply below the
surface. In his research, tooth flank breakage caused the failure of both very high and very
low stock removal gears. Despite having a surface hardness that was roughly 30 Hy lower,
the variation with the highest ground depth also presented the highest fatigue strength. In
following investigations, Konowalczyk created a test bench to measure the fatigue strength
of gears against TFF, a task that Gorgen subsequently took up. An economical and simple
method to replicate the stress state in the subsurface of the tooth flank responsible for TFF
would enable the generation of enough fatigue data to look into the key factors influencing
this failure mechanism and support the development of design guidelines. This setup, which
is based on the application of two time-dependent loads — one for contact-like stress states
and the other for bending-like stress states — would be comparable to the pulsator setup
used to precisely replicate the bending stress states in the tooth root of gears. However,
no TFF could be generated by the developed method up to this point, possibly because of
limitations in knowledge regarding the residual stress distribution, of the role of defects or
due to the intrinsically narrowed loaded volume in this test setup (see statistical size effect
section 2.1.e). In most recent experimental studies on the subject of tooth flank breakage,
Bohme et al. published micrographs of early propagation stages of cracks that started in
the active flank of carburized bevel gears for maritime applications below the surface, at
depths of 2 to 3 mm, which roughly correspond to the transition area between the hardened
case and the core material. These cracks had reached lengths of 0.45 to 0.65 mm and were
parallel to the flank’s surface. Uninterrupted cyclic loading of theses gears then resulted in

classical TFF failure aspects, as described in e.g. [98].

2.2.b. Assessment methods for tooth flank fracture

In tooth flank fracture, a material with position-dependent fatigue strength and randomly
distributed defects is subjected to a complex stress state produced by both residual and
load stresses. Consequently, designing gear and processes against TFF is an exception-
ally challenging task. However, due to its practical significance, a number of theoretical
developments for evaluating TFF risks have been introduced over the past few decades,
some of which have been done in association with the previously mentioned experimen-
tal studies. The list of authors who have contributed to this topic includes, but is not
limited to: Mackaldener [95, 93, 94|, Tobie [78, 79], Annast [97, 98], Bruckmeier [102],
Witzig [34, 103], Wickborn [26, 99], Boijadjiev [104], Miiller [105, 106], Octrue [64], Al [96],
Ghribi [62, 63], Weber [46], Konowalczyk [57, 101], Gorgen [107, 108], Leimann [109],
Meis [16], Bohme [52, 61], Wirth and Héhn [110]. Only approaches that take into account
the specific spatial distribution of the residual stresses, load and material strength can be

suitable [111, 9]. Comparing an equivalent local stress with a local admissible stress is a
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fundamental principle shared by all methods. However, there can be significant differences
in the way these values are constructed and the effects they consider, which can have an
impact on the validity or prediction accuracy domain. Moreover, some of the techniques
are specifically designed to yield a closed, simplified solution that can be used in guidelines
like ISO 6336. Although only a few examples are covered in detail in this work, this still
allows for an overview of the various approaches that are available.

One of the earliest numerical methods for evaluating carburized gear TFF and TIFF
failures was created by Mackaldener [93, 94, 95]. A 2D plane strain model is used to
calculate the contact flank loads. Assumption of plane strain is common in modeling
because it greatly minimizes the computational effort involved in calculating stresses and
deriving a scalar equivalent stress value. The plane strain assumption seems well-suited for
the load-induced stress state in many situations in which a spur gear’s tooth width is much
greater than its thickness or height [52], although the effects of crowning may also need to
be taken into account. According to Konowalczyk [57], however, the plane strain hypothesis
applied to helical gears yields unsatisfactory results. Moreover, for heat treated components
with substantial residual stresses, the plane strain hypothesis is hardly ever applicable. In
his research, Mackaldener [93, 94, 95] applies Findley’s crack initiation criterion, which
describes material failure as the threshold value for a combination of the maximum normal
stress and the amplitude of shear stresses. The local variations in material strength are
not taken into account in his work. One of the main features of the presented model is
its consideration of residual stresses, which are determined using a very basic model of
the transformation strains resulting from case hardening heat treatment. With the use of
this straightforward model, Mackaldener is able to qualitatively describe the most likely
location for crack initiation in the case-to-core transition area for both single-stage (TFF)
and idler-usage (TIFF) gear applications. The slenderness of the gear tooth, the core’s
fatigue strength, and the contact loads are found to be the main factors influencing the
risks of TFF and TIFF by the use of geometric variations in simulations. Based on these
promising qualitative results, Al et al. [96, 112, 113] later modify this simulation model by
adding local fatigue properties derived from the local hardness values. According to these
studies, failure risks are significantly influenced by assumptions about residual stress profiles
and tensile residual stresses in the core. The steel cleanliness or the presence of defects and
non-metallic inclusions in the material are not taken into account in these models.

Researchers at FZG in Munich have created an alternative calculating approach for es-
timating the risks of tooth flank fractures. This method is based on the work of several
authors, including Tobie [78, 79], Bruckmeier [102] and Witzig [34, 103]. This model, in its
most comprehensive form, permits evaluation of flank fractures that start at the surface as
well as in the subsurface areas. An equivalent local stress and an equivalent strength are
compared in order to assess the cracking risk. The local stress is derived from the shear

stress intensity theory, as developed by Oster [54] and Hertter [56] for rolling and sliding
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contact and partially discussed in section 2.1.d. The load is described by using the normal
and tangential contact stresses from Hertz theory in conjunction with the analytical effects
of the lubrication state, thermal loads from localized heating caused by friction, and the
specific stress state that develops between the flank surfaces’ asperity peaks. For every
volume element at and below the flank surface, the local material exposure A is taken into
account as the ratio A = %, in which 7.sy is the effective shear stress calculated over
all material planes at the position considered and 7, represents the corresponding ad-
missible equivalent stress. In order to incorporate the effect of residual stresses, the local

equivalent shear stress is derived using the following relationship:

Teff = Teff,EL.RS — Teff RS- (2.16)

In equation 2.16, 7.f¢ rs is the equivalent shear stress corresponding to the residual stress
state, whereas 7.sf pr.rs is the equivalent shear stress resulting from the superposition of
both residual and load stresses. In a sense, the residual stresses are regarded as mean
stresses in this context and are thus subtracted to determine the amplitude for the equiv-
alent stresses; however, this subtraction occurs subsequently to the application of the SIH.
Usually, a modified version of the formula from Lang’s work is used to determine the residual

stresses in the material depth y based on the local hardness Hy (y) [114]:

oft¥ = —1.25 - (Hy (y) — Hy.core) if Hy (y) = Hycore < 300 (2.17)

Although this formula is based on many residual stress measurements and typically yields
satisfactory results in the near-surface region for compressive residual stresses, it is not
possible to account for tensile residual stresses using this approach. The assumption of
negligible tensile residual stresses is reported to be only approximately valid when the core
section is significantly larger than the case hardness depth [96]. It is not possible to fully
examine the influence of the heat treatment conditions when designing gears using this
method, since one of the parameters indicated as crucial for TFF is otherwise not taken
into account [86]. Using equation 2.18, the material’s strength limit is then determined by

taking into account the local hardness:
Tperm = Kf,perm : Kmat : HV(y) (218)

Consequently, a proportionality between the admissible local equivalent shear stress and the
local hardness is assumed by equation 2.18. This assumption has no theoretical support,
yet values of K. ,erm, = 0.4 have shown to generally yield acceptable accuracy. For the
purpose of accounting for the impact of steel hardenability relative to tooth volume, Witzig

introduced the factor K,,,;. Depending on the alloy composition and tooth thickness,



2.2. Tooth flank fracture of carburized gears 35

gears are assigned empirical values for K, ranging from 0.7 to 1.13 [34]. Considering
a load cycle corresponding to the different positions for the contact point on the tooth
flank, a mapping of the material exposure is obtained for each material point. Based on
experimental finding of gear running tests and industrial gear applications, a threshold
value for material exposure A of A..;; = 0.8 has been found to describe the risks of tooth
flank fracture with sufficient accuracy [104]. Although Witzig’s model is able to determine
the position of failure for the tested gears and achieves an adequate prediction accuracy for
TFF [34], this method includes a significant amount of empirical elements, as demonstrated,
among other things, by the seemingly arbitrary threshold value of 0.8 or by the definition
of Kpna [115]. Steel cleanliness, inclusion size, and statistical size effect are not taken
into account in this method, despite the fact that non-metallic inclusions and material
defects are nearly always cited as the primary cause of fatigue crack initiation in TFF
failures. According to the authors, the impacts of non-metallic inclusions on local stresses
are implicitly accounted for by the threshold value of 0.8 for material exposure rather than
1, with a corresponding mean predicted stress increase due to inclusions of roughly 20 to
25% [89]. This, however, is an extremely simplistic approach that disregards the crucial
impact of the various sizes and positions of defects as outlined in section 2.1.b. Nevertheless,
this concept or methods derived from it often serve as the foundation for gear design. In his
work, Witzig [34] developed a practical-oriented method. With the exception of neglected
effects in the near-surface region, this model yields very similar outcomes when calculating
material exposure: the predicted risks for fracture initiation in the material depth are
about the same as those for the previously detailed complex technique [34]. This means
that this simplified model can only predict TFF and is no longer adapted for design againt
pitting damage. However, this method has the important advantage of offering closed
equations and does not require integration from SIH; for this reason, it forms the basis of
the calculating method given in ISO/TS 6336-4 [3]. In recent years, the main shortcomings
of the FZG-approach have been partially addressed. Miiller calibrated analytical functions
to characterize the residual stress profiles in carburized gear teeth using the output of
FE simulation of heat treatment created by the author of this thesis [105, 47]. Both the
compressive residual stresses at the surface of the flank and the tensile residual stresses in
the core material may be predicted with satisfactory accuracy using input factors like the
case hardness depth and the module. The created functions offer closed solutions and enable
the integration of existing information from experimental residual stress measurements or
expectations, including the height of surface residual stresses and the depth or value of
maximal compressive stress. Miiller demonstrated that, using this improved technique,
the maximum material exposure threshold value for TFF failure shifts from 0.8 to 1.0 and
that, in comparison to the approach using Lang’s method for residual stress computation,
the forecast accuracy can be significantly increased. Furthermore, he found that a crucial

factor determining TFF hazards is the description of the hardness profile in the transition
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zone between the case and the core, with notable variations between two widely used
descriptions from Lang’s and Thomas’ models. Even though tensile residual stresses are
taken into account, the chosen approach is evidently practical-oriented and only depends on
simulated residual stress profiles at the pitch point and normal to the flank surface. Effects
of residual stress gradients along the height of the tooth flank or along the gear width are
not considered, although these may be significant e.g. for gear teeth with small radius of
curvature or with low width. Wickborn extended the approach of Witzig and Bruckmeier by
providing a framework to describe the effects of non-metallic inclusions [26]. Metallographic
and fractographic analyses of the test gears from Witzig’s work were performed in order to
derive functions that characterize the size distribution and nature of non-metallic inclusions.
The size of the gears and the size of the defects that caused the fracture do not correlate,
according to the analysis. Small oxidic or oxisulphide inclusions, up to around 150 pum
in diameter, are typically encountered at the crack initiation site in the base material
18CrNiMoT7-6. Larger defects, up to 300 um in diameter and of a sulphide type, are typically
observed in the material 20MnCr5. In general, inclusion clusters are frequently recognized
to be critical for crack initiation rather than individual defects. Most of the critical defects
for TFF correspond to depths of about 2 - CHD. Influences such as the production route
or diameter of the bar material were not analyzed here. After testing several models,
Wickborn [26] concluded that the logarithmic normal distribution is the most appropriate
to characterize the size distributions of non-metallic inclusions, whereas extreme values are
best described by means of a Gumbel distribution function. She suggests the introduction
of a design factor Kyeret in order to calculate the local admissible shear stress according
to:

Tperm = Kr perm * Knat * Kaefect - Hy (y). (2.19)

Here, Kgcfeet is calculated by considering the reduced local shear strength of the material
in the presence of defects, which can be derived from equation 2.1 and Murakami’s work.
Wickborn suggested a method to connect the parameters for the size distribution function
with the results of standard cleanliness investigations. With a consideration of a reduced
local fatigue strength in the presence of defects, Wickborn also reported a shift of the
threshold value for material exposure before onset of TFF towards 1.0.

Using the experimental results from Witzig, Weber developed a model to assess subsurface
crack initiation and TFF in carburized gears. An analytical model is used to calculate the
contact and bending stresses and the results are verified using a 2D plane strain finite
element simulation. In order to account for the local strength properties in the carburized

tooth, the hardness profiles are described using Lang’s equation:
HV(y) = HV7core + (HV,surface - HV,core) : 10(_0'0381_0.2662.%).%- (220)

The local tensile strength is then calculated from the hardness using R,, = 3.3 - Hy [22]
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and the mean stress sensitivity according to the principles in [18]. The stress ratio R is
used to perform this computation; however, the process of determining R for the complex
multi-axial stress state is not specified. In his research, Weber highlights the critical role
played by the residual stress field for tooth flank fracture risks. Using results of both X-Ray
measurements and experimental data obtained with the contour method, he proposes to
model the tensile residual stress profiles in the tooth core by modifying equation 2.17. Since
Lang’s approach usually provides satisfactory results for the compressive residual stresses
in the near-surface area, Weber uses this equation up to a material depth of 0.5 - CHD.
From this point on, a third-order polynomial is used to characterize the evolution of the
residual stress profile. The function’s and its derivative’s continuity at the transition point
0.5 - CHD are used to calculate the polynomial coefficients. By assuming a flat function
when crossing the tooth’s symmetry axis and compensation between the compressive and
tensile residual stresses along a path normal to the flank’s surface and up to the tooth’s
symmetry axis, the two missing equations are obtained. This assumption is very common
and is also applied in a similar manner in the works of Konowalczyk [57], Ghribi [62, 63]
and Bohme [52]. However, knowing the near-surface values of the residual stresses is not
sufficient to directly obtain the residual stresses in the depth of a gear tooth using equations
2.5 and 2.6. Further assumptions are required, some of which may need to be questioned

because they haven’t been clearly stated or verified in the literature yet.

Like in the majority of available works on tooth flank fracture, Weber only considers
the gear’s axial and tangential residual stresses. While stresses in these two directions are
taken to be equal, stress components in the radial or shear directions are neglected. Af-
ter superimposing the load stresses and the residual stresses, a local equivalent stress is
computed using either the STH approach modified by Oster or a critical plane approach
referred to as KEV-Bosch. This model describes the mean and amplitude value for nor-
mal stresses in each material plane characterized by the angles (0, ), as described in the

following equation:

max(ogg) + min(oge)

09¢,m —_=
2 (2.21)
max(cgy) — min(ogy)

2

00¢p,a =

Opsm and opy, are the mean and amplitude stress value in the material plane (6, ¢), re-
spectively. The mean and amplitude values of shear stresses g4, and 74, are computed
in a similar way and allow to determine equivalent mean and equivalent amplitude stresses
in the material plane (6, ¢) according to equations 2.22 and 2.23, where k,, = 2 represents

the local ratio between the axial fatigue strength and the torsion fatigue strength and sgn
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is the sign function:
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For k,, > 2: (2.23)
The survival probability for each elementary volume is derived using the distribution func-
tion and the local critical sizes for material defects. Using the ideas from Murakami’s work,
Weber’s method determines a position-dependent critical size, which depends on both the
local hardness and the local equivalent stress, for defects like non-metallic inclusions to
cause propagating cracks. A generalized extreme value (GEV) distribution function is used
in each elementary volume to determine the probability of finding a defect larger than this
critical size. Whether the parameters used for this distribution function were derived from
fractographic analyses on Witzig’s gears, from own rotating bending test data on carbur-
ized samples or from other assumptions is not clear, but Meis noticed significant differences
between the modeled size of inclusions in Weber’s and Wickborn’s work [16]. He compared
the expected maximum sizes for non-metallic inclusions as modelled by Weber with the
defects corresponding to TFF failure in Witzig’s work and concluded that Weber’s model
produced realistic size forecasts, whereas Wickborn’s assumptions yielded excessively small
defects [16]. Using the distribution function and the local critical sizes for material defects,
Weber calculates the survival probability for each elementary volume and then obtains sur-
vival probability of the gear by multiplying all survival probabilities and raising them to
the power of the number of teeth. In order to determine the survival probability of the gear
stage, a similar calculation is carried out for the pinion and both survival probabilities are
multiplied. Weber validates his model on the gear data from Witzig and predicts torque

corresponding to a 50 % survival chance with a slight overestimation of about 10 %.

Bohme et al. proposed several approaches in order to assess the risks of tooth flank
fractures in carburized gears. Motivated by the TFF-failures of large bevel gears intended
for maritime use, they examined the fatigue strength of CrNiMo steel carburized sam-
ples. Using some of the elements from Murakami’s work, a model for axial and torsion
fatigue strength was created [33]. The alternate axial fatigue strength f_; is defined in the
lower range as proportional to the hardness, then takes a size of non-metallic inclusions
representative for the material into account. The characteristic size of non-metallic inclu-
sions in this work is taken to be 80 um. Finally, fatigue strength reaches a constant value
for high strength case material, thus illustrating the fact that the lower range of fatigue
strength does not increase much with further hardness increases due to the higher notch

effect of material defects. Using a combination of methods from FKM and own processed



2.2. Tooth flank fracture of carburized gears 39

equations, the remaining fatigue strength data is obtained as in the following equations:

J1 2-fa
t, = : 2.24 S 2.25
1 —5'10_4'HV+\/§ ( ) fO 1+]\;[7g£;1 ( )
4-t_4
tg= ———. 2.26
0 1+ 2.;:0_1 ( )

Here, f_; represents the alternate fatigue strength under axial load, fy the fatigue strength
under axial load with stress ratio R = 0, t_; and ¢y are the material strength under torsional
load with R = —1 and R = 0 respectively. The fatigue behavior of samples with varying
forging conditions prior to carburizing heat treatment could be modeled in the HCF and
VHCF regimes using a continuous approximation for the SN curve for admissible stress
amplitude versus number of cycles to failure. In the following investigation, the authors
used this material model to predict the tooth flank failure of carburized bevel gears [52]. The
contact loads were computed with analytical Hertzian calculations and a 2D plane strain
assumption. Béhme’s description of the local hardness was based on Thomas’ work [116],
whose model provides a more satisfactory agreement than Lang’s formula. Since the CHD
values in the tooth tip are typically higher than in the tooth root, the hardness in the
tooth is implemented here with additional corrections based on the tooth height. Using
Lang’s equations, the residual stresses are modeled to a depth equivalent to the CHD.
Similar to Weber’s work, a fourth degree polynomial function and equilibrium conditions
are then used to describe tensile residual stresses in the core. Several methods are used to
assess the equivalent stress for multi-axial fatigue cycling loads, including Hertter, Papuga,
Sines, Crossland, Liu-Zenner and Dang-Van models. A factor for the statistical size effect
is also proposed, which consists of multiplying the predicted lifetime by a linear function
of the gear’s module. The numerical investigation showed that the integral calculation
models from Liu-Zenner (LZ) and Papuga (PIN) et al. are not suitable for rolling contact
problems and provide inaccurate fatigue strength estimations for the gears under study.
However, adjustments made by the authors on the LZ and Hertter failure criteria concerning
the effects of mean stresses resulted in a higher forecast accuracy for the examined bevel
gears. The developed model could yield good agreement when used to recalculate crack
initiation positions that were measured experimentally using ultrasonic detecting methods.
In another study, Bohme proposes a new practical-oriented approach for predicting tooth
flank fracture [61]. He proposes to modify Dang Van’s criterion to consider only the planes
parallel to the tooth flank, based on experimental results of subsurface cracks propagating
parallel to the flank surface. With this adjustment, the computed equivalent stresses for
contact load are found to be almost comparable to the original Dang-Van method, with

deviations falling within a 3% range. However, the expected accuracy in the presence of
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residual stresses is not evaluated, and tensile residual stresses in the tooth core are not
taken into account in this investigation. Still, the suggested framework offers a closed
solution as it does not require integration or the search for material plane orientations.
Bohme reports that the prediction accuracy for three tooth pairs from spiral bevel gears
made of 18CrNiMo7-6 steel is similar to the models proposed by Witzig and Boiadjiev [34,
104]. Additionally, he discusses certain numerical issues that arise when calculating some
of the intermediate coefficients in Witzig’s approach. These issues can cause sudden and
undesired increases in calculated material exposure when specific situations such as off-
centered contact points are considered.

Based on the intrinsically statistical character of the influence of defects and non-metallic
inclusions on the fatigue properties of carburized steel components, Konowalczyk proposed
a probabilistic approach for the assessment of TFF on carburized gears [57, 101]. Derived
from earlier work from Zuber for tooth root bending [43] and possibly from other models
by Lai on bearing steels [29], Konowalczyk assumes a distribution of non-metallic inclusion
sizes throughout the gear volume. A two-parameter Weibull function is used to describe
the size distribution function. A local stress tensor is computed for every position in the
gear’s teeth using the finite element method and the STIRAK software. Similarly to Weber,
Konowalczyk uses the equation from Lang’s work and assumes some equilibrium conditions
on a path normal to the flank surface in order to calculate tensile residual stresses in the core
material with a fourth-order polynomial function. Konowalczyk applies Liu and Zenner’s
SIH hypothesis to account for the multi-axial stress condition. Using the local hardness
and residual stress data, a Haigh diagram is created for each material point, and the local
fatigue strength in the case of non-metallic inclusions is determined using equation 2.1
from Murakami [5]. Simulated staircase tests using virtual gears are used to calculate the
strength of the carburized gears with varying grinding conditions. The created method
is validated using both Witzig’s work and the results of own experimental research. The
accuracy for torque prediction corresponding to a 50 % failure probability is found within
a deviation range of around 10% and a satisfactory correlation is achieved for the most
likely positions for crack initiation. Gorgen continued this work later on, which also served
as the foundation for designing the bench facility for TFF testing described in 2.2.a.

A similar approach is adopted by Meis in 2023 [16]. Meis establishes, in a purely theoret-
ical work, a Monte-Carlo simulation model for the influence of non-metallic inclusions that
is likewise based on probabilistic methods and Murakami’s concepts. For the simplest load
conditions, load stresses can be derived analytically; for TFF computations, load stresses
are obtained via FE-models. Meis, in contrast to Konowalczyk, focuses on a thorough
examination of the input data that is necessary for the simulation model. Large datasets
from the literature are used to create hardness profiles. As surface oxidation depth has a
strong correlation with the carburizing time, his model includes the description of depth of

oxidation linked to the CHD. However, since the surfaces of the flanks are typically ground
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and do not show significant levels of surface oxidation, this feature is not used for TFF
assessment. Large datasets from several German research projects, among others, are used
to describe residual stress profiles. Despite the fact that residual stresses in the material’s
depth are a crucial parameter for TFF mechanisms, Meis acknowledges that there are ex-
tremely few measurements available. He computes tensile residual stresses from equilibrium
considerations along a path normal to the surface in his calculations, but he also concludes
— as does Miiller [105] — that these assumptions result in unreasonably high stress values
when considering large case hardening depths and slender teeth. Additionally, he inves-
tigates the potential for selecting various polynomial functions based on tooth thickness,
since experimental results indicate that, depending on the geometry, there may be either
tensile residual stresses with a peak value in the area where the case and core transition
or a steady profile that flattens in the core. He thus emphasizes the necessity for a more
accurate quantitative and spatially resolved description of the residual stresses resulting
from carburizing heat treatment. In his work, Meis also models the effect of shot peening
through empirical modifications of the near-surface residual stresses. The equivalent stress
for multi-axial stress states is derived using the same critical plane approach as in Weber’s
work. Meis first verifies the reasonableness of his simulation model and assumptions by com-
parisons with the FKM and DIN 743 guidelines for carburized round and notched samples.
Using simulation techniques, he shows how impacts on the fatigue strength like strengthen-
ing from carburizing heat treatment or material quality may be more precisely predicted.
Additionally, the couplings between these parameters can be better taken into account.
Case-studies on tooth root bending demonstrate the applicability of the method for more
complex carburized components, with a very good agreement with ISO 6336-3 [117]. With
the simulation model, some additional predictions are made, such as some dependencies of
the conversion factor between the results of the running tests and the pulsator tests for tooth
root bending strength, which were subsequently verified by Fuchs’ experimental work [4].
Finally, Meis investigates the assessment of TFF for carburized gears. Witzig’s gears were
chosen for a parameter analysis, which includes variations in material quality, core hardness
and residual stress profiles. These input parameters have been selected due to uncertainties
regarding the appropriate input parameters for a simulation. For the predicted torque and
direction of the material planes on which failure initiates, very good agreement with the
experimental results from Witzig can be obtained, depending on the input data. The mate-
rial quality, which is represented in the simulation model by various distribution functions
for the size of non-metallic inclusions, has been shown to create fatigue strength variations
of up to £300MPa and is clearly the most important investigated parameter. Though
in smaller amounts, the core hardness also affects the gear’s anticipated fatigue strength.
Remarkably, Meis’ simulation results are not drastically influenced by the location of the
highest tensile residual stresses or the transition between compressive and residual stresses.

On the other hand, through the equations adopted for modeling the residual stress profiles,
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the core hardness also partially determines the residual stresses in the tooth, which is why
a proper separation of these influences is not possible.

In addition to the previously mentioned studies on tooth flank fracture for carburized
gears, a few models from other publications provide approaches and opportunities that may
improve prediction abilities for TFF-risk assessment. With an emphasis on the ultra high
cycle fatigue, Fuchs provides a technique for estimating the risks of tooth root bending
failures started in the subsurface area of high-strength carburized gears [4]. He adopted
concepts from Murakami’s work to analyze fish-eyes and fractographic features at crack ini-
tiation in carburized gears to forecast the extent of Optical Dark Area around statistically
dispersed defects like non-metallic inclusions and abnormally large grains. While the bend-
ing stress state in the tooth root differs drastically from the complex multi-axial stress state
under the flank’s surface, the underlying mechanisms responsible for subsurface fracture in
these two examples might be similar enough to be integrated in a common assessment con-
cept. Several models, like the gear contact model from Liu et al. [118], incorporate the
effects of grain size and orientation distributions. While there is no experimental correla-
tion between the size and orientation of microstructure grains and the probabilities of tooth
flank fracture in gears, these techniques might be helpful if future developments in steel
cleanliness result in TFF failure that mainly initiates at grain boundaries and apparently
defect-free locations.

Combining FE models for both the case-hardening process simulation and the mechani-
cal fatigue loading seems to be a potential strategy to better integrate the heat treatment-
related factors in the fatigue strength prediction. The efforts associated with a polyvalent
simulation model can easily compete with experimentally-based trial-and-error procedures,
despite being computationally expensive and complex. Large degrees of geometrical change
are possible with the finite element approach and material-oriented models. Building ver-
ified simulation models makes it possible to establish a direct connection between a wide
range of characteristics, including the conditions of the heat treatment process, and the me-
chanical characteristics of the component in service. In his PhD-thesis, Diemar presents a
concept for estimating the fatigue strength of carburized components using a finite element
simulation of the heat treatment to predict the local hardness and residual stresses [40].
The multi-physics model computes the evolution of stresses due to various processes, includ-
ing phase transformations and is based on coupled metallurgical, thermal, and mechanical
field analyses. By imposing mechanical loads on the FE geometry produced by the heat
treatment simulation, fatigue strength of the component is subsequently evaluated. To
obtain a scalar equivalent stress, the stress tensor created by residual and load stresses is
assessed using the Dang-Van criterion. Equations developed from FKM guidelines [18] and
Murakami’s work [5] on material defects are used to compute probabilities of local failure
for both surface elements and volume elements. Next, the survival probability of the entire

component is determined by multiplying the survival probability of each elementary volume
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or surface. For a drilling hole with shoulder under cyclic internal pressure stress and a shaft
undergoing axial bending, examples of fatigue strength estimation after carburizing heat
treatment are provided. A satisfactory agreement between experimental data and simula-
tion findings within a 10 % range is described for both cases. A more direct link between
the parameters of the heat treatment process and the fatigue properties of the component is
examined in [119], where Diemar uses the results of heat treatment simulation in conjunc-
tion with FE calculations for the mechanical fatigue loading to optimize the heat treatment
process to a component’s specific geometry. The optimization program uses the carburiza-
tion parameters as input directly; the hardening temperature, duration, and temperature
of the gas carburizing steps are varied to minimize the maximum value of the local material
exposure in the component. The Dang-Van criterion is used to evaluate the stresses, and
the material strength is derived from the calculated local hardness. A carburized shaft
with a drilled hole that is subjected to bending loads is used as an example to demon-
strate the optimization method for heat treatment design. The potentials for connecting
FE results from heat treatment simulation to fatigue strength calculation with appropriate
consideration of residual stress and hardness gradients are illustrated, even though no vali-
dation of the predicted results is provided. Tong et al. [120] use a comparable strategy for
induction-hardened gears, although in a simplified formulation. The hardness and residual
stresses arising from several dual-frequency induction surface hardening processes are first
predicted using FE models. Next, contact loads are computed and superimposed to the
residual stress tensors using FE methods in order to estimate the most likely location of
fracture initiation during service. Similar approaches were previously employed by Li et
al. to combine numerical models for both heat treatment and contact loads in order to
estimate the impact of carburizing heat treatment on the tooth root fatigue parameters of
carburized gears [121, 122].

Rajaei recently investigated the potential to optimize the carburizing and rolling pro-
cesses for sintered steel gears’ tooth root bending strength using simulation tools [48]. This
offers a new way to consider the interaction between CHD and surface densification-induced
heterogeneous density profiles. The carbon concentrations in the gears before quenching
were computed using time and temperature data of low pressure carburizing heat treatment
procedures in a diffusion model, whereas the densification depths were estimated from ex-
periments or spatial distribution assumptions. The local residual stresses and hardness val-
ues can then be predicted using these results in a multi-physical FE simulation of the gear’s
quenching and tempering. In a following step on the FE model, the local time-dependent
stress tensors for the load conditions corresponding to the pulsator test are generated and
combined with the residual stresses produced by heat treatment. The highly loaded volume
in the tooth root area is identified and the risks for surface and subsurface crack initiation
are evaluated using different failure criteria. Iterations on the load magnitude for pulsator

test simulation lead to a prediction for the tooth root bending strength corresponding to
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50 % failure probability within a satisfactory margin as compared to experimental results.
Additionally, the modeling approach revealed optimization potentials for the tooth root
bending fatigue strength employing higher CHDs. In the final section of his work, Rajaei
uses an analytical Hertzian model to simulate the contact loads on the surface of the tooth
flank after heat treatment simulation. Reasonable qualitative agreements were found for
both the pitting fracture risks of the carburized gears and the fracture patterns shown in
gear running experiments.

Iss and Meis apply similar methods in [123] to determine the fatigue strength of car-
burized materials. FE-based prediction of the hardness and residual stress gradients were
combined with the probabilistic approach described in [16]. Axial bending fatigue test data
from other published experiments is used to validate the model. The original publication’s
comprehensive details of the heat treatment procedures allowed for a realistic reproduction
of the microstructure and residual stresses in gas carburized 18CrNiMo7-6 samples. Accu-
rate estimates of the sample’s failure probability based on the applied bending load were
obtained by making assumptions about the functions for size distributions of the defects
that cause crack initiation. A simulative variation study was then conducted to examine
various round notched and unnotched carburized sample geometries under rotational bend-
ing loads, whereby the samples investigated also featured varying case hardness depths and
material quality. Although there was no experimental validation done there, the evolution
of the hardness, residual stresses, fatigue strength values or crack starting positions with dif-
ferent CHDs and notch radii or characteristics of non-metallic inclusions, conform very well
qualitatively with the expected behavior. In addition, the authors showed the possibility
of predicting fatigue strength with more precision than the existing standards for design-
ing heat treatment parameters optimally based on specific geometry or load conditions.
The model was found to better account for the relationships between several mechanisms
— such as CHD, statistical size effect and residual stress gradients — involved in fatigue
failures of carburized components than virtually any other available assessment technique.
The proposed approach’s shortcomings were identified in the surface-related effects that
were disregarded when calculating fatigue strength and in the uncertainty around the most

adequate functions to describe the sizes of defects that are involved in crack initiation.

2.3. Residual stress development in carburized

components

Carburizing is a thermochemical surface treatment method widely employed to enhance
the fatigue strength, hardness and wear properties of steel components. This is achieved by
the combination of three substeps. The surface layer is first enriched with carbon atoms,

then hardened by the martensitic microstructure transformation through rapid quenching
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and subsequently tempered [74]. In comparison to through-hardened gears and depending
on the material quality, properly carburized and quenched gears can exhibit load capabil-
ity increased by 30 to 50 % [11, 36]. Carburizing is therefore typically applied for heavily
loaded components with high resistance requirements against wear, rolling or bending loads.
Carburizing belongs to the broader category of case-hardening heat treatments, which in-
crease the hardness of the surface and subsurface regions while leaving the components
core mostly unchanged. This has an added benefit of allowing low-carbon steels with high
machinability to be used to shape the component before heat treatment and provides the
core material with sufficient toughness [124]. Steels usually used feature carbon contents
between 0.15 and 0.30%. The carbon content and alloying elements are selected based
on the part geometry under consideration and the requirements for hardenability and core
strength. These alloys include, for instance, the typical steels used in transmission gears,
18CrNiMo7-6 and 20MnCr5.

The most commonly used technique for carburizing is based on a gas medium. The intro-
duction of carbon atoms in the surface and subsurface layer of a component mainly depends
on three parameters: time, temperature and atmosphere composition. The temperature is
always selected above the A.3 point, since the face-centered cubic lattice of austenite al-
lows for the dissolution of substantial amounts of carbon atoms in the octahedral lattice
interstices of up to a weight percentage of roughly 2.1 %C, depending on both tempera-
ture and alloy composition. For large components that must exhibit a deep hard layer
after quenching, the process times can reach several days. However, long process times are
associated with a number of disadvantages, such as high energy costs, low productivity,
high distortion or disproportionately large grains, which is why shorter process times are

typically preferred.

The diffusion of carbon in austenite can be described through Fick’s first law of diffu-
sion 2.27, which states that the flux jc of the diffusing carbon atoms perpendicular to a
plane surface with normal unit vector 7 is proportional to the local concentration gradient
perpendicular to this surface area. Then, using Fick’s second law 2.28, the time variation
of the local carbon concentration is determined. Temperature and alloy composition both

affect the diffusion coefficient D.. of carbon in austenite [48]:

(2.27) ictc = V(D, V(c.)). (2.28)
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Carbon content is the main factor that determines case hardness. At about 0.6 %C,
martensite reaches its maximum hardness; adding more carbon atoms only slightly raises
martensite hardness and instead results in significant proportions of softer residual austen-
ite. In addition to reducing the hardness of the surface region, this may have a detrimental

impact on the dimensional stability. Depending on the service conditions, advantageous ef-
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fects on the rolling fatigue properties may overweight, and proportions of residual austenite
of 10 to 30 % are common in carburized gears [74]. Surface carbon concentrations between
0.6 and 0.9 % are typically targeted. However, in addition to surface hardness, the maxi-
mum values and gradient steepness for carbon content may need to consider the anticipated
stresses beneath the surface as well as the removal of surface layers caused by grinding fol-
lowing heat treatment. Apart from significant residual austenite phase fractions, excessive
carbon concentrations can also cause detrimental brittle carbides to develop at the grain

boundaries or soot at the gear surface [74].

The mechanisms driving the absorption of carbon atoms at the component’s surface can
be highly complex and they will be explained here only in an exceedingly straightforward
way. The difference in carbon activity between the workpiece and carburizing agent in the
atmosphere induces the decomposition of carbon-rich gas at the surface [12]. The carbon
supply at the surface can be regulated by controlling the proportions of different types of
gases. The carbon potential C),, which quantifies the amount of carbon that can dissolve
in a pure iron foil, is used in gas carburizing for this purpose. To account for the impact
of alloying elements, the achievable surface concentration C|, is corrected using the formula
2.29. Values for the alloying factor k, depending on the steel’s chemical composition can
be found, for instance, in [125].

Co=Fkq C, (2.29)

The absorption of carbon at the outer surface influences the speed of carburization and

can be described as a function of the current carbon concentration at the surface C's by the

dm.

3;° then follows equation 2.30:

transition number 3. The mass flow of carbon

dm,
dt

=B (Ca — Cs). (2.30)

In practice, values of 3 between 1.0 - 107> and 4.0 - 107° c¢m/s have been measured during
gas carburizing [12]. A process referred as boost-diffusion, which is a two-stage saturation-
equilibration procedure with a changing carbon potential and temperature, is typically used
in gas carburizing. In order to maximize carbon transfer and reduce the overall process
time, the carbon content in the austenite surface layer is maintained during the first phase
slightly below its saturation limit. In the second stage, a rather continuous carbon depth
gradient is achieved by diffusion of the high surface carbon content into the component
with a carbon potential roughly corresponding to the desired surface concentration [40].
Adopting a strategy with low carbon concentration gradients in the outer surface layers
has the additional advantage of reducing the surface hardness variability due to subsequent

grinding operations.

In recent decades, methods for carburizing at very low pressure have been developed.

The use of vacuum carburizing in case-hardening methods has expanded due to significant
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benefits related to the simpler atmosphere composition, the elimination of oxidation issues
or the ability to enable higher process temperatures and shorten process times. A sequence
of short steps are conducted in non-equilibrium conditions. During the boost stages, small
amounts of hydrocarbon gas are released, resulting in the rapid absorption of carbon at the
surface. A further diffusion stage allows carbon atoms to diffuse further into the depth,
preventing soot. The intended CHD determines the number and duration of boost and
diffusion steps.

A carburized component’s intended strength and hardness are first produced by applying
the suitable quenching heat treatment after a carbon concentration gradient is introduced.
This is accomplished by transforming the carbon-rich case region into martensite or, in
specific scenarios, bainite. Carburizing can be followed promptly by quenching because the
temperatures needed for carbon diffusion fall within the same range as those needed for
hardening. This is referred to as direct quenching. Due to the graded carbon contents,
the optimal temperatures for hardening vary across core and case regions. Temperatures
between 780 °C and 860 °C are optimal for the surface’s hardness properties, but may be
too low for a fully austenitic microstructure in the core and thus lead to reduced core hard-
ness [12]. Hardening temperatures tend to be lower than those of the carburizing process
since the choice of hardening temperature affects the risk of distortion and cracking. For
some special applications, quenching and reheating or isothermal transformation operations
might be chosen in order to obtain optimal grain size and hardness throughout the com-
ponent [11]. Given the fact that case-hardening steels micro-alloyed with Aluminum are
rather insensitive to excessive grain growth, however, direct hardening is the most practical
and extensively utilized method.

Conditions for the quenching process are designed to meet the case region’s hardness
requirements. Depending on the component’s dimensions, geometry and steel hardenability,
a variety of quenchants might be appropriate. High local hardness signifies that non-
martensitic transformation products like ferrite, bainite or pearlite are prevented by a
sufficient cooling rate. In the core region, large proportions of bainite may be acceptable for
the low-carbon steel. The design of the quench can be estimated based on continuous cooling
transformation (CCT) diagrams. However, the accuracy of such approaches may be affected
by specific geometry-dependent cooling conditions and variations in the component’s exact
alloy composition or carbon content relative to the reference sample data available. In
practice, liquid or gas quenching agents can be used to quench carburized parts. The use
of nitrogen, argon or helium in gas quenching at pressures up to around 20 bars allows for
uniform cooling and accurate control of the quenching intensity through the adjustment
of gas pressure, velocity, nozzle number and position. However, for large components, the
heat removal is typically not enough to provide the high near-surface cooling rates that
are required. A heat transfer coefficient (HTC) h can be used to represent a quenching

medium’s ability to remove heat from a component’s surface, as shown in equation 2.31:
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Q

h:A~(TS—Tq)

(2.31)

Q) is the heat flow from the workpiece to the quenchant, A is the component’s surface
area, T is the surface temperature and 7 the temperature of the quenchant. h typically
encompasses the effects of radiation and conduction [39]. Values of h for various quenching
media can be obtained in the literature, however the real heat transfer during quenching can
be highly dependent on factors like the surface condition, the component shape, the steel
composition or the agitation of quenching medium [74]. Higher cooling rates may typically
be achieved using liquid quenchants, but the heat-transfer coefficient shows a noticeably
stronger dependence on surface temperature. The various mechanisms underlying heat
transport in different temperature ranges provide an explanation for this. Heat-transfer
coefficients in the film-boiling, nucleate-boiling and convection-cooling stages can differ by
an order of magnitude. Although water is the most straightforward and environment-
friendly liquid quenchant, quenching with water is linked to extremely high cooling rates,
which increase the likelihood of cracks or large distortions. Furthermore, heterogeneous
and poorly reproducible cooling conditions result from the uncontrolled transition between
the cooling stages in water quenching. Consequently, different techniques for quenching
have been developed that rely on submersion in aqueous polymer solutions, oil or salt
baths. The selection of a quenching medium for a given component geometry is invariably
determined by finding a balance between the cooling rates needed for the case region to
undergo martensitic transformation and the negative consequences of excessive cooling rates

in terms of crack and distortion risks.

Quenching carburized parts typically results in significant residual stresses because of
the remarkably heterogeneous distribution of both material properties and temperatures.
A virtually stress-free state can be assumed prior to quenching, as flow stresses at the
hardening temperature are orders of magnitude smaller than the residual stresses following
quenching, and temperatures should be distributed rather evenly due to the relatively long
carburizing times. Residual stresses during quenching can be attributed to differences in
the local strains, which can have a variety of causes. Thermal strains result from the evo-
lution of the local material density due to temperature variations. In the presence of large
temperature gradients in a part, the thermal strains may lead to stresses greater than the
local yield stress, thus causing the onset of plastic deformation. Thermal strains will also
result from spatial variations in the thermal expansion coefficient in a hypothetical homo-
geneously cooled part, for instance as a result of a gradient in the concentration of carbon.
Local density variations can also be created by the transformation of austenite in denser
microstructures. In particular, the displacive transformation into martensite is linked to
a volume increase. The local strain brought on by the martensitic transformation results

in large residual stresses when constrained by the surrounding material. While the local



2.3. Residual stress development in carburized components 49

density also increases along with the transition between austenite and bainite or pearlite
microstructures, the volume mismatch that results is usually significantly smaller. The
residual stresses after quenching of carburized parts are the result of complex interactions
between the local yield stresses, the spatial and temporal evolution of temperatures, the
chronological order of the phase transformations and the carbon-dependent strain magni-

tudes associated to thermal dilatation and phase transformations.

Due to the increased local hardenability and decreased martensite start temperature, the
carbon-rich surface region of carburized components usually stays austenitic longer than
the core, despite being subjected to higher cooling rates. The core region first transforms
into bainite, ferrite, pearlite or low-carbon martensite. The soft austenitic microstructure
and relatively high temperatures lead the surface and subsurface to deform plastically to ac-
commodate the core’s volume expansion. Further cooling causes the surface temperature to
drop below the temperature required for the martensitic transition Mg, which in turn causes
the case region’s volume to significantly rise. In contrast to the previous transformation,
however, the yield stresses in the part are usually much higher because of the low temper-
atures and harder microstructures exhibited by the surrounding material. As a result, the
martensite volume expansion essentially corresponds to elastic strains and usually produces
compressive residual stresses in the vicinity of the surface, which are offset by tensile resid-
ual stresses in the core. Detailed considerations about the influence of thermal related and
phase transformation related strains on the residual stress depth profile of carburized cylin-
drical samples are available in [9, 39]. Nevertheless, the residual stresses upon quenching
cannot be inferred directly from the combination of the factors mentioned earlier. When a
phase transformation occurs under stress, even though the local yield stress is not exceeded,
inelastic strains are formed. This phenomenon is known as transformation-induced plas-
ticity or TRIP. TRIP-strains during martensitic phase transformation have been found to
have a significant impact on the residual stresses in carburized parts [39]. The dependence
of these inelastic strains on the stress directions and magnitudes during phase transfor-
mation further emphasizes the influence of the time sequence in which the microstructure
changes occur. Overall, a wide range of variables — some of which are intricately coupled
— affect the residual stresses in carburized and quenched parts. Local carbon concentra-
tion affects the extent of dilatation due to martensite transformation and the differences
in thermal expansion coefficients. Yield stresses, hardenability and sequence of the phase
transformations are also significantly affected by the carbon content. From a non-local
perspective, the CHD and the ratio between a part’s case and core are directly impacted
by the distribution of carbon atoms, with implications for the residual stress depth profiles
that have been partially covered in section 2.1.e. Cooling conditions determine the extent
of thermal strain mismatches through the homogeneity of the temperature distribution in
the part, as well as the sequencing of the different phase transformations. Part geometry

can also be held responsible for similar effects, besides determining the global conditions for
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residual stress equilibrium. Although they are not covered in this study, further influencing
elements that have an impact on the evolution of residual stresses include, for instance, the

alloy composition or grain size.

Carburized items are typically subjected to a tempering heat treatment following quench-
ing in order to provide them the toughness needed for several applications and to eliminate
the brittleness of martensite. Suitable temperatures range from about 150 °C to 200 °C and
tempering times of 1 to 2 hours are commonly used. During the process, the tetragonality
of martensite is lowered through short-range diffusion of carbon atoms and precipitation
of e transition carbides in regions with carbon contents above approximately 0.25 %C. The
moderate temperatures are anticipated to cause only minor declines in surface hardness
and no appreciable changes in the levels of residual austenite [74]. Surface residual stresses
of carburized and quenched parts can be reduced by tempering. In carbon-rich steels, the
precipitation of carbides is linked to a reduction in material density, which partially offsets
the expansion of the case region during quenching. Reports of residual stress variations
during tempering vary significantly; they range from scarcely noticeable changes [12] to off-
sets of several hundred MPa of surface residual stresses in the direction of tensile stresses [9,
126, 127]. This may suggest some significant effects from the different alloy compositions,
carburizing and quenching conditions or the geometry of the parts used. Tempering heat
treatment can also change the micro-distribution of residual stresses between neighboring
martensite and residual austenite areas [126, 127]. A possible residual stress redistribution

in the core due to the shifted equilibrium conditions is not discussed in the literature.

In conclusion, the evolution of residual stress in carburized parts is a highly complex
matter involving multiple interrelated variables. A number of factors are involved, including
the carbon profile, temperature history, sequence and spatial distribution of the various
phase transformations. In the simplest circumstances, theoretical analysis can yield some
basic principles or trends, but evaluating actual processes on complex-shaped components
is a very challenging task. Methods based on finite elements have been developed for this
purpose. Assuming small deformations, the behavior of the material can be separately

modeled for each of the several sources of strains, as stated in equation 2.32:

gotal — ¢l 4 @l 4 @h 4 T 4 B 4 T (2.32)

The total strain tensor €'l is obtained by superposition of the elastic strain ?, the
plastic strain j, the strains due to thermal expansion et:h, phase transformations ?,
transformation-induced plasticity e and creep €. The resulting stresses are linked to the
elastic strains via Hooke’s law. To describe the plastic strain, a yield condition (e.g. von
Mises) must be assumed for the local multi-axial stress state. Thermal strains, transforma-
tion strains and strains associated to transformation-induced plasticity can be determined

by means of dilatometric investigations. Creep mechanisms can reduce the residual stresses
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{ Temperature

Phase composition ’

Figure 2.11: Main interactions considered in FE-simulation of a carburizing heat treatment.
The description of interactions corresponding to each arrow is available in the
text. Dotted arrows can usually be neglected.

at temperatures above 0.4-T7,, where T}, is the melting temperature in Kelvin. In many heat
treatment operations, however, creep is of secondary importance and is therefore typically
neglected. The material data utilized is the cornerstone for the simulation. For instance,
the elastic constants and thermal expansion coefficients of all microstructures involved are
needed as a function of temperature. The flow curves must also be determined for each
phase in order to take plastic deformation into account, which occurs primarily at high tem-
peratures. Another crucial parameter is the transformation plasticity. For the 18 CrNiMo7-6
gear steel, data is available for this purpose from the research projects CASH (Computer-
Aided Simulation of Heat Treatment) [128, 129, 130] and FVA 501 I and III [131, 132]. The
approaches of Johnson-Mehl-Avrami-Kolmogrow (equation 2.33) and Koistinen-Marburger
(equation 2.34) for diffusion-controlled and martensitic transformations are extensively used
models in the state of research today [133, 134, 135]:

G = n- 555 in(e8e) | (D) (2.33)

Ear = &y - (1 — b (T=Ms)y, (2.34)

The volume fraction of the product phase k is denoted by &, its derivative with respect to
time is §k The maximum transformed phase fraction at equilibrium is £, while 7 represents
the time at which 63 % of the transformation is completed and n is an exponent character-
izing the transformation rate. f; is a calibration factor to accomodate for non-isothermal
conditions, since equation 2.33 was originally formulated to determine the kinetics of phase
transformations without any variation of temperature. In equation 2.34, the martensite
volume fraction is directly calculated as a function of the martensite start temperature Mg,
the current temperature 7" and a material parameter bg ;.

The fundamental ideas behind the numerical approaches are described in [136] and [133].



52 2. Theory and state of the art

Once constructed and verified, a simulation model enables a very cost-effective investigation
of the main influences of geometry, process or material features on the residual stresses.
The combined calculation of mechanical and thermal fields is enabled within many com-
mercially available FE softwares. Carburizing heat treatment-specific material behavior is
typically only very partially available, however it may be included in user-defined plug-ins or
subroutines. The FE approach offers considerable flexibility in the component’s geometry.
Numerous studies have successfully used FE simulations to study residual stresses caused
by heat treatment in steel components. These studies include models for quenching [137,
138, 139], induction hardening [140, 120, 141}, laser surface hardening [142], carbonitrid-
ing [143], and tempering [144, 145]. With FE methods, realistic predictions of residual
stresses and hardness following carburizing and quenching heat treatment can be regarded
as state-of-the-art. Numerous studies have effectively evaluated carbon profiles produced
by gas or vacuum carburizing [125, 146, 147, 40]. FE-based prediction models for resid-
ual stresses in carburized and quenched components have been developed, for instance, in
the work of Diemar [40], Rajaei [48], Castens [132], Franz et al. [129] and Nusskern [147].
The majority of models have a shared structure and comparable algorithms. Still, each
model is unique in terms of material data, the specific modeling of the different mecha-
nisms and the coupling between them. The various fields taken into account in numerical
simulation models for carburizing and quenching, along with the most significant couplings
between them, are shown in figure 2.11. The phase transformations during the quenching
of an alloy depend on the temperature history and quenching rates (1). Phase transfor-
mations generate heat and can locally increase the temperature (2). Volume differences
between the decomposed and produced phases induce strains during phase transformations
(3). The effects of stresses on the kinetics of phase transformations (4) or on the thermal
field through mechanical work (6) can generally be neglected, which is indicated by dotted
lines in figure 2.11. The temperature variations impose thermal strains and strongly impact
the mechanical properties of the material (5). Furthermore, the carbon concentration of
the steel has an influence on both thermal and mechanical properties and changes the tem-
peratures and kinetics characterizing the decomposition of austenite during the quenching.
Since accurate results need a description of the material behavior under various thermal,
metallurgical and mechanical circumstances, acquiring a large amount of specific material
data is necessary. Other challenges to build and validate simulation models include the
very scarcely available residual stress measurements in material depths of carburized parts

or the high computation time for large or complex geometries [47].
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2.4. Summary and objectives of this work

Tooth flank fracture is a fatigue failure that originates beneath the surface of a loaded tooth
flank and is of critical importance for carburized gears. The substantial advancements in the
field of gear fatigue research over the past few decades have enabled the optimization of gear
design and heat treatment to effectively mitigate surface-initiated damages. By reducing
or delaying surface-initiated damage, the proportional importance of fracture initiation in
the volume of the material is increased. Moreover, certain techniques aimed at mitigating
pitting concerns can potentially adversely affect the risks associated with TFF [115]. Due
to the depth of crack initiation and the influence of residual stresses on the propagation
pattern, there is currently no experimental approach available for reliable non-destructive
inspection of TFF cracks. As a result, TFF frequently leads to the sudden failure of gear
or gear stage.

Many different factors can affect the risks of TFF. Various techniques exist for evaluating
the likelihood of TFF in carburized gears; however, these techniques exhibit significant
shortcomings. A substantial amount of empirical approaches and coefficients are included
in commonly used methods for TFF risk assessment, which may show discontinuities or
lose validity when changes are made to the gear design, gear material or heat treatment
procedure [61, 115, 16]. A few major influences, such as the statistical size effect or the
coupling between different impacting factors, are not satisfactorily accounted for [16]. Every
available approach makes use of certain input parameters that, depending on the specific
component, production, heat treatment or finishing process, are either mostly unknown or
subject to large deviations. The role of non-metallic inclusions, particularly the numerical
evaluation of their influence on TFF, remains unsettled even though this question has been
addressed in works from the past decade. Most importantly, while it is widely acknowledged
that residual stresses in the material depth have a significant impact on the TFF, the
existing assessment methods for TFF are extremely simplistic in their consideration of
the residual stresses. Often made assumptions about equilibrium of residual stress depth
profiles also need to be questioned. Variations of residual stresses and hardness along the
tooth flank in the axial or height directions are either disregarded or given an extremely
simple consideration. The state of the art does not allow for a satisfactory quantification
of the effects of influencing parameters like CHD, carbon surface concentration or carbon
depth profile and quenching medium on the TFF risks because of their largely unknown

influences on the residual stresses and their interactions with one another.

On the other hand, it has been established that FE models are capable of accurately
predicting the development of hardness and residual stresses generated by heat treatment
procedures. Appropriate material models allow to calculate the local properties in a heat
treated component nearly regardless of its shape and with a high degree of process condition

flexibility. Aside from very elaborate experimental measurements with limited explanatory
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power, simulation models may be the only possibility to evaluate the residual stresses in
the depth of carburized and quenched components. Since residual stress and hardness are
among the most influential variables on the risks of TFF fatigue failure, FE methods appear
to be particularly suitable for a quantitative, physics-based approach to predicting TFF.
Simulation models can be used for heat treatment as well as service or testing load con-
ditions to determine connections between parameters such as CHD, quenching conditions,
tooth shape and the risks of fatigue failure. Because of the substantial efforts involved in
determining the essential materials and process data and the specific know-how required
to carry out the simulations successfully, residual stress modeling has only been utilized
in isolated problems and there hasn’t yet been systematic investigations on the variables
affecting residual stresses in carburized and quenched gears.

This work intends to address the shortcomings of the existing methods of assessing the
risk of tooth flank fracture in carburized gears, with an emphasis on generally overlooked
aspects related to residual stresses in the subsurface and core regions of the gear tooth.

The following formulation can be used to propose the main research hypotheses:

» Finite-element based modeling enables a precise prediction of the hardness and resid-
ual stresses in carburized gears, not only in the case region but also in the material
depth under the tooth flank and with consideration of various heat treatment param-

eters such as CHD, carbon depth profile or quenching conditions.

o Assessment methods for the risks of tooth flank fracture in carburized gears can be
significantly improved by the finite element based prediction of local hardness and

residual stresses from heat treatment operations.

In order to address this topic, the investigation is structured in three main sections.
First, the material behavior during carburizing, quenching and tempering heat treatment
is modeled in chapter 3. For this purpose, extensive experimental characterization based
on dilatometry is used in conjunction with available material data from published works.
A simulation model is constructed in chapter 4 in order to calculate the effects of heat
treatment on gear components while accounting for variations of process parameters and
gear geometry. The prediction models are validated using experimental campaigns on gears
conducted at IWT Leibniz-Institute Bremen as part of the research project FVA 835 I [47].
In order to identify trends and key influencing parameters in the evolution of residual
stresses in carburized gears, some additional simulative studies are conducted. The surface
carbon diffusion during the gas or vacuum carburizing process is only minimally addressed
in this work and the carbon depth profiles are rather considered as known inputs for the
quenching simulation than as subjects for a deep investigation. The impact of post-heat
treatment procedures, such as shot peening or grinding, on the residual stresses in the

surface region is not directly considered. Using FE models that integrate heat treatment
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simulations for local hardness and residual stresses with the numerical computation of
stresses under service or fatigue testing load conditions, chapter 5 finally addresses the
fatigue and TFF properties of heat treated gears. Aspects of multi-axiality, statistical size
effect, and non-metallic inclusions are explored, and several assessment techniques for TFF
prediction are compared. Witzig’s experimental results [34] serve as the main basis for

evaluating the accuracy of the various calculation approaches.






Chapter 3

Material model for carburizing heat

treatment

3.1. Material investigation

In order to determine the necessary material parameters for the modeling of the material
behavior during heat treatment, dilatometer samples are produced in different carburized
states. The material states are selected in such a way that, together with the existing data
for the steel 18CrNiMo7-6, a statistically validated data set is created that covers all tech-
nologically relevant boundary conditions. The samples are produced from the same batch
that was already used in the FVA 501 III research project [132]. Using vacuum carburizing,
approximately 400 hollow cylindrical samples with carbon weight percentages of 0.32 %C,
0.44 %C, 0.50 %C, 0.53 %C, 0.66 %C, 0.75%C, 0.82%C and 0.89 %C are produced. Each
individual sample is 10 mm long and exhibits homogeneous carbon concentration within its
cross section defined by outside and inside diameters of 4 mm and 2 mm, respectively. In
addition, approximately 50 samples are produced with a carbon concentration of 0.18 %C.
This gradation allows an adequate description of the typical carbon profile observed after
carburizing, and the resolution is sufficient to map the graded transformation behavior of
the carburized material in a realistic manner. In this work, samples and gears from differ-
ent material batches with base carbon contents between 0.17 %C and 0.19 %C are included.
The chemical composition of the alloys can be found in appendix Al. As a simplification,
the alloy carbon content nominal value of 0.18 %C is utilized for the following diagrams.
The material characterization based on dilatometry includes the determination of plastic
flow characteristics, transformation behavior, thermal and transformation-induced strains,
transformation plasticity and tempering behavior. The corresponding tests are performed
using a quenching and deformation device DIL 805A /D. The material properties are deter-

mined as functions of the carbon concentration, the temperature and the microstructure.

3.1.a. Yield stress and flow properties

Methods: The determination of the flow properties of 18CrNiMo7-6 in the carburized
and non-carburized state aims to supplement the data set from the CASH project [130].

The objective is to validate these material parameters and to obtain a finer resolution of

57
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the description of the flow properties, particularly with respect to the dependence on the
carbon concentration. The desired microstructure is set in the dilatometer samples by
applying adequate time-temperature profiles and the samples are then tested at the desired

temperature under uni-axial compressive loads. Table 3.1 provides the full test plan.

Measured flow curve | Test temperature [°C|

Carbon content [%C] | 20 100 | 150 | 200 | 300 | 400 | 500 | 625 | 750 | 850
0.18 BM BM|BM|B A A A
0.32 BM|BM BM|BM|B

0.50 BM | M BM|BM A A A
0.66 BM | M B M B

0.82 M M M A A A

Table 3.1: Test plan to determine the temperature, carbon and microstructure-dependent
flow behavior. A stands for austenite, B for bainite and M for martensite.

The dilatometer samples are heated to 950 °C within 3 minutes. Following a ten-minute
holding period, the temperature is lowered to 850 °C, the hardening temperature, and main-
tained there for another minute. The samples are quenched in the dilatometer in 5 seconds
from the hardening temperature to the required test temperature in order to evaluate the
flow behavior of the austenite phase. In order to achieve the intended microstructural
change for the bainitic and martensitic microstructures, the samples are heated again to
the test temperature after being quenched to room temperature. Cooling rates ranging from
30 to 150 K /s are required to enable martensite transformation, depending on the transfor-
mation kinetics of the samples (i.e. the carbon concentration). After quenching, samples
containing more carbon than 0.50 %C are held in liquid nitrogen for a further 60 minutes
in an effort to minimize the impact of the residual austenite on flow behavior. The bainite
transformation is conducted with an isothermal holding phase above the carbon-dependent
Mg-temperature, between 300°C and 450°C. In the course of experimental research, a
number of trials were temporarily halted at relatively low strain values. This occurrence,
however, was not due to the fracture of the samples. Rather, the cause was either a problem
in the experimental setup or an externally applied force limit on the DIL805 device. The
latter is a protective measure implemented to safeguard the integrity of the punches and
the rods.

Results: In this work, the flow curves of the austenite phase were planned to be de-
termined at temperatures of 500 °C, 700 °C and 850 °C with carbon contents of 0.18 %C,
0.50 %C and 0.82 %C. Since the bainitic transformation of the base material at 500 °C takes
place already after a few seconds, the test temperature is increased to 625 °C for this variant.
The results of the stress-strain curves of austenitic phases of 18CrNiMo7-6 under uni-axial

compressive loading and as a function of carbon content are shown in figure 3.1.
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Figure 3.1: Flow properties of austenitic 18CrNiMo7-6 under compressive load for different
temperatures and carbon concentrations.

As expected, the yield point of the austenite phase decreases with increasing temperature.
In agreement with [130], the influence of the carbon concentration on the flow behavior of
austenitic 18CrNiMo7-6 is negligible, so that a consideration of the dependence of the yield

point of the austenite phase solely based on the temperature is sufficient.

Determining the flow properties of a bainitic microstructure with different carbon con-
tents is also part of the material investigation. In bainitic microstructures, both tempera-
ture and carbon concentration effects can be determined. In all tested conditions, the yield
point decreases with increasing temperature and tends to increase with carbon content.
For reasons of clarity, the results are listed in tabular form in the appendix A3. Since
the samples were transformed into bainite under isothermal conditions at different tem-
peratures depending on the carbon concentration, the observed effects at a given testing
temperature are not only due to the carbon content, but also because of the temperature-
dependent morphology of the bainitic microstructure. Results of the investigation of the
flow properties for martensitic and martensitic-austenitic microstructures are available in
appendix A4. As expected, the martensitic case-hardening steel achieves higher strength
values than in the bainitic state. The carbon content has a strengthening effect, especially
up to approximately 0.50 mass percent. An increase in temperature, on the other hand,

promotes the plastic deformation of the martensite.
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3.1.b. Transformation behavior, thermal expansion and

transformation strains
Transformation behavior

Methods: To investigate the phase transformation behavior of 18CrNiMo7-6 steel at dif-
ferent carbon contents, continuous cooling tests are carried out in the quenching dilatome-
ter. The dilatometer tests are conducted specifically with cooling curves that correspond
to the quenching of carburized gears and were determined using thermal FE simulations.
Among other things, the focus is on the carbon and cooling rate dependence of the transfor-
mation kinetics and transformation strains. Between 5 and 15 continuous quenching tests
are carried out per carbon content, depending on how high the cooling rate dependence of
the transformation behavior is determined in technically relevant cooling conditions. The
cooling times tg/5 between 800 °C and 500 °C are between 20s and 20,000s. The transfor-
mation temperatures and volume fractions are determined using temperature vs. length
change curves and systematic microstructural analysis with optical microscopy. In addi-
tion, hardness and energy-dispersive X-ray spectroscopy (XRD) measurements are carried
out on selected dilatometer samples. For instance, the residual austenite content of carbon-
rich samples after quenching was determined. A total of approximately 100 dilatometer
tests are evaluated to characterize the transformation behavior of the case-hardening steel
during quenching. The kinetics of the bainitic and ferritic-pearlitic transformations are
characterized using isothermal dilatometer experiments in addition of continuous quench-

ing investigation.

Results: The conducted tests to characterize the transformation behaviour in the quench-
ing dilatometer can be displayed in the form of continuous cooling transformation (CCT)
diagrams. The start and end points of the bainitic, ferritic-pearlitic and martensitic trans-
formations are shown for the tested cooling processes. The starting point for the time axis
is set for all carbon contents at a temperature below 780 °C, which corresponds approxi-
mately to the A3 point of the base material. The figure 3.2 shows the CCT diagrams of the
materials with 0.32 %C, 0.44 %C, 0.50 %C, 0.66 %C, 0.82%C and the base material with
0.18 %C.

The martensite start temperature for the base material 18CrNiMo7-6 is slightly below
400°C. Under typical quenching circumstances, some bainitic transformation is almost
inevitable due to its rapid nature in the non-carburized steel. At lower cooling rates, ferritic-
pearlitic microstructures are seen. When cooling time increases, the carbon atoms diffuse
into the remaining austenite grains with increasing proportions of ferrite and bainite. This
results in a drop in the martensite start temperature. Increased carbon contents cause the
martensite start temperature to decrease and the diffusive phase transformations to move

downward and toward longer time periods. At high carbon concentrations, the bainitic
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Figure 3.2: Experimentally determined continuous time-temperature-transformation dia-
grams of the case-hardening steel 18CrNiMo7-6 with different carbon contents.

and pearlitic transformations are no longer of any technical significance, as they require
very slow cooling, which is typically not present in the carburized, near-surface regions.
For carbon concentrations above approximately 0.44 %, retained austenite is present in the
material because the martensite transformation is not entirely completed upon cooling to
room temperature. The volume fraction of residual austenite rises with increasing carbon

concentration and can reach up to around 30 % for the carburized samples. The findings of
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isothermal dilatometer experiments for bainite transformation kinetics are included in the

appendix in figure A5.1.

Thermal expansion and transformation strains

Methods: In addition to analyzing the phase transition kinetics, the dilatometric inves-
tigation assesses the strains caused by temperature and microstructure changes. These are
represented by transformation strains and thermal expansion coefficients. The procedure
for calculating transformation strains and thermal expansion coefficients from dilatometer
experiments is illustrated in figure 3.3. The austenitic microstructure reference state of the
steel samples at 850 °C serves as the basis for the transformation strains reported here. For
instance, when the curve is vertically shifted so that cooling from the austenite microstruc-
ture begins at 0% length change, the coefficient bpp — the thermal strain associated with
the ferrite/pearlite microstructure — corresponds to the Y-intercept of the linear fitting
curve computed for 100 % ferrite/pearlite. These coefficients are established in relation to
the carbon content and the phase being studied. A linear mixing rule is used to obtain the

characteristic values of a microstructure when only mixed microstructures can be identified.
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Figure 3.3: Determination of transformed fractions and thermal expansion coefficient o on
the basis of dilatometer curves using the example of an incomplete transforma-
tion of austenite in ferrite and pearlite[148].

Results: The thermal expansion coefficient and transformation strains recorded for each
phase and for each carbon content can be represented as shown in figure 3.4, where the
transformation strains represent the intercept of linear fit of temperature vs strain curve

for full homogeneous phase at 0°C.
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Figure 3.4: Experimentally determined thermal expansion coefficient oy and transforma-
tion strains by, with the definition of oy and by, following the above description.

Due to the high number of quenching tests, not all data of the continuous cooling curves
can be shown. Figure 3.5 shows examples of the dilatometer curves for ¢35 = 18s and
tg;5 = 900s for the different carburized materials. The exact respective cooling conditions

are given on the right-hand side.
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Figure 3.5: Dilatometer curves of 18CrNiMo7-6 samples (left) under selected cooling con-
ditions (right) and with different carbon contents. The dilatometer curves of
cooling with tg/5 = 900s are shifted downwards by 1% relative length change
for clear visualization.

These results can be analyzed using the micrographs obtained by optical microscopy of
quenched dilatometer samples etched with alcoholic nitric acid (Nital) solution.

The carbon content influences the microstructure formation during rapid cooling. Fig-
ure 3.6 shows the resulting microstructures for selected carbon contents after cooling with
tg/5 = 18s. The bainitic transformation takes place at a basic carbon content of 0.18 mass
percent even with rapid cooling. In the carburized states, martensite is increasingly formed
instead. The martensite transformation is not fully completed with increased carbon con-

centration and leads to the preservation of residual austenite contents. For defined cooling
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Figure 3.6: Resulting microstructure after rapid cooling with #g/5 = 18 s in the dilatometer
as a function of the carbon content.

conditions, the carbon content also affects the morphology of both martensite and bainite
phases. With increasing carbon content, the martensitic structure is expected to change
from lath to plate, although this is not obvious from the micrographs in figure 3.6. Carbon
concentration also has a significant impact on the transformation behavior under slower
cooling conditions, as shown in figure 3.5 for a cooling time tg/5 = 900s. The formation
of a small percentage of ferrite and pearlite can be observed in samples which were not
carburized, as indicated by the length evolution of the dark blue curve at about 680°C. A
sample with 0.32 %C, on the other hand, transforms completely bainitic. With increasing

carbon concentration, bainite formation takes place at lower temperatures, which leads to
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an evolution of the bainite structure from upper bainite to lower bainite. In carbon-rich
materials, hardly any bainite is formed even at very low cooling rates. The most carbon-
rich samples (0.66 %C, 0.75 %C and 0.82 %C) have a predominantly martensitic structure
with retained austenite. At the moderate carbon contents of 0.44 %C and 0.50 %C, a shift
in the martensite start temperature compared to faster cooling due to the back diffusion of
carbon atoms into austenite during bainite transformation can be observed. This transfor-
mation behavior is also strongly influenced by segregation in the samples, as described in
the section 3.1.d.

3.1.c. Transformation-induced plasticity

Methods: During a phase transformation under stress, inelastic strains occur, which are
due to the so-called transformation plasticity. This property has a significant influence on
the residual stresses, which are calculated by means of a heat treatment simulation [149]
and is therefore investigated here. For this purpose, a constant compressive stress is ap-
plied and maintained during quenching in the dilatometer before the phase transformation
starts, and the resulting strain of the sample is compared with the strains in the stress-free
reference state. This investigation is carried out for the different carbon contents and phase
transformations. The transformation-induced plastic strains under uni-axial compressive
loading during martensite transformation were investigated for the carbon contents 0.18 %C,
0.32 %C, 0.50 %C, 0.66 %C, 0.75%C and 0.82 %C under stresses from 0 MPa to 250 MPa.
In contrast to the martensitic transformation, the investigation of transformation plasticity
in a bainitic transformation is carried out under isothermal conditions. Hereby, carbon
contents of 0.18 %C, 0.32 %C, 0.50 %C and 0.66 %C under stress levels between 0 MPa and
100 MPa were investigated.

Results: The results of the measured transformation-induced plastic strains during tran-
sition from austenite to martensite are presented in figure 3.7. For all carbon concentrations,
an approximately linear relationship between the uni-axial stress and the transformation
strain can be determined. A rather low dependence of the TRIP-strain on the carbon
content is found. However, it should be noted that the observed strains are related to
different transformed phase fractions of martensite, as high carbon contents prevent from
a complete transformation of austenite into martensite. Thus, the derivation of adequate
material models requires a more thorough analysis.

In a similar manner, the transformation from austenite to bainite exhibits an approx-
imate linear relationship between uniaxial stress and transformation plastic strain. The
dependence of the transformation-induced plasticity on the carbon concentration is more
pronounced and can be clearly seen in figure 3.7. Under the tested conditions, the trans-

formation plasticity reaches a maximum at 0.32 % carbon content.
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Figure 3.7: Transformation-induced plastic strains of martensitic transformation (left) and
bainitic transformation (right) for different carbon contents.

3.1.d. Tempering behavior

Methods: After quenching, case-hardened gears are usually tempered. This reduces the
brittleness of martensite and relieves the induced residual stresses by allowing the diffusion
of carbon atoms. This behavior is investigated in dilatometer samples as a function of the
carbon content. In this work, dilatometer samples are quenched rapidly and tempered at
170 °C for one hour. The contraction of the carbon-rich samples in the dilatometer due to
formation of transition carbides is recorded and the (negative) strains resulting from the
tempering process are then used in the material model for calculating the residual stresses
of tempered gears. The retained austenite contents before and after the tempering step
for the different carbon contents are determined for selected variants using XRD-analysis.
During tempering tests under compressive stress in the dilatometer, the strains are affected
by the existing uni-axial stress, so that a TRIP-like behavior during tempering can be
described. This behavior is rarely discussed in the literature, but is characterized here and
taken into account in material modeling. For this purpose, the strains that occur during

a 1-hour tempering of dilatometer samples with carbon concentrations above 0.32 %C at
180 °C under 0 MPa, 150 MPa and 300 MPa are measured.

Results: The strains that occur when tempering martensitic-austenitic dilatometer sam-
ples for 1h at 170 °C are recorded and shown in figure 3.8. After approximately 60 minutes
at this tempering temperature, no measurable further length changes are detected for any
of the carbon contents investigated.

Similar to quenching, these test data can be used to derive characteristic thermal ex-
pansions and transformation strains. The transformation strains here refer to the relative

reduction in length caused by the tempering treatment. The evaluated values are shown
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Figure 3.8: Tempering cycle used in dilatometric experiments on martensitic-austenitic
samples of 18CrNiMo7-6 with different carbon contents (left) and strains in-
duced during this tempering cycle (right).

in figure 3.9. For this representation, the zero point of the strains is selected with an
extrapolation of the respective tempering heating curves at a temperature of 0°C. For
carbon concentrations below 0.32 %C, no persistent strain changes are observed due to
the tempering process. At higher carbon contents, an almost linear dependence of the
tempering-induced strains with the carbon content is observed. The thermal expansion
coefficient of a tempered martensitic-austenitic sample is largely independent of the carbon

concentration, but seems to increase from a carbon content of approximately 0.75 %C.
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Figure 3.9: Measured expansion coefficients and tempering-induced strains of martensitic-
austenitic dilatometer specimens during a tempering treatment of one hour at
170°C.

For tempering heat treatments of 1 hour at 170 °C, no significant changes of the residual
austenite phase fraction were detected by XRD-analysis. In contrast, vickers measurements
showed some reduction of the hardness after tempering as compared to the quenched mi-
crostructure. These results are displayed in figure 3.10.

Tempering tests of martensitic-austenitic dilatometer specimens under axial compres-
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Figure 3.10: Hardness of martensite in samples of 18CrNiMo7-6 quenched in dilatometer
and after 60 minutes at 170°C as a function of carbon content.

sive load are also used to record transformation plastic strains. Depending on the carbon
concentration, the tempering-induced changes in length are influenced by the stress state.
Figure 3.11 (left) shows this effect as an example for a martensitic-austenitic sample with
0.66 % carbon during a tempering time of 1h in the dilatometer. After evaluating the raw
test data, the transformation plasticity during tempering can be summarized as shown in
figure 3.11 (right). For these representations, the measured length of the respective samples

at 55 °C in the heating phase of tempering is selected as the reference length.
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Figure 3.11: Dilatometer curves of carburized 18CrNiMo7-6 samples with 0.66 %C under
uni-axial compressive load (left); Measured strains during tempering as a func-
tion of compressive stress and carbon concentration (right).



3.1. Material investigation 69

Microsegregation of the sample material

The dilatometer samples exhibit a segregated aspect in the as-delivered state (quenched
and tempered microstructure), which can also impact the transformation behavior of the
material. Figure 3.12 shows the etched microstructure of a dilatometer sample of the mate-
rial 18CrNiMo7-6 as supplied (left) and after quenching in the dilatometer, which leads to a
mixed bainitic-martensitic microstructure (right). In the image on the right, the dark areas
consist mainly of bainite, while high proportions of martensite are found in the light areas.
Figure 3.13 provides a more detailed view of these segregated areas. In general, the sequence
in which the phase transformations take place during quenching of the samples follows the
segregation pattern. Due to small deviations in the local concentrations of carbon and
alloying elements such as Cr or Mn, nucleation of phase transition can occur preferentially
in certain segregation domains. During bainitic and ferritic transformations of low-carbon
steels, carbon atoms are released, which diffuse into the non-transformed microsegregations
and thus further delay the phase transformation locally, leading to transformation products
that are unequally distributed and follow the segregation pattern. For further explanations

on the influence of microsegregations on the transformation behavior of case-hardening

steels, reference can be made to the work of Hunkel et al. [150, 148].

Figure 3.12: Micrograph of the segregation structure of dilatometer samples with 0.18 %C
in the as-delivered and etched state (left) and after a bainitic-martensitic trans-
formation in the quenching dilatometer (right).
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Figure 3.13: Micrograph of the dark (left) and light (right) segregated areas from the heat
treated sample in figure 3.12.
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In addition to the specific appearance of the segregated steel, residual stresses occur
on the micro-scale between the segregation lines during the phase transformations of the
samples, as the segregated areas cannot expand freely due to delayed transformation be-
havior in their direct vicinity. Thus, microstructural transformations can occur under stress
during the quenching tests and the observed transformation strains are influenced by trans-
formation plasticity effects. Detailed studies on the characterization and modeling of this
material behavior — which is crucial in the context of anisotropic distortion — were carried
out by Hunkel et al. [151, 152, 150, 148]. In order to avoid misinterpretation of the results
due to segregation when determining the microstructure in continuous quenching tests, the
evaluation of the transformation strains is systematically matched with the determination
of phase fractions using optical microscopy. In order to assess the effects of the orientation
of segregation lines on the phase transformations and strains of the material, dilatometer
samples of the base material were produced with different main directions. As the transfor-
mation strains in quenching dilatometric tests were shown to be similar for all three tested
orientation, this supports the modeling assumption of isotropic transformation strains in

this material.

3.2. Material modeling

The modeling of the material 18CrNiMo7-6 in carburized and non-carburized states is based
on the combination of the material investigations of this work and already available material
parameters. The results of the CASH project [130] are used to describe Poisson’s ratio and
modulus of elasticity, density, thermal conductivity, heat capacity and heat generated by
phase transformations. This data is available for 18CrNiMo7-6 as functions of temperature
and microstructure with three different carbon concentrations. The material models derived

from the combination of available data and own experiments are presented in the following.

3.2.a. Modeling of flow properties

The flow behavior of the material is described by a simple isotropic and strain rate-
independent definition of the yield surface with the equivalent stress according to von
Mises. The flow curves of each tested combination of microstructure composition and car-
bon content are defined as a function of temperature. These properties are entered into the
FE model in tabular form and determined using linear mixing and interpolation rules at the
integration points of the elements. In addition, literature data from the CASH project [128,

130] is used for the flow curves of the ferritic-pearlitic microstructure.
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3.2.b. Modeling of transformation behavior

Methods: The transformation behavior of the steel in different carburized and non-
carburized states is modeled using equations 2.34 and 3.1. The phase transformation
kinetics are modeled using semi-empirical approaches, with equation parameters derived
based on dilatometric investigations from section 3.1.b. The phase transformation kinetics
is first implemented in MATLAB [153] for flexible calibration and then turned into FOR-
TRAN subroutines for the FE simulation. In equation 2.34, the parameter £,,; corresponds
to the austenite content available before the martensite transformation. The martensite
start temperature Mg is described by a linear dependence on the carbon concentration ac-
cording to figure 3.14. The material-dependent parameter by, is simply set equal to 0.011
based on [135].
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Figure 3.14: Martensite start temperature as a function of carbon content.

A differential method is used to calculate the diffusive phase transformations, which is
based on a phenomenological modification of the Johnson-Mehl-Avrami-Kolmogrow equa-
tion to account for non-isothermal conditions [132]. The transformed volume phase fractions

are calculated incrementally by the following equation 3.1:

n—1

G = n- 85 In( 8 | ful). (3.1)

Equation 3.1 calculates the rate of change of the phase fraction & as a function of the
current phase fraction &. To calculate fk, the Avrami parameters 7 and n are required,
which are determined by isothermal experiments. The maximum achievable product phase
fractions £, are taken from the CASH data set [130] as a function of the carbon content
and temperature and interpolated for the missing carbon concentrations. The correction

term fi(7) to account for the cooling rate is determined by an inverse fit procedure of the

experimentally determined transformation kinetics in continuous quenching dilatometer
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tests. The enrichment of carbon in the austenite grains due to the precipitation of the
bainitic and ferritic phases is taken into account by empirical coefficients, which are defined
as a function of phase fractions and cooling rate. All coefficients of the transformation
kinetics models are given in the appendix A6. The determination of the transformation
processes during quenching of the material is carried out until room temperature is reached

according to the flow diagram in figure 3.15.

Start
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Figure 3.15: Schematic sequence of the calculation of phase transformations during quench-
ing in the FE model.

The effective carbon content C,y; is calculated empirically according to the equation 3.2
as a function of the nominal carbon content Cjy and is used to improve the agreement be-
tween the experimental results in section 3.1.b and the predicted phase transformations.
According to the determined transformation behavior of the low-carbon samples, the ef-
fective carbon content increases with increasing proportions of ferrite and bainite that is

already formed:

Cerr = o (3.2)

1-krpp-{rp—kp€B"

The effective carbon content is used to calculate the martensite start temperature Mg ac-
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cording to figure 3.14, the transformation parameters £z, 75 and np and the correction
term fg(T). The parameters for ferrite/pearlite phase transformation 7pp, npp, &pp and
frp(T) are determined using the nominal carbon concentration Cyy. The complete descrip-
tion of the kinetics model and the model parameters are available in the appendix A6. The
model described above can be used to calculate the phase transformation kinetics of the
case-hardening steel as a function of the cooling conditions and the carbon concentration.

The model parameters are determined on the basis of the test data from 3.1.b.

Results: The accuracy of the simulation model is evaluated by comparing the calculated
microstructure volume fractions and the experimentally determined data as shown in fig-
ure 3.16. In general, the phase transformation model achieves very good agreement with
the existing experimental data and reproduces the main influences well. For carbon concen-
trations above approximately 0.66 %C, bainite formation is underestimated in the model.
However, these deviations should not be considered critical. The carbon-rich regions in gear
teeth are located exclusively near the surface, which correspond to rapid cooling conditions
(left in the diagram). Thus, the prediction accuracy for bainitic transformation in high

carbon materials is mostly irrelevant for application in carburized gears.
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Figure 3.16: Comparison of the simulated volume fractions (dashed lines) with the exper-
imentally determined microstructure (data points) for the steel 18CrNiMo7-6
as a function of the cooling conditions and for different carbon concentrations.

3.2.c. Modeling of thermal expansion and transformation strains

Methods: Based on the experimental data from 3.1.b, equations are set up to describe
the thermal expansion coefficients and the transformation strains and are provided in the
appendix A7. The carbon dependence of these parameters is fitted by polynomial functions.
With these characteristic values, the strains in the material induced by the temperature
changes and by the phase transformations can be calculated for a mixed microstructure of

the phases k using the equation 3.3:

dell" is the strain increment due to thermal expansion and phase transformations, «j, and
b, are the thermal expansion coefficient and the transformation strains of the phase k
as described in figure 3.4. &, represents the volume fraction of phase k£ and dT is the
temperature increment.

By linking the previously detailed phase transformation model with equation 3.3, the

thermal and transformation-related strains of the material can be calculated under any
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cooling conditions. The simulation model of the material can be validated by comparing
the predicted strains and the experimental length changes obtained from dilatometer tests
in 3.1.b.

Results: Figure 3.17 shows the comparison between predicted and measured length change

of dilatometer samples for two selected cooling curves and different carbon contents.
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Figure 3.17: Comparison between simulated (dashed lines) and experimentally determined
(solid lines) dilatometer curves of differently carburized 18CrNiMo7-6 samples
under varying cooling conditions.

Overall, a high level of agreement is achieved. The experimentally determined trends can

be reproduced well by the simulation model, both quantitatively and qualitatively.

Modeling of transformation-induced plasticity

Methods: To model the plastic strains that occur during phase transformations without
exceeding the yield point, Leblond’s approach [154] is used. In this approach, the strain
increment induced by transformation plasticity under multi-axial stresses for the phase k

is calculated following equation 3.4:
dEZ’ = —Klip - Sij & - In(&). (3.4)

S;; is the component in position 4, 7 of the deviatoric stress tensor and K,Zp is a material
parameter describing the roughly proportional relationship between stresses and TRIP-
strains for the transformation of austenite into phase k. In this work, K,ip is defined as
dependent on the carbon content for martensite and bainite phase transformation, whereas
the transformation plasticity of ferritic-pearlitic transition is not considered. For high
carbon contents, the proportionality factor for modeling the transformation plasticity in
martensitic transformation is determined inversely with the calculation model, since the
phase transformation does not take place completely and thus the factor must be adjusted

with the actually transformed fraction.
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Results: The transformation plasticity can be described with the equation 3.4. For in-
stance, figure 3.18 shows the calculated changes in length in a dilatometer sample due to
martensite transformation under different axial compressive loads and two selected carbon

concentrations. The transformation plasticity for incomplete martensitic transformations
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Figure 3.18: Comparison between simulated (dashed lines) and experimentally determined
(solid lines) relative length changes due to transformation plasticity during
martensite transformation under uni-axial compressive loading for carbon con-

tents of 0.32%C (left) and 0.75 %C (right).

is determined by adjusting the factor K* ., in equation 3.4 to match the simulated trans-
formation plastic strains with the experimental data. For the bainitic transformation, the
transformation plasticity factors are derived directly from the experimental data from sec-
tion 3.7. Figure 3.19 shows the evaluated carbon-dependent curves of the transformation
plasticity constants. The equations used to model the transformation plasticity factors are

available in appendix A7.
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Figure 3.19: Carbon dependent transformation plasticity factors determined by experiment
for martensitic (left) and bainitic (right) transformation. The dashed lines
represent the model equations used in the FE model.
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Table 3.2: Hardness values of bainite and ferrite-pearlite from [128, 130] used in the simu-
lation model.

’ Bainite ‘
Carbon content [%] 0.18 0.50 0.80
Transformation temperature [°C] | 425 550 300 450 300 500
Hardness [Hy] 310 | 300 | 504 | 229 | 520 | 319

| Ferrite-Pearlite |
Carbon content [%] 0.18 0.50 0.80
Transformation temperature [°C] | 550 700 450 650 500 650
Hardness [Hy | 224 155 448 283 434 292

3.2.d. Hardness model

Based on the predicted phase transformations, the hardness of the bainite and ferrite-
pearlite phases is determined during the heat treatment as a function of the formation
temperature and carbon content. The hardness model is based on hardness measurements
of materials with three separate carbon contents that were obtained in [128, 130], where
samples underwent isothermal transformations at varying temperatures. Based on the
data in table 3.2, the hardness is linearly interpolated with respect to the transformation
temperature and then to the carbon content. Conversely, the hardness of martensite is
predicted based on own measurements from section 3.1.d and as a function of carbon
concentration only. In order to consider materials with a mixed microstructure, a linear
mixture rule is applied using the phase fraction and the calculated phase-specific hardness.

Overall, the hardness model can be written as follows:

H€/9tal = Z(fk : HV,k)
k

= Hya - €a+ Huar(Co) - €ar + Y (AL, - H 5(Co T) + Y (Abkp - H op(Co, T))

J

(3.5)

With Hy 4 = 280 Hy and Hy 5/ (Cp) from figure 3.10. Ay is the volumic phase fraction of
bainite that is transformed at the temperature T; and corresponds to a hardness at room
temperature Hy, 5(Co, T;) derived from table 3.2, while A&} and H‘jé #p(Co, T;) are defined

in a similar manner for ferrite/pearlite.

3.2.e. Modeling of tempering effects

Methods: Although the tempering step influences the residual stresses in heat treated
gears, only very few results and modeling approaches for tempering carburized and quenched
steels are available so far. In this work, the experimentally determined volume reduction

of the dilatometer specimens during tempering at 170 °C of carburized martensitic speci-
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mens is empirically modeled. A simplified model is proposed which describes the tempering
process by means of a tempering variable X and equivalent thermal and transformation
strains. This tempering variable runs between 0 and 1 and is calculated as a function of the
tempering time and the volume fractions of martensite and residual austenite. Figure 3.20
schematically shows the experimentally determined course of the proposed tempering vari-
able. The evolution of X is derived similar to figure 3.3 by comparing the relative distance
of measured strain with the linear fitting line obtained in the length change vs tempera-
ture plot both in the low-temperature range upon heating and with the linear fitting upon
cooling down from tempering temperature. Based on this variable, the strain induced by

tempering in the material can be calculated as in equation 3.6:
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Figure 3.20: Schematic diagram of the variable describing the tempering process based on
dilatometric data.

dGZL = (OZQ'X—Oél'X+Oél)’dT+((OéQ—Oél)’T—f-bg—bl)'X. (36)

The parameters o and b; describe the characteristic expansion coefficients and strains of
the as-quenched mixed microstructure and are determined on the basis of the phase trans-
formations calculated up to tempering. The characteristic values s and by are determined
as a function of carbon on the basis of tempering tests of martensitic-austenitic samples
and are given in the appendix AT.

Similar to quenching, carbon concentration-dependent transformation plastic strains are
observed during tempering: the tempering-induced strains are influenced by the applied
stress state. This mechanism is reported in the literature only very sporadically and almost
exclusively from the experimental side [155, 48]. In this work, TRIP-strains during tem-

pering are modeled analogously to the transformation plasticity during quenching. For this
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purpose, as in equation 3.4, the transformation-induced plastic strain increments deg-’ are
calculated proportional to the deviatoric part of the stress tensor, with a definition of the
proportionality constant as a function of the carbon concentration. Here, the tempering
variable X is used instead of a transformed volume fraction of the phase k, &:
delf = —Kb., - Sy X - In(X). (3.7)
The TRIP-strains during tempering for all carbon contents are modeled using a value
of Kffmp = 3.2-10"% MPa ™', which could be found for carbon concentrations above 0.5 %C.
Based on the experimental results from section 3.1.d, the variations of hardness due to

tempering are modeled through a simple empirical relationship between the hardness of

martensite in quenched state Hy, quen, and its hardness after tempering:
HV,m,temp = 1.936 - H\/,m,queno.ggll- (38)

Results: Based on the measurement data from the chapter 3.1.d and the modeling ap-
proaches detailed previously, a prediction of the tempering-induced strains in the material
as a function of the carbon content is made possible. In figure 3.21, the simulation results
for the tempering-induced strains during a tempering process of one hour at 170°C are
compared with the experimental data from dilatometer investigations for three selected

carbon contents.
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Figure 3.21: Comparison between selected simulated (dashed lines) and experimentally de-
termined (solid lines) strains induced by tempering for 1 hour at 170°C of
differently carburized martensitic-austenitic 18CrNiMo7-6 dilatometer sam-
ples.

The experimental strains during the selected tempering process can be reproduced very
accurately by the material model. The modeling of the tempering behavior is based on a

tempering variable that is defined as a direct function of the time during the tempering
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step. Accordingly, large variations in the tempering process conditions can’t be simulated
with this material model without the need to recalibrate the time evolution of the tem-
pering variable. The time dependence in this modeling approach aims to represent the
changes in length in material samples rather than for an exact calculation of the kinetics of
microstructure changes in tempered components. For the calculation of residual stresses in
case-hardened gears, it is assumed that the process time is sufficient to reach a stationary
state in the whole model at the tempering temperature.

Modeling the material behavior of case hardening steel obviously requires a significant
amount of material data and modeling parameters. This paragraph summarizes the origin
of the various variables involved. All material data presented in section 3.1 were obtained by
the author’s own investigations. On the other hand, the simulation model also incorporates
material parameters for temperature-dependent density, heat capacity, thermal conductiv-
ity, Young’s modulus and heat of phase transformations that are obtained from the CASH
project [128; 130]. The flow curves of ferrite/pearlite, the temperature-dependent maxi-
mum achievable phase fractions of the ferritic and bainitic phases in the kinetic model, and

the hardness values for ferrite/pearlite and bainite were also taken from this cited work.



Chapter 4

Finite-element prediction of residual

stress in carburized gears

Gears with varying sizes, quenching media, and carbon depth profiles were subjected to
various heat treatment procedures in order to obtain the process data needed to verify the
calculation models. The validation data originates from the research project FVA 8351 [47].
The gears were carburized, quenched and tempered. Measurements of residual stress depth
and hardness were performed on the tooth flanks up to a depth that exceeds CHD. Optical
emission spectroscopy (OES) was used to determine the carbon depth profiles. Selected
gears were subjected to temperature measurements during the quenching process.

Multiple variations were investigated to evaluate the effect of specific parameters on the
residual stresses in carburized gears. Two geometries that encompass a wide range of gear
sizes were examined. The first is a 3mm module gear with 69 teeth that was already
extensively utilized in investigations related to tooth flank fracture [78, 34, 46]. The second
geometry is a larger gear, which has already been studied in research project FVA 501 [132].
It has 24 teeth and a module of 18 mm.

The first set of three gears with a 3 mm module was not carburized but used in conjunc-
tion with thermocouples to monitor the cooling rates corresponding to different quenching
media. Then, using a reference sigmoidal carbon depth profile, three more gears with the
same geometry — V2-1, V2-2 and V2-3 — were gas carburized and quenched in an oil bath,
polymer bath or salt bath. The series V3-gears were vacuum carburized and quenched
using nitrogen gas at high pressure. Though it was carburized differently, gear V3-1 was
intended to replicate the carbon depth profile of the gears in the V2-series. Experiments
V3-2 and V3-3 were designed to determine the impact of varying carbon surface concentra-
tion on the residual stress state. A carbon depth profile with an overall lower gradient and
slightly higher total carburized depth, but with a similar CHD, was obtained in the gear
V3-4. For gears with an 18 mm module, comparable CHDs were targeted and quenching
medium modifications were examined. A salt bath at 170 °C, an aqueous polymer solution
bath and two distinct commercially available oil baths were used. Table 4.1 summarizes
the experimental campaign conducted on gears.

Leibniz IWT in Bremen carried out the heat treatment of the gears with module 3 mm.
The 18 mm module gears underwent heat treatment at the industrial carburizing and hard-

ening facilities of partner companies in project FVA 835 I. Measurements of residual stress,

81



82 4. Finite-element prediction of residual stress in carburized gears

Table 4.1: Experimental heat treatment tests on gears.

Module | Carbon depth Targeted .. Quenching
Name [mm| | profile CHD [mm] Carburizing medium
Vi-1 3 / / / Oil bath
V1-2 3 / / / Polymer bath
V1-3 3 / / / Salt bath
V2-1 3 sigmoidal 0.5-0.7 | Gas carburizing | Oil bath
V2-2 3 sigmotidal 0.5-0.7 | Gas carburizing | Polymer bath
V2-3 3 sigmoidal 0.5-0.7 | Gas carburizing | Salt bath
V3-1 3 sigmoidal 0.5-0.7 | Low pressure High-pressure
Nitrogen gas
V3-2 3 Reduced surface | 0.5-0.7 | Low pressure High-pressure
concentration Nitrogen gas
V3-3 3 Increased surface | 0.5 - 0.7 | Low pressure High-pressure
concentration Nitrogen gas
V3-4 3 Flat runout after | 0.5 - 0.7 | Low pressure High-pressure
CHD Nitrogen gas
V4-1 18 sigmoidal 3.0 - 3.5 | Gas carburizing | Oil bath - Mar-
quench 875
(90°C)
V4-2 18 sigmoidal 3.0 - 3.5 | Gas carburizing | Polymer  bath
- Aquacool AC
(15%, 40 °C)
V4-3 18 sigmoidal 3.0-3.5 | Gas carburizing | Oil bath - Iso-
rapid 280 HM
(50°C)
V4-4 18 sigmoidal 3.0 - 3.5 | Gas carburizing | Salt  bath -
AS135 (170°C)

carbon depth profiles and hardness depth profiles were carried out at Leibniz IWT in Bre-
men. Since the experimental tests were conducted as a part of the research project FVA 835
I [47], the reader may consult the corresponding report for a more thorough explanation of

the procedures followed and the outcomes of the experiments.

4.1. Methods

The FE simulation model results from the coupling of thermal, metallurgical and mechanical
fields.

components, which is described by equation 2.32 for small deformations and neglecting

The calculation of the residual stresses is based on the additivity of the strain

creep strains. The material modeling described in section 3 is transferred to a simulation
model for the case-hardening of gears. This FE model takes as input information the
gear geometry, the carbon depth profile and the quenching and tempering conditions. The

results provided include the microstructure and the time- and spatially-resolved residual
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stress state. The software Abaqus 2020 [156] is used for the simulation. The built-in FE
solver is supplemented with user-defined subroutines that describe the material behavior in
the form of FORTRAN commands.

The thermal-mechanical-metallurgical simulation is carried out by successively perform-
ing carburizing simulation, quenching simulation and tempering simulation. The main
modeling steps are described below. From preliminary work, the prerequisites for success-
ful simulation of the residual stress state were determined. For example, it was observed
that two-dimensional (2D) modeling with the assumption of a plane strain state is satisfac-
tory for the consideration of tangential residual stresses in case-hardened gears. However, it
was shown that the deviations in the calculated stress values in the axial direction between
2D and 3D modeling are not negligible. Therefore, a design of experiments (DoE) has been
set up in which the influencing factors of gear module, tooth shape, case hardening depth,
quenching medium and the carbon depth profile were modeled using three-dimensional heat
treatment simulations.

The simulative investigation of residual stresses is divided in two parts. First, a simplified
cylindrical geometry is analyzed in order to test the model, identify some trends in the
dependence of residual stresses in carburized components on the influencing factors and
assess the validity of some basic principles on residual stress distribution.

For this purpose, variations of the geometrical features of hollow cylinders such as the
outer diameter, inner diameter and height are investigated. Different carbon depth profiles
are used to vary the CHD. Because of the simple geometry and subsequently moderate
computational effort, a large number of simulations could be included in the Design of
Experiment, enabling the identification of some of the interactions between influencing
parameters and the outcomes of carburizing heat treatment. The examined configurations
for the cylindrical geometry are summarized in table 4.2.

Secondly, the simulation model for carburizing heat treatment is validated by comparing
the microstructure, hardness and residual stresses computed for different gear shapes and
process parameters with the experimental data. Along with different geometries, the nu-
merical study includes variations of the CHD. The gears that have been studied are given
in table 4.3, where z represents the number of teeth, a is the center distance and m the
normal module. Geometry of gears with 18 and 41 teeth are obtained from the works of
[103] and [157], respectively.

4.1.a. Geometry

Three-dimensional geometry data of the gears is imported into the Abaqus software envi-
ronment. The gear symmetries are modeled to minimize the computational time and effort
required for the 3D simulations. For each shape, just half of a tooth segment is represented.

It is assumed implicitly that the cooling conditions rely entirely on the gear’s axial and ra-
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Table 4.2: DoE for hollow cylindrical samples, with variations of the inner and outer diam-

eters D; and D,, the height H and the case hardness depth CHD.

No. D, D; B H L CHD | &
1 300 171 1.75 100 3 1.2 250
2 300 171 1.75 100 3 1.875 160
3 300 171 1.75 100 3 2.5 120
4 300 171 1.75 100 3 3.75 80
5 300 171 1.75 100 3 5 60
6 300 240 1.25 100 3 2.5 120
7 300 200 1.5 100 3 2.5 120
8 300 120 2.5 100 3 2.5 120
9 300 75 4 100 3 2.5 120
10 300 171 1.75 600 0.5 2.5 120
11 300 171 1.75 300 1 2.5 120
12 300 171 1.75 50 6 2.5 120
13 300 171 1.75 30 10 2.5 120
14 50 29 1.75 17 3 0.20 250
15 50 29 1.75 17 3 0.31 160
16 50 29 1.75 17 3 0.42 120
17 50 29 1.75 17 3 0.63 80
18 50 29 1.75 17 3 0.83 60
19 50 40 1.25 17 3 0.42 120
20 50 12 4 17 3 0.42 120
21 50 29 1.75 100 0.5 0.42 120
22 50 29 1.75 5 10 0.42 120
23 175 100 1.75 58 3 0.70 250
24 175 100 1.75 58 3 1.46 120
25 175 100 1.75 58 3 2.92 60
26 425 243 1.75 142 3 1.70 250
27 425 243 1.75 142 3 3.54 120
28 425 243 1.75 142 3 7.08 60
29 550 314 1.75 183 3 2.20 250
30 550 314 1.75 183 3 3.4 160
31 550 314 1.75 183 3 4.58 120
32 550 314 1.75 183 3 6.88 80
33 550 314 1.75 183 3 9.17 60
34 550 440 1.25 183 3 4.58 120
35 550 138 4 183 3 4.58 120
36 550 314 1.75 1100 0.5 4.58 120
37 550 314 1.75 55 10 4.58 120
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Table 4.3: DoE for gear heat treatment.

. a M | N CHD Carbon Quenching Experiment
[mm] | [mm] " | [mm] depth profile medium P
1 0.5 sigmoidal Oil bath V2-1
2 0.3 sigmoidal Oil bath /
3 0.4 sigmoidal Oil bath /
4 0.6 stgmoidal Oil bath /
5 0.7 stgmoidal Oil bath /
6 0.5 sigmoidal Salt bath V2-3
7 0.5 stgmoidal Polymer bath V2-2
69 | 200 3 8 0.64 sigmoidal Gas V3-1
9 0.6 Flat runout after CHD Gas V3-4
10 | 0.65 Reduced surface Gas V3-2
concentration
1| 065 Increased su‘rface Gas V3.3
concentration
12 | 0.15 sigmoidal Oil bath /
13 ] 1.2 stgmoidal Oil bath /
14 | 3.26 sigmoidal Oil bath V4-1
15 | 3.42 sigmoidal Oil bath V4-3
16 | 1.8 sigmoidal Oil bath /
24| 478 18 17 | 4.8 sigmoidal Oil bath /
18 | 3.28 sigmoidal Salt bath V4-4
19 | 2.56 sigmoidal Polymer bath V4-2
20 | 0.65 sigmoidal Oil bath /
4] 200 g 21 | 15 sigmoidal Oil bath /
22 | 0.5 sigmoidal Oil bath /
18 | 91.5 5 23 | 09 sigmoidal Oil bath /
24 | 1.25 stgmoidal Oil bath /
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dial positions. It would be sufficient to simulate just 25% of a tooth segment for the heat
treatment process. Here, however, the simulation models are then either utilized to calcu-
late the fatigue characteristics of the gear under service and test loads, or they are used
to calculate the impacts of material layer removal on residual stresses, as in X-ray based
measurement. For the carburizing heat treatment simulations on cylindrical samples, an
angular section equal to 5° is modeled and the symmetry with respect to the central plane

orthogonal to the cylinder’s axis is employed.

4.1.b. Model set up

Mechanical boundary conditions: The mechanical boundary conditions are derived
from the specified symmetry conditions for a half tooth segment. In a cylindrical coordinate
system fixed on the center of the gear or cylinder, the displacements of the lateral boundary
planes are blocked in the tangential direction (see figure 4.1). The axial displacements are
set to zero for the axial symmetry plane. Similar mechanical boundary conditions are

applied to the cylinder segment models.

Tangential displacements
blocked

r
"%
Z
Figure 4.1: Definition of the mechanical boundary conditions for the heat treatment simu-
lation of gears, shown schematically for a gear with module 3 mm and 69 teeth.

Carbon depth profile: This work does not primarily focus on simulating carbon dif-
fusion, although the carbon profile has a significant impact on the residual stresses after
quenching. Here, the required carbon profiles and case hardening depths on complex 3D
gear geometries are generated using a simple gas carburization model. A two-stage pro-
cedure with different carbon potentials is used in the simulation. Carbon potentials, step
duration and process temperatures are all fictitious and calculated iteratively in order to
produce the targeted carbon depth profile. Here, complex factors like cementite precipita-
tion are not taken into account. When carbon concentrations for the simulated configura-

tions were measured experimentally, the model parameters are tuned to ensure agreement.
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Furthermore, all external surfaces have the same carburization parameters. The carbon
depth profile of the tooth’s front and rear sides, or the inner hole of the cylinder, for ex-
ample, is thus similar to that of the functional surfaces, with the exception of variations
resulting from the different radii of curvature.

Thermal boundary conditions: As in the heat treatment experiments, 850°C is
chosen as the hardening temperature. Temperature-dependent heat transfer coefficients
(HTCs) on the exterior component surface and within the central hole are introduced to
define the quenching conditions. To determine these HTCs, available work — as for example
in project FVA 501 I1T [132] — is used. On the quenched surface, the HTCs are assumed to
be homogeneous. One notable exception is high-pressure gas cooling, for which a position-
dependent description of heat transfer coefficients from [158] is assumed. An iterative
procedure is used to match the temperature curves between simulation and experiment with
the heat transfer values from the literature if experimental temperature curves are available,
as in the case of the gears module 3 mm and module 18 mm. Until an acceptable agreement
with the experimental temperature data is attained, the heat transfer coefficients from the
literature on the inner and outer surfaces of the gear are multiplied by adjustment factors.
Appendix A8 provides specific values of the HTCs that were utilized in the simulation
model. A tempering process is modeled after quenching. For the simulation of tempering,
a holding duration of 1h was chosen since length variations were only seen within the
first hour of tempering dilatometer samples. Homogeneous temperature conditions are also
assumed for all gears during tempering, for the sake of simplification.

Meshing: The convergence and accuracy of the residual stress simulation are shown to
be critically dependent on an accurate description of the carbon gradient in the near-surface
area of the gears. Consequently, the meshing is produced on the corresponding geometries in
a manner that significantly reduces the element size near the carburized surface. The overall
number of finite elements in the 3D models is calculated by balancing simulation accuracy
with computing time. While the meshing of some geometric features necessitates the extra
usage of tetrahedral and wedge elements, C3D4T and C3D6T, respectively, hexahedral 8-
node trilinear displacement and temperature elements, C3D8T, are used preferentially. The
total number of integration points ranges from 90,000 for the cylindrical samples to 850,000

for gear models.

4.1.c. Evaluation of the simulation results

Extensive temporally and spatially resolved data for temperature, microstructure develop-
ment and residual stress tensors are produced by the heat treatment simulation. Only the
residual stress components along specific paths perpendicular to the component surface are
consistently documented in order to maintain this work’s clarity. Only the residual stresses

in the main directions with regards to the paths are systematically provided because the
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shear stress components are typically low.

On the cylindrical geometry, two paths are investigated. The first path path I runs from
the outer diameter to the inner diameter of the hollow cylinder. The path direction is
indicated by the black arrow in figure 4.2 left, while the tangential and the axial direction
vectors are described by a red and a green arrow, respectively. In contrast, path 2 runs
from the middle point of the front side of the cylinder up to the axial symmetry plane
and parallel to its main axis. Directions described as tangential and axial to this path are
indicated by red and green arrows, respectively. It should be noted that the terms normal,
tangential and azial in the local coordinate system relate to the component surface being
investigated as well as the direction of the path. For path 1, they also correspond to the
directions radial (inwards), tangential and azial of a global cylindrical coordinate system
positioned at the center of the hollow cylinder. However, for path 2, the azial direction
does not coincide with the cylinder’s main axis.

Similar descriptions are used in the post-processing of simulation results on gears. Four
paths are used here, as displayed in figure 4.2 right. The first three paths belong to the axial
symmetry plane of the gear and run perpendicular to the flank surface, while the position
of the starting points differs. Path 1 initiates at the pitch point, while the second and
third paths start at tooth height of i and %, respectively. Directions referred as tangential
and axial to these paths are described with red and green arrows, respectively. In contrast,
path 4 runs from the point at half tooth height on the front side of the tooth and runs up
to the axial symmetry plane and parallel to its main axis. The local coordinate system’s
directions here also refer to the direction of the path and of the flank surface that is being
studied. They may not consistently correspond to the radial, tangential, and axial directions

in a global cylindrical coordinate system that is positioned at the gear’s center.

4.1.d. Correction of calculated residual stresses for comparison

with measurement results

Stress redistribution occurs concurrently with material removal, which is required for X-
ray measurements of the residual stresses beneath the component surface. High volume
of removed material and high stress magnitudes in the removed material cause the most
significant modifications of residual stress distribution. Additionally, the mass moment of
inertia of the component affects the impact of material removal. The subsequent correction
of residual stress values is thus essential for a meaningful evaluation of measurements that
require the removal of a relatively high volume of material or of a part with high residual
stresses [159]. Through integration over the residual stresses removed, the measurement
correction may be found analytically for simple sample geometries and stress distributions.
The method suggested by SAE HS-784 (2003) [160] can be used as an example and is based

on Moore and Evans’ procedure. The residual stresses that truly exist in the component
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Figure 4.2: Definition of paths and local coordinate systems for hollow cylinder (left) and
gear simulation models (right). The directions indicated by black, red and
green arrows are referred as normal, tangential and axial with respect to the
considered path, respectively.
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in direction j at depth H — z; for a plate geometry with thickness H can be computed
using equation 4.1, based on the measured residual stress values o;,,. It is assumed that
the residual stresses in the plate — except at the side edges — only depend on the distance

to the surface:

0i(z) = ojm(z) +2 [ U]%(z) dz — 6 z [H2mC) g, (4.1)

2 2:2

However, an analytical solution may only provide adequate correction of X-ray residual
stress data for very simple geometries, which are rare in practice. In his work, Weber [46]
assumes an analogous plate shape for the residual stress measurement on the tooth flank of
a gear with module 3 mm, and then assesses the stress redistribution resulting from material
removal with Moore & Evans’ method. Still, the fundamental geometric assumptions of this
method are difficult to verify. Alternative techniques are required for intricate component
and removal geometries or when the position to measure requires cut operations on the
component before measurement. A finite element based technique is more appropriate
than analytical approaches, in order to account for stress relaxations associated to complex
geometry [161, 162]. For this approach, a FE model of the component geometry is set up
with a virtual residual stress field. The material is removed via stepwise deactivation of
elements, with the removal geometry approximated as accurately as possible. Using the FE
solver to calculate the new stress equilibrium yields the stress redistribution. This approach
makes the assumptions that no new stresses are created by the material removal and that
the stress relaxation is elastic. Furthermore, initial residual stresses inside a removed layer
are assumed to be homogeneous. Reliability in the calculation of stress relaxation also
depends on the assumption of a FE mesh resolution fine enough in the direction of material
removal, such that the residual stress variations between two measurement locations may be
considered linear. These assumptions are typically considered to hold in real measurements

with limited removed volumes [46].

Consequently, a correction of the measured values is applied here to account for the
material removal, rather than a direct comparison between the simulated and measured
values. Using an analogous plate shape, the impact of material removal on the remaining
stresses in the tooth is computed with the method of Moore & Evans (see figure 4.3 on
the right) and formula 4.1. The integration is carried out in Matlab [153], where spline
curves are used for numerical integration of the discrete measured residual stresses. FE
models are used in a second approach to correct measured residual stress data. Layer
by layer, the elements of the removed volume are eliminated after the heat treatment
simulation and the new stress equilibrium is computed (see figure 4.3 on the left for an
example of this process). The residual stress depth curves obtained with both correction
approaches exhibit a generally satisfactory agreement. The results are nonetheless evaluated

with both techniques because the adopted correction approach can have an impact on the
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interpretation of experimental residual stress results.

Measurement point

Removal
Plate

Figure 4.3: Schematic representation of the correction of residual stress measurements on
the tooth flank with FE simulation of the material removal (left) and with the
approach of Moore & Evans according to Weber [46].

4.2. Results

4.2.a. Analysis of calculated residual stresses on hollow

cylindrical samples

Figure 4.4 presents the simulation results for the residual stresses on paths 1 and 2 for
a hollow cylinder with external diameter D, = 300 mm, internal diameter D; = 171 mm,
a height of H = 100mm and a case hardness depth CHD = 2.50mm. The stresses in
the directions tangential and axial to the paths exhibit compressive values in the surface
regions. Surface values are about —100 MPa, minimal values range between —450 MPa and
—500 MPa and the transition to tensile stresses is reached at about 1.5 to 2 - CHD. Due to
equilibrium conditions, the stresses normal to the paths are nearly zero at the outer surfaces.
While the stress magnitudes in this direction remain lower than in the tangential and axial
directions, some peak tensile values of up to 120 MPa are predicted by the simulation
model. On the first glance, stresses tangential and axial to the path directions seem to
behave very similarly. However, because of the dependency of the cooling conditions on
the radial coordinate in the cylinder, the tangential stresses show higher tensile stresses in
the region near the inner surface than at the external diameter. In contrast, tensile axial
stresses are stable in the whole core region of the component for the selected paths.

The effect of the CHD on the residual stresses in hollow cylinders is displayed in figure 4.5.

Depending on whether path I or path 2 is considered, stresses normal to the path’s
direction behave differently. As the CHD increases, the normal stresses for the first path
with a radial orientation show higher compressive residual stresses. The maximal tensile
stresses are not much impacted by the CHD and the surface stresses are always close
to zero. As the CHD increases, the depths corresponding to the lowest and maximum

residual stresses as well as the depth at which compressive stresses turn tensile are moved
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Figure 4.4: Computed residual stresses for a carburized hollow cylinder with outer diameter
D, = 300 mm, inner diameter D; = 171 mm, height H = 100 mm and CHD =
2.5mm. Stresses are displayed for directions normal, tangential and axial to
paths 1 and 2, as defined in figure 4.2.

towards larger values. Similar findings apply to the second path, with the exception that
the maximum tensile stresses normal to that path are located deeper below the surface and

their magnitudes rise with increasing CHD.

Regarding the impact of the CHD on stresses in the tangential and axial directions
for paths 1 and 2, distinct trends can be observed. CHD variations have little effect on
surface stresses. Only minor differences in the maximum compressive residual stresses are
computed, whereas the maximum tensile stresses obviously rise with increasing CHD. As
CHD increases, the position of the compressive and tensile stress transition point, as well

as that of the lowest and highest residual stresses, move towards larger depths.

Similar effects can be observed on the cylinders with substantially smaller or larger di-
mensions. Figure 4.6 displays CHD variations for various cylinder sizes, whereby only half
of path 1 is represented for clarity purpose. Overall, there is no clearly discernible rela-
tionship between the CHD and the highest residual compressive stresses or surface residual
stresses. Conversely, as ought to be expected, there is a high correlation between the CHD
and the depth in which the residual stresses change from between compression to tension.
Elevated CHD values also result in greater residual tensile stresses within the component
depth; however, this impact diminishes as component size increases. A discontinuous resid-
ual stress depth profile is produced by the calculation model when a cylinder diameter
greater than approximately 400 mm is coupled with a relatively low CHD. More thorough
simulation analyses have revealed that this situation arises when significant fractions of the

carburized region undergo bainitic transformation rather than turn into martensite.

Figure 4.7, which displays the residual stresses for simulations 3, 6, 7, 8, and 9 from table

4.2 in the directions normal and tangential to paths 1 and 2, illustrates the effects of the
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Figure 4.5: Computed residual stresses for a carburized hollow cylinder with outer diameter
D, = 300 mm, inner diameter D; = 171 mm, height H = 100 mm and variations
of the CHD between 1.2mm and 5.0 mm and corresponding to simulations No.
1 to 5 in table 4.2. Stresses are displayed for along path 1 (top) and path 2
(bottom), where the directions normal, tangential and axial are defined with
respect to each path as described in figure 4.2.
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Figure 4.6: Computed tangential residual stresses for carburized hollow cylinders with dif-
ferent geometries and varying CHDs. Stress along path 1 for an outer diameter
D, of 50mm is shown in the left diagram. Results for D, = 300 mm are pre-
sented in the center diagram, with the right diagram depicting D, = 550 mm
geometry. CHDs and sample dimensions are detailed in table 4.2.

cylinder wall thickness. Changes in the cylindrical samples’ wall thickness have no predicted
effect on either compressive residual stresses or surface residual stresses. Conversely, the
dimensions of the cylinder hole have a substantial impact on the maximum tensile stresses
below the surface. The transition point between compressive and tensile residual stresses
moves towards higher depths with greater wall thickness in the directions tangential or axial

to pathways 1 and 2.
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Figure 4.7: Computed residual stresses for a carburized hollow cylinder with outer diameter
D, = 300 mm, height H = 100 mm, CHD = 2.5 mm and variations of the wall
thickness. Stresses are displayed for along path 1 (top) and path 2 (bottom),
sample geometry of each simulation number is detailed in table 4.2.
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4.2.b. Correlation analysis

In order to quantify the trends discussed in the previous subsection, the correlation matrix
between varying input parameters (CHD, wall thickness and height of the cylinder) and
the residual stresses are computed. The calculation is realized in MATLAB 2021 [153]
using additional utilities for visualization that have been adapted from [163]. A positive
correlation is depicted in blue and a negative correlation in red. The area of each circle
is directly proportional to the squared value of R..... When the value p — which tests the
hypothesis that there is no link between the two variables — is less than 0.05, the correlation
coefficient values R, can be deemed significant. In order to concentrate on the effects of
the carburizing heat treatment on the functional surface of the cylindrical samples, only
the first half of path 1 is taken into consideration for this study. The results suggest
positive correlations between the maximum computed residual stresses in the direction
normal to this path and radial wall thickness, height and CHD. It is anticipated that
when wall thickness, height or CHD increase, compressive residual stresses in this direction
would rise in amplitude. However, no obvious correlation can be found to determine the
highest and lowest values of the stresses axial and tangential to path 1. Increasing cylinder
height primarily affects the depth at which residual stresses switch between compressive
and tensile, as well as the depth at which lowest and maximum values are found. Even
though the surface tangential and axial stresses appear to be mainly determined by CHD,
the effect size — which only varies in a moderate range of approximately 120 MPa despite
very large CHD differences — should also be taken into account.

Similar tendencies for path 2 in the main direction of the cylinder are seen in figure 4.9,
however the strength of the correlations seem to differ slightly. The impact of the height of
the cylinder on the maximum value of the stresses in the direction normal to path 2 or on
the depth of the maximum stresses in the tangential and axial directions is higher than for
path 1. The depth of the transition between compressive and residual stresses, as well as
the depth of peak and minimal residual stresses, are strongly positively correlated with the
radial wall thickness of the cylinder, its height and CHD. For the lowest and surface values
of stresses tangential and axial to path 2, the opposite tendencies are found. The maximum
values of the residual stresses on path 2 are only weakly correlated to the investigated input

parameters.
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Figure 4.8: Correlation analysis of computed residual stresses in carburized cylindrical sam-
ples for path 1. Path definition and simulation details are available in figure 4.2
and table 4.2, respectively.
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Figure 4.9: Correlation analysis of computed residual stresses in carburized cylindrical sam-

ples for path 2. Path definition and simulation details are available in figure 4.2
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4.2.c. Detailed analysis of selected gear simulations

The FE model is utilized to predict the residual stresses in carburized gears. In this sub-
section, a detailed description of the outcomes of the first simulation in table 4.3 is given.
Validation of the simulation model using experimental data is provided in section 4.2.d,
whereas some selected effects on the residual stress depth profiles are described in 4.2.f.
Figure 4.10 left depicts the carbon depth profile on the tooth flank for the basic variation,
which has a CHD of 0.5 mm. On the right, the spatial distribution of carbon concentrations
is shown for the 48,000 elements in the tooth region. At the surface, the carbon concen-
tration reaches around 0.72 %C. The area close to the surface presents a short plateau,
and as depth increases, the concentration of carbon decreases. The carbon concentration
is approximately 0.32 %C at the specified CHD of 0.5 mm. The carbon concentration of
the base material is reached at a depth of approximately 1 mm. This profile matches the

carbon depth curves determined experimentally in [47] for this configuration.

Carbon content [%]
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Figure 4.10: Calculated spatial distribution of carbon in tooth region prior to quenching
for gear simulation 1 with module 3mm and CHD 0.5 mm.

The temperature distribution at each time point is determined using the temperature-
dependent heat transfer coefficient for a quench using 90°C oil bath, as detailed in ap-
pendix A8. The calculated temperatures and the experimental measurements from [47]
for the two thermocouples placed in the tooth flank and core area may be compared in
figure 4.11. Overall excellent agreement is found, although the experimental quenching is
slightly slower than predicted by the model in temperature ranges below 350 °C.

The FE model provides the time- and spatially resolved microstructure development in
the gear. The tooth region is cooled fastest during quenching. When the temperature
reaches approximately 400 °C, the first austenite phase fractions transform into martensite.
Because carburizing lowers the martensite start temperature locally, the martensite does not
initially develop at the tooth’s surface. The case area is first subjected to tensile stresses.

At about 150°C, the surface also starts to transform into martensite, which results in
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Figure 4.11: Comparison of the simulated and measured temperature curves during oil
quenching of the gear with module 3 mm.

significant residual compressive stresses at the flank. In the tooth core, martensite fraction
tends to stay lower because bainite has already been formed. Tempering step follows and
lowers the magnitude of the residual stresses. The FE-calculated distribution of the different
microstructures and the carbon content resulting from this gear’s oil quenching is displayed
in figure 4.12. The tooth core has a mixed martensite and bainite microstructure, with
varying proportions based on the distance to the tooth tip. As one gets farther away from
the material surface, the proportion of bainite rises because of lower cooling rates and
carbon concentration, and bainite can form before the onset of martensite transition. On
the surface of the tooth flanks, residual austenite concentrations are estimated to reach up
to 20 %; however, these contents rapidly diminish as one moves toward the tooth core.
The position-dependent cooling conditions, phase transformations and material proper-
ties in the gear result in residual stresses. These stresses are evaluated in accordance with
section 4.1.c at the pitch point along path 1, which is perpendicular to the tooth flank sur-
face. The maximal principal stresses (in absolute values) in the tooth following tempering
are displayed in figure 4.13 together with the von Mises equivalent stress. The maximum
residual stresses are predicted for the surface in the tooth root area. In contrast, the maxi-
mal equivalent stress in the tooth flank region, as determined by von Mises, occurs around
0.5mm below the material surface. Comparing both stress distributions, however, reveals
that von Mises’ residual stress maxima are situated in regions with compressive residual
stresses. From a depth of approximately 0.95 mm, the principal residual stresses act tensile
and grow with increasing distance from the tooth flank surface until they reach a maximum
value, after which no significant variations are observed up to the tooth’s core. Figure 4.14
presents the individual components of the simulated residual stress tensors in reference to
the local coordinate system at the pitch point, both after quenching and after tempering.

The stress state is dominated by residual stresses in the direction axial and tangential
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Figure 4.12: Calculated phase fractions and carbon content after oil bath quenching of gear
with module 3mm and case hardening depth 0.5 mm from simulation 1.

von Mises Maximum (abs.)

stresses [MPa] rincipal stresses [MPa]
s

280 210
435 -10
290 -230
145 -450

0 -670

Figure 4.13: Predicted von Mises equivalent residual stresses and principal residual stresses

with the maximal absolute value for gear with module 3 mm and CHD 0.5 mm
after oil quenching and subsequent tempering.
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Figure 4.14: Predicted residual stresses in the gear with module 3 mm and CHD = 0.5 mm
along path 1 after oil quenching (left) and subsequent tempering (right).

to path 1, as seen in figure 4.14. As a first approximation, the shear stresses and residual
stresses in the radial direction can be neglected since they fall between 0 and 30 MPa. The
depth curves for the tangential and axial residual stresses are comparable, although tan-
gential stresses reach higher tensile values. Surface compressive stresses of around 140 MPa
are computed as a result of the heat treatment. Compressive residual stresses peak be-
tween 0.35 and 0.45 mm below the surface. The zero crossing is attained at around 0.8 mm.
A plateau with tensile stress levels of 110 MPa and 70 MPa, respectively, is observed for
residual stresses in the tooth depth. It is noteworthy that the tempering stage creates
significant changes in the residual stress levels, with a clear decrease in overall stress mag-
nitudes. The stress shift is up to around 450 MPa in the surface area, but it also affects the
residual stresses at larger depths. The maximum tensile residual stresses in the tooth core
are decreased and the zero crossing is moved slightly deeper as a result of tempering.
Figure 4.15 shows the stresses in the normal and tangential directions of paths 1, 2, 3
and 4, as defined in figure 4.2. For this configuration, residual stresses in the tangential
direction are very similar for all the paths that start from the tooth’s functional surface.
While residual stresses in the normal direction are higher when approaching the tooth tip,
the predicted stresses in the tangential direction show magnitudes only up to about 50 MPa
lower for the path starting at i of the tooth height than for the upper region. Overall, similar
depth profiles but with greater absolute values are predicted for path 4 that is aligned with

the gear’s main axis.
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Figure 4.15: Predicted residual stresses of gear with module 3mm and CHD = 0.5 mm in
directions normal and tangential to different paths after oil quenching and
tempering.

4.2.d. Validation of the heat treatment simulation model

As stated in section 4.1.d, both an FE-based stress correction and the Moore & Evans
correction technique are applied in order to compare the simulated residual stress profiles
with measurements. For the latter, equation 4.1 is used with parameter H = 4.5 mm and
H = 30.5mm for the gears with module 3mm and 18 mm, respectively. Using the heat
treatment simulation model, the FE correction is performed by sequenced deactivating of
element layers after case hardening for a removed volume that corresponds to the geometry
used in experimental X-ray measurement. The stress values on the tooth flank’s exposed
surface are extracted and the FE solver determines how the material removal impacts the
stress equilibrium. The variation of residual stress brought on by material removal can be
expressed for each direction as a function of the depth. The corrected residual stress curve
is then calculated by applying this scalar function multiplied by -1 to the experimentally
obtained values. The comparison between the observed and corrected residual stress curves
and the calculated ones for the gear with module 3mm and CHD of 0.5mm after oil

quenching and tempering is presented in figure 4.16.

Figure 4.16 illustrates how the residual stress correction affects the residual stress curves.
The observed values are generally moved in the direction of tensile stress, and there is
high consistency between the Moore & Evans correction and the FE technique. As the
distance from the flank surface rises, the corrected amount also increases. Overall, the
simulated residual stress curves correlate very well with the corrected measurement values.
In comparison to the measurement, the simulation model slightly underestimates the highest

tensile residual stresses, with deviations of up to 70 MPa at the tooth core.
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Figure 4.16: Comparison between residual stress calculation, residual stress measurements
and corrected residual stress measurements for gear with module 3 mm and
CHD = 0.5 mm after oil quenching and tempering. Residual stress correction
is done with Moore & Evans (ME) and finite element based (FE) modeling.

Every simulation outcome is extensively assessed, similar to section 4.2.c. For simulations
corresponding to experiments conducted in [47], the comparison between (corrected) resid-
ual stress measurement and calculation results enables to validate the simulation model.
This comparison is shown in figure 4.17 for the gear module 3mm quenched with high-

pressure gas from simulation 8 that has a case hardening depth of 0.64 mm.

For this variation, residual stress measurements in both tangential and axial directions
are provided. There is fairly strong agreement between the corrected and simulated curves
for the tangential residual stresses. The residual stress curves produced using the two
correction techniques agree well with each other and with the simulation outcomes. In all
scenarios, the transition region between compressive and tensile residual stresses is located
around 0.8 mm. According to corrected measured data and heat treatment modeling, the
tensile tangential stresses in the tooth core are approximately 160 MPa. Uncorrected stress
measurements for this configuration never reach tensile values. The compressive near-
surface residual stresses in the axial direction are higher when using the FE method in
comparison to the Moore & Evans method. The simulation model’s computed residual
stresses, the Moore & Evans-corrected measurements, and the FE correction approach all
produce fairly similar curves but differ in the axial stress values attained in the tooth core.
Although the FE correction yields a maximum tensile residual stress of around 60 MPa, the
Moore & Evans technique results in tensile residual stresses of approximately 115 MPa in

the core, still 30 MPa below the heat treatment simulation outcomes.

The residual stress curves from simulations 6 and 7 are displayed in figure 4.18 and are
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Figure 4.17: Comparison between residual stress calculation, residual stress measurements
and corrected residual stress measurements in the tangential (left) and axial
(right) directions for gear with module 3mm and CHD = 0.64 mm after gas
quenching and tempering.

compared to the measured and corrected residual stresses after the gear with module 3 mm
and CHD = 0.5 mm has been carburized and quenched using either a polymer bath (left)
or a salt bath (right). The corrected measured values and the simulation findings of the
residual stress depth curves agree well in both situations. Differences between both methods
applied for the correction of residual stress measurements can be observed, which can reach
up to 150 MPa in the region with steep gradient. For these configurations, the computed
residual stresses from the simulation model are very close to the Moore & Evans corrected

experimental findings.

The simulation model is further validated by looking at the impact of changes in the
carbon depth profile on the residual stress depth profile for the gear with module 3 mm.
The simulated, measured and corrected residual stress curves under various carburizing
conditions are displayed in figure 4.19. The simulation model captures most of the ten-
dencies that were seen in the experiment. The form of the tangential residual stress curve
for these variations can generally be predicted. For the gear with reduced surface car-
bon concentration of 0.65 %C, the compressive surface residual stresses are overestimated
by about 150 MPa. For the variation with increased carbon concentration, the predicted
residual stresses at the surface are only slightly below zero and therefore show significant
differences with the measured and corrected values. In the experiments from [47], the
residual stress measurements were conducted in the a-lattice. Volume fractions of resid-
ual austenite over 25 % following quenching and tempering may be expected for surface

carbon concentrations above 0.8 %C. Comparing simulation results with residual stresses
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Figure 4.18: Comparison between residual stress calculation, residual stress measurements
and corrected residual stress measurements in the tangential direction for gears
with module 3mm and CHD = 0.5 mm after quenching and tempering, using
salt bath (left) and polymer bath (right) for quenching.

based on the lattice strains just in the a-phases may be deceptive for such heterogeneous
microstructures. According to [126] and [82], mixed surface microstructures of carburized
or carbonitrided components may exhibit compressive stresses in the martensite and tensile
stresses in the remaining austenite, whereas the simulation model solely computes averaged
stresses in each FE-element. For the areas corresponding to transition or tensile stresses,
the predictions of the simulation model mostly agree with the measured and corrected tan-
gential stresses. It is noteworthy that the FE-based correction and the Moore & Evans
method differ significantly in the surface area for this configuration, with maximal devia-
tions of up to 280 MPa. The simulation model’s predictions mostly match the observed and

corrected tangential stresses for the regions corresponding to transition or tensile stresses.

For the module 3 mm gears, residual stress depth curves at the pitch point (path 1) can
generally be predicted with an appropriate level of accuracy. The experimentally obtained
and corrected measurement results match with the calculated maximum residual tensile
stresses in the core and the depth of the transition area between compressive and residual
tensile stresses. It is also possible to validate the residual stress prediction in the axial
direction. The simulated residual stresses in the surface region occasionally show larger
deviations and should only be utilized cautiously, especially in the event of surface carbon

concentrations that differ from the typical values.

Results of residual stress measurements for the module 18 mm gears were provided in [47]
and they may be used to validate the simulation model. The calculated residual stress curves

for the gears V4-1 and V4-3 (simulation 14 and 15, respectively) quenched in an oil bath are
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Figure 4.19: Comparison between measured and simulated residual stress curves at the
pitch point of the gears with module 3 mm, case hardening depth 0.65 mm,
gas quenched and with variations of the carbon profile in tangential direction:
profile with flat runout after CHD (top left), profile with surface carbon con-

tent of 0.65%C

of 0.88 %C

according to Moore & Evans and with FE method.

(top right) and profile with increased surface carbon content
(bottom). The diagram also shows the corrected measured values
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displayed in figure 4.20. For this gear geometry, the ME-correction method is conducted

using H = 30.5mm in equation 4.1.
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Figure 4.20: Comparison between residual stress calculation, residual stress measurements
and corrected residual stress measurements in the tangential direction for gears
with module 18 mm and CHD = 3.26 mm (left) and CHD = 3.42mm (right)

after oil quenching and tempering.

Overall, an acceptable modeling of the tangential residual stresses during oil quenching
of the 18 mm module gear is achieved. However, the simulation results appear to have a
systematic bias of about 100 MPa towards compressive residual stresses in the tangential
direction. The residual compressive stresses on the tooth flank surface are not reliably
reproduced by the simulation model, with deviations of up to 200 MPa. The prediction of
the maximum residual tensile stresses in the tooth core and in the transition region between
case and core, on the other hand, corresponds to the corrected experimental results with
an acceptable degree of accuracy. The depth of the zero crossing is only very slightly
overestimated by the simulation model compared to the experimental findings.

The simulation and the experimentally obtained and corrected residual stress curves show
larger deviations for the case hardening with polymer bath quenching or with salt bath
quenching of the module 18 mm gear. The simulation model well reproduces the general
shape of the experimental residual stress curves. Nevertheless, significant discrepancies are
noted in the depth range of 5mm to 8 mm. The deviations observed are smaller for the
gear quenched with polymer bath, but the calculated residual stress profile appears to be
slightly shifted towards the flank surface, leading to an underestimation of the predicted
depth for transition between compressive and residual tangential stresses.

The accuracy of the FE-based prediction model varies depending on the gear module,

depth and heat treatment that are taken into consideration, even if its quality seems to



4.2. Results 109

4T
£ JEeN ‘ — 200}
% 5 “.:I ................... % r%\
T ' om‘ =] 2 ' )
8 0 AR - 0 :’t" E% ...................
A l.ii * % ol ’;E :
m -
g 2004 f Teap. = 2200 i -;L
g ]: '}. l:: = _Uggf,corr. ‘é C I
2 ¥ A i il ¥
< E -:i 0-6-77]7-,007‘7'_ %
= -400 | vE | ’ 5 ol
i sim
0 5 10 15 . : - .
Depth [mm)] oot b

Figure 4.21: Comparison between residual stress calculation, residual stress measurements
and corrected residual stress measurements in the tangential direction for gear
with module 18 mm and CHD = 3.28 mm quenched with salt bath (left) and
gear with module 18 mm and CHD = 2.56 mm quenched with polymer bath
(right).

be satisfactory for the majority of evaluated scenarios. By comparing all experimentally
measured residual stress measurements with their corresponding predictions, an overview
and a quantitative indication of the prediction model’s accuracy may be obtained. This
analysis is performed in figure 4.22. All points would fall on the ¥y = z line in a perfect
prediction model, with the exception of scattering brought on by the heat treatment or
measuring technique. The color of each measuring point also indicates its depth with respect
to the CHD of the gear. This makes it possible to identify the depth ranges where prediction
accuracy is best. The majority of the anticipated residual stresses, as can be observed, are
located close to the diagram’s diagonal, suggesting high accuracy. Additionally depicted are
lines that correlate to +50 MPa and —50 MPa systematic biases. The quality of the model
may be evaluated using the R correlation value and the mean absolute error MAE given on
the graphic. The residual stresses corrected using the Moore & Evans technique are shown
by the x-axis in figure 4.22. A similar linear trend and correlation coefficient R = 0.86
are shown in the same figure when the FE-based correction is applied. The mean absolute
error then rises to MAE = 76.02 MPa, mostly due to a few severe deviations in the surface
region for the gear experiment with module 3 mm and an increased surface concentration
of carbon. The case region (depth < CHD) in figure 4.22 shows the highest deviations,
suggesting that the simulation model regularly predicts compressive residual stresses that
are about 100 MPa overstated. On the other hand, practically all points corresponding to
a depth larger than approximately 1.5 - CHD fit within a relatively narrow range of the
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diagonal line, showing a good prediction accuracy for the residual stresses anticipated in

the tooth core area.
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Figure 4.22: Evaluation of the accuracy of prediction model. Each available measurement
data in [47] is plotted against the simulated value. Residual stress correction
is done with Moore & Evans (ME) as defined in equation 4.1.

Comparing the FE results with other existing residual stress prediction methods for case-
hardened gears is an instructive way to assess the accuracy of the model and its reliability.
The results obtained using the approach from Weber’s work [46] mentioned in section 2.2.b
and using equation 2.17 derived from Lang’s work are both visualized using the same
method, as shown in figure 4.23.

Tensile residual stresses are not included in calculations using Lang’s model, as explained
in 2.2.b. As a result, it is evident that the residual stress estimates for the tooth core
region are unsatisfactory. Remarkably, Lang’s equation shows larger errors than the heat
treatment simulation model and overestimates the compressive residual stresses even in the
near-surface area corresponding to dark blue spots in figure 4.23. Weber’s model appears
to capture general trends effectively; the correlation coefficient between the anticipated
and experimental results is R = 0.84. On the other hand, residual stresses tend to be
underestimated in all tooth regions, with a mean absolute error of around 97.5 MPa.

A similar analysis may be performed on the hardness predictions derived from the sim-
ulation model, as figure 4.24 illustrates. With a high correlation coefficient and nearly all
of the points falling within a 10 % margin, the computed hardness values generally accord
well with the measurements in [47]. Equation 2.20 yields very similar results for a path
located at the pitch point and without the need of overly complex simulation tools, but

requires previous information of surface and core hardness values as well as CHD.
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Figure 4.23: Evaluation of the accuracy of alternative prediction models. Each available
measurement data in [47] is plotted against the predicted values for equa-
tion 2.17 (left) and for calculation model from Weber [46] (right). Residual
stress correction is done with Moore & Evans (ME) as defined in equation 4.1.
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Figure 4.24: Evaluation of the accuracy of hardness prediction model. Each available mea-
surement data in [47] is plotted against the predicted value.
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4.2.e. Analysis of the residual stress equilibrium

As stated in section 2.1.c, the integral sum of residual stresses over the cross section on
a line that crosses the entire component must result in a zero value. To determine the
unknown tensile residual stresses at the gear tooth’s depth from known stress values in the
near-surface region, several authors actually employ a slightly modified version of equation
2.5. The signed area under the curve of a chosen stress tensor component for a path normal
to the flank’s surface and up to the symmetry axis is frequently assumed to equal zero. This
is only true, though, if certain requirements for the stress state over the entire cross section
are satisfied. As figure 4.25 illustrates, this hypothesis is not supported by the simulation
results — experiment data from this work is not available in sufficient depth and necessitates
a correction measurement and thus is not suitable for this purpose. In figure 4.25, axial
residual stresses from the carburizing heat treatment finite element simulation on the gear
with module 5mm and 18 teeth are evaluated for two pathways that are normal to the
flank’s surface and at various heights. The convergence requirements of the FE solver imply
that the global equilibrium of the residual stresses is respected. While the higher path’s
integral summation of the axial stress values through the whole tooth yields a relatively
low value of 58 MPa - mm, the value up to the tooth symmetry axis shows an even greater
excess of tensile residual stresses over compressive residual stresses. This can be explained
by irregular geometry of the cross section considered and heterogeneous stress distribution.
In addition, the total length and stress values differ between the path up to the symmetry
axis and its continuation on the other side of the tooth. By comparison, the lengths of
the left and right sections of the lower path are less different, still the first path’s axial
stresses appear to be mainly compressive. This means that, as opposed to equations 2.5
and 2.6, the above-mentioned equilibrium hypothesis with area under the stress curve is
not always true; rather, it depends on the tooth shape, the existing residual stress gradients
and the path’s location and direction. This is an important precision, since this simplifying
assumption is the only known analytical tool for modeling the residual stress profiles in the

material depth and is employed in numerous works on TFF such as [62, 63, 46, 52| or [57].
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Figure 4.25: Example of FE-simulation results of axial residual stresses after case-hardening
heat treatment in a gear with module 5mm, 18 teeth and CHD = 0.9 mm.
The graphic on the right depicts the stress profiles along designated colored
paths, while the left displays the spatial distribution of the axial stresses. Each
path’s computed area under the stress curve is then presented.

4.2.f. Investigated influencing parameters on the residual stresses

in carburized gears

The heat treatment simulations from table 4.3 can be used to investigate the effect of gear
geometry, CHD, carbon depth profile or quenching medium on the residual stress profiles.
Experiments in [47] and previously described simulation results have shown a limited ef-
fect of the quenching conditions on the residual stress depth profiles in carburized gears.
In contrast, surface concentration in carbon impacted the magnitude of the compressive
residual stresses at the flank surface and near-surface. It was also shown that the shape
of the carbon depth profile influences the residual stress depth profile, with the transition
between compressive and tensile residual stresses being shifted towards larger depths when

the total diffusion depth of carbon was increased while keeping the CHD constant.

Calculations on gears show very clear trends for the impact of CHD on the residual
stress profiles. Figure 4.26 left displays the predicted tangential residual stresses along path
1 for different CHDs ranging from 0.3 mm to 0.7 mm on the gear geometry with module
3mm. Stress profiles are shifted towards larger depths with increasing CHD. Both the
maximal compressive stresses and the maximum tensile stresses are shifted in the direction
of positive stresses. The effect on the position of transition between compressive and tensile

stressed region is obvious, whereas no significant effect on the surface residual stresses can
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be observed. Although they are not reported here, axial stresses show identical behavior in
these simulations.

Very similar effects of the CHD appear on the large-sized gear with module 18 mm in
figure 4.26 right. In some configurations with low CHD as compared to the gear dimensions,
the tangential residual stresses exhibit a peak tensile value shortly below the transition
region, whereas larger CHDs correlate with a plateau with constant tensile stresses in the

whole tooth core area.
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Figure 4.26: Impact of variations of CHD on the predicted tangential residual stresses on
path 1 for a module 3 mm gear with 69 teeth (left) and for a module 18 mm
gear with 24 teeth (right).

The residual stress profiles at pitch point are highly dependent on the tooth shape and
gear size. The predicted tangential and axial residual stresses for path 1 are shown in
figure 4.27, where the x-axis of each simulation result is normalized by dividing the path
distance by the CHD. The investigated gears have similar case hardness depths relative to
their sizes, with 0.13 m,, < CHD < 0.19 m,,. For every example under investigation, the
depth that corresponds with the lowest residual stresses matches up closely. The distinctive
profile of the gear with module 18 mm indicates that the gear size appears to have a con-
siderable impact on surface stresses. The residual stresses’ maximum and minimum levels

of the different gears don’t seem to follow any obvious patterns.
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Figure 4.27: Impact of differences in shape and size of gear on the predicted tangential
(left) and axial (right) residual stresses on path 1. Gear geometries and heat
treatment conditions of the displayed simulations are detailed in table 4.3.






Chapter 5

Calculation of tooth flank fracture

risks

5.1. Prediction model for load stresses

Methods

Contact loads between meshing gears can be quite complex, as they arise from the combi-
nation of several factors, including surface roughness, lubrication and dynamic conditions.
Since local loads much below the flank surface primarily dictate tooth flank fracture, simpler
concepts are utilized in this work. Hertzian theory-based analytical calculation models can
produce satisfactory results in this case. The meshing gears in this process are described as
two elastic contacting cylinders with a radius of curvature determined by the local geometry

at the contact position. Equation 5.1 [58] yields the hertzian pressure pj, cp at the contact

point CP:
Fy E,
=/— — - Xp. 5.1
Pn,cp \/7r L preace 27 cP ( )

L is the contact width. The equivalent radius of curvature p,.qcp is determined from the

curvature radii of both mating gears, p; cp and ps cp, at the contact point:

pP1,cpP * P2,CP (5_2)

Pred,CP = .
p1,cp + p2.op

The reduced modulus of elasticity E, can be calculated from the elastic modulus E and the

Poisson coefficient v of gears 1 and 2 through equation 5.3:

2

1—v 1-v2°

E=————
1 2
5 T 5

(5.3)

The load sharing factor X¢p indicates how the contact load decreases when two pairs
of teeth mesh at the same time. In this work, adequate tooth profile modifications are
assumed. Thus, the load sharing factor X¢p as defined in ISO 6336-4 [3] runs continuously
from 0 to 1 and back to 0 along the contact path, where Xcp is equal to 1 for contact

points corresponding to single tooth contact. By using equation 5.4, one may determine

117
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the contact pressure profile P(z’) in the area surrounding the contact point:

x’ 2. !
P(]}/) _ ph,CP : 1— (bh,cP) ) if ‘I | S bh (54)

0, if \x’| > bh7cp,

where 2’ is the distance from the location of the surface point to the position of maximum
applied pressure and by, cp represents half of the Hertzian contact width at the contact
point CP. According to equation 5.5, the parameter b, ¢p may be expressed as a function

of the load, the elastic characteristics of the gears, and the geometry of the contact:

4-prop - (1 —=0v?) " preacp

- (5.5)

bhcp =

Using the input torque of a driving pinion on a driven gear M;, equation 5.1 can be

formulated as follows:

M, E,
= — X 5.6
Prop \/W “L-Rys - preacp 2 or (5.6)

where Ry is the base circle radius of the driven gear. Using equations 5.4 and 5.6, the
analytical pressure exerted on a surface point of the driven gear may be estimated dependent
on the gear and flank geometry, the material’s elastic properties and the driving torque of

the pinion.

With a FORTRAN function in the Abaqus software environment, the analytical con-
tact stresses may be imposed on the flank surface using the same geometry and three-
dimensional FE-mesh as in section 4. As this procedure uses the same mesh as the heat
treatment simulation, projected hardness and residual stress tensors may be easily included
for the equivalent stress and failure risk calculations that follow. The load cycle is applied
via a moving contact pressure and with fifty intermediate positions. Begin and end of active
profile as well as positions of the lower and higher points of single pair teeth contact are
calculated with a 2D contact simulation and utilized for application of the contact pres-
sure as well as for calculation of the load sharing factor Xcp. Although comprehensive
three-dimensional FE contact simulations can yield more accurate contact stress results,
they necessitate significant computational resources and geometric aspects that are not
compatible with the existing residual stress calculation technique. An example calculation
of 3D FE contact stresses on the gear pair with 67/69 teeth and module 3 mm from [34] is
performed and compared to the simplified calculation procedure to confirm the correctness
of the used analytical approach. Surface-to-surface contact and the enhanced Lagrange

method are used in the contact formulation and 0.04 is chosen as the friction coefficient.
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Results

The normalized von Mises stresses obtained on path 1 when the contact point is positioned
at the gear’s pitch point are shown in figure 5.1. The analytical approach can accurately
replicate the contact loads, as illustrated by the comparison with simulation results pro-
duced under the identical driving torque placed on the pinion and with a full 3D contact
calculation between pinion and gear. Specifically, only minor variations between the two
modeling techniques are seen at depths greater than b, (=~ 0.42mm for the gear, load and

contact point displayed in figure 5.1).
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Figure 5.1: Comparison of stresses obtained in the tooth of gear with module 5 mm and 18
teeth from [157] when a 510 Nm torque is applied on the driving pinion, using
either full 3D contact simulation or a combination of Hertzian theory and FE
calculation.

5.2. Prediction model for tooth flank fracture

This section compares and evaluates various methods’ capacities to identify the effects of
some of the main influencing factors and predict TFF failure in carburized gears. Methods
described in the works of Witzig [34], Bohme [52] and Meis [16] are implemented for the
gear pair 67/69 with module 3mm from [34]. The procedure outlined in section 5.1 is
used to derive the contact stresses. By contrasting the fatigue prediction derived using
either the Lang-model (equation 2.17) or the outcomes produced by 3D FE heat treatment
simulation, the impact of the carburizing process on the TFF risks is evaluated. Making
use of the simulation model, additional impacts are examined, such as those related to gear
shape, case hardness depth and carbon depth profile. Using scripts written in Python and
Matlab, the techniques outlined in the subsequent subsections are applied to implement the

various TFF assessment methodologies. In practice, fatigue strength calculations are done
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Table 5.1: Gear pairs for numerical investigation of TFF.

Source | 2 /2 a m, | o L €a dy / do CHD | Main failure
[mm] | [mm] | [°] | [mm] [mm]| [mm| | mechanism
[103] | 67/69 | 200 | 3 | 20| 18 | 15 |201.2/207.2| 05 TFF
[103] |40/41| 200 | 5 | 20 | 18 | 1.5 | 205.6 /210.2 | 0.65 TFF
[157] | 17/18 | 91.5 5 20 14 | 1.38 | 99.8 /104.5 0.9 Pitting

for all elements located on the axial symmetry plane of the tooth segment, assuming this
slice to be representative for the whole tooth. In that approach, a significant reduction in
computational expenses is achieved when calculating equivalent stress or material exposure
from a multi-axial non-proportional stress condition. Nevertheless, as section 4.2 illustrates,
residual stresses resulting from carburizing heat treatment in gears can show significant
variations in both direction and magnitude along the gear’s main axis. For this reason,
example calculations are also carried out for the entire tooth volume. The carburized
18CrNiMo7-6 spur gears that are examined in this section and for which fatigue and TFF
data is available from literature are summarized in table 5.1. The reader can consult

table 4.3 for the further CHD modifications that were explored through simulation.

5.2.a. Model based on Witzig’s approach

Methods: The calculation principles presented in section 2.2.b and derived from the
works of — among others — Witzig [34] are applied here. First, the equivalent shear stress
is calculated for each integration point of the FE model 7.5 g1 rg, using the shear stress
intensity hypothesis (SIH) as described in equation 2.10 for a cycle with flank contact
loads superimposed with the residual stresses from heat treatment. This operation is then
repeated for the last frame of the heat treatment simulation, in order to determine 7 rs.
Subtracting the latter to 7.rr pr rs gives the local effective shear stress 7.¢f, as described
in equation 2.16. The calculation of the local admissible equivalent stress Tpe., is done
with equation 2.18, where the coefficient K, is computed as in ISO 6336-4 [3] from the
tooth chordal thickness and a tensile strength greater than 900 MPa and the local hardness
comes from the prediction of the FE heat treatment model. The local material exposure
A= % is then computed and can be analyzed for different regions of the loaded tooth.

Similarly to equation 2.15, a weakest-link approach can be proposed to consider the size

effect in addition to the calculated local material utilization in order to predict the failure

probability 1 — év) of the component. The equation 5.7 is used for this purpose:
ny K(Vi)
_1 S AV
p =9 % :< ) (5.7)

V; is the elementary volume associated with a FE integration point, A; the local mate-
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Table 5.2: Weibull module values for calculation of failure probability.

| Source | Label | Vo [mm?] | K [
Dicmar [40] A 1272 35
Lopenhaus [58] B 1 %);

rial utilization and £("?) the corresponding Weibull module. Weibull module values for
carburized steels have rarely been documented and should only be used with considerable
caution. This study tests two distinct sets of parameters, which are described in table 5.2,
were applied in Diemar’s and Lopenhaus’s respective work and will be later referred as A
and B.

Results: Figure 5.2 shows the material exposure calculated for the gear with module 3 mm
from [103], CHD = 0.5mm and a driving torque at pinion of 1,460 Nm based on simulation
results for hardness and residual stresses in the tooth’s axial symmetry. The material
exposure computed using Lang’s approach for residual stress and hardness prediction is also
given for comparison. Although the two methods provide results that are quite similar, the
FE-simulation technique produces a maximal TFF-risk in a zone that is more constrained

and slightly closer to the surface.
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Figure 5.2: Material exposure of the gear module 3 mm and CHD = 0.5 mm from [103] when
a 1,460 Nm torque is applied on the driving pinion, using the local hardness and
residual stresses from the developed simulation model (left) and from Lang’s
approach (right).

Figure 5.3 illustrates how both methods react similarly to variations in contact loads
or in the CHD. While the material exposure reduces with increasing CHD, the primary
fracture risks are well identified in the material depth under the active flank and rise with
increasing driving torque.

Calculations on the gears with module 5 mm from [103] and [157] show that these gears
are likely to present TFF risks when the CHD is low, as shown in figure 5.4. On the

other hand, the highest material exposure shifts in the surface region when the CHD rises.
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Figure 5.3: Material exposure of the gear module 3mm from [103] when varying the case
hardness depth (left, with driving moment at pinion 1,460 Nm) and the applied
torque on pinion (right, with CHD = 0.5 mm). Results from the local hardness
and residual stress calculation using the developed simulation model are rep-
resented by continuous lines, whereas dashed lines are outcomes from Lang’s
approach.

These results are consistent with the experimental results reported in [164] and [103, 157].
TFF risks are computed for torques as low as 1,550 Nm for the gear with 41 teeth and
CHD = 0.65 mm, whereas experimental TFF-failures were only observed above 1,700 Nm
applied on the mating pinion. This suggests that the presented method may be overly
conservative.

The approach from Witzig’s work appears to have a good correlation with TFF-risks,
based on a qualitative assessment. Moreover, considering residual stresses from heat treat-
ment simulation increases the estimated peak of material exposure, which could push the
typical threshold value of 0.8 toward the more significant critical value of 1.0. All things
considered, however, the prediction accuracy of the suggested technique remains incom-
plete until a large-scale set of experimental TFF and non-TFF failures is examined, which
is outside the scope of this work.

Using Weibull module to calculate the failure probability of gears delivers very different
results, depending on the assumptions used and the gear considered. These results are
shown for the gear with module 3mm and 69 teeth with a CHD = 0.5mm in figure 5.5.
The outcomes of calculations using a constant Weibull module (A) are in good agreement
with the currently available experimental data [34], with deviations in the range of 1 to
7%. In contrast to Lang’s approach, the inclusion of residual stresses and hardness from FE
simulation produces a slightly overly conservative fatigue prediction. Conversely, Weibull

module values based on hardness (B) as stated in [58] greatly underestimate fatigue strength
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Figure 5.4: Material exposure of the gears module 5 mm from [157] (left) and [103] (right)
with varying CHD and applied torque on pinion 460 Nm and 1, 720 Nm, respec-
tively. Results from the local hardness and residual stress calculation using
the developed simulation model are represented by continuous lines, whereas
dashed lines are outcomes from Lang’s approach.

of the gear. Because the hardness and residual stress gradients in the axial direction are
relatively low, it is possible to assume that the tooth’s axial symmetry plane represents the
entire tooth volume in this configuration when using the simulated data as an input for the
TFF calculation. This is indicated by the very slight shift of the dotted lines in the fatigue
prediction compared to the continuous lines.

Applying the Weibull coefficients A from table 5.2 to the gear with module 5 mm, 41 teeth
and CHD = 0.65 mm from [34] results in about 12 % understated fatigue strength against
TFF when the outcomes from FE simulation are considered, figure 5.6. Interestingly, the
estimated TFF risks rise further when taking into account the local hardness and residual
stresses in the entire tooth volume rather than supposing them to be identical to their values
in the axial symmetry plane. This may be explained by the higher stress and hardness
gradients in the axial direction compared to the previously studied gear with module 3 mm.
Except in situations where they are paired with residual stress and hardness profiles from
Lang’s method, Weibull coefficients B consistently result in a significant overestimation
of TFF risks. It is not unexpected that this Weibull module only provides an adequate
prediction when the residual stress calculation is done using Lang’s approach, since these
values were originally provided by Lopenhaus by calibrating his model to Lang’s residual
stress calculations and ignoring tensile residual stresses [58]. In addition, it is important to
note that the experimental TFF data available are based on an extremely limited number

of gear tests, so that especially results for the module 5 mm are not statistically validated.
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Figure 5.5: Computed failure probability of the gear module 3mm and CHD = 0.5mm
from [34] for Witzig-based method as a function of applied torque on pinion
and calculation assumptions. Results using FE-computed local hardness and
residual stress for the tooth’s axial symmetry plane are represented by continu-
ous lines, calculation using simulation results from the entire tooth correspond
to dotted lines, whereas dashed lines are outcomes from Lang’s approach. Blue
and red colors indicate Weibull coefficients A and B from table 5.2, respectively.
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Figure 5.6: Computed failure probability of the gear module 5mm and CHD = 0.65 mm

from [34] for Witzig-based method as a function of applied torque on pinion
and calculation assumptions. Results using FE-computed local hardness and
residual stress for the tooth’s axial symmetry plane are represented by continu-
ous lines, calculation using simulation results from the entire tooth correspond
to dotted lines, whereas dashed lines are outcomes from Lang’s approach. Blue
and red colors indicate Weibull coefficients A and B from table 5.2, respectively.
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5.2.b. Model based on Bohme’s approach

A model analogous to the one presented in [52] for the prediction of TFF is adopted here.
First, the local fatigue strength under uni-axial alternating stress is determined with equa-
tion 5.8:

1.6 - Hy, for Hy < 300

foy = { WOEVARO) Cfor F > 550 (5.8)

area®

505 MPa else.

Varea is a characteristic size of non-metallic inclusions that is assumed to be equal to
80 um here, as in Bohme’s work. Equation 2.24 enables to calculate the fatigue strength
under torsional loads. Then, the developed fatigue damage criterion Dpg, is computed using

a modification of integral models from Liu-Zenner as stated in the equations below, where
A=—5-10"* Hy +/3:

\/ f¢ 0 0 CLBo7'9¢a + bBoO'gq&’a) (1 -+ CBOUG¢>,m)2 + dBng¢,aTg¢7m) SZTL((Zﬁ) d¢ d@
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1 1
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3 fo Jo ) o1 (2 N2t q\?
CBo = 700(2/\2_11)+ (700(11—2/\ )) +C(< f0> —1—3((@) —1))

)\2 2 t—l 2 CQ t2 f2 t2
dp, = = —1- 08 — )2 ith C = 22(17 — 4)\?) — —2(8 — \?).
Bo="3 << o ) 35 a2 )> with € =217 )= 1058 =)

(5.9)
By substituting A; with the local damage parameter Dp,; in equation 5.7, a failure proba-
bility of the gear can be computed. The Weibull modules that are used are the same than

for the previous method and can be found in table 5.2.

Results: The material exposure obtained in the gear tooth with module 3 mm and
CHD = 0.5mm when the pinion is subjected to a torque of 1,460 Nm is shown in fig-
ure 5.7. Using Bohme’s methodology, the failure risks associated with TFF are expected to
be much lower than with the previously computed method from Witzig’s work, irrespective
of whether the FE model established here is used to calculate the hardness and local resid-
ual stresses or Lang’s work. While this gear should provide significant TFF risks under the
examined heat treatment and load conditions, Dpg, values peak below 0.8. The region where
the greatest damage is anticipated is shifted to greater depths by FE-computed residual
stresses in comparison to Lang’s equations, and the TFF risks are somewhat increased (see
figure 5.8).

The gears with module 5 mm from [157] and [103] are expected to have maximum failure

risks at the surface region and in the case-core transition region, respectively. Figure 5.9
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Figure 5.7: Damage parameter Dp, of the gear module 3 mm and CHD = 0.5 mm from [103]
when a 1,460 Nm torque is applied on the driving pinion, using the local hard-
ness and residual stresses from the developed simulation model (left) and from
Lang’s approach (right).
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Figure 5.8: Damage parameter Dp, of the gear module 3mm from [103] when varying the
case hardness depth and a 1,460 Nm torque is applied on the driving pinion.
Results from the local hardness and residual stress calculation using the de-
veloped simulation model are represented by continuous lines, whereas dashed
lines are outcomes from Lang’s approach.
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displays the local damage parameter in these gears. The predictions show a good correlation
with experimental results. Nonetheless, for the investigated driving torques at the mating
pinion, the corresponding damage indicator values Dp, are situated far below 1, and TFF
is only anticipated for contact loads significantly higher than those observed in tests.
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Figure 5.9: Damage parameter Dp, of the gear module 5mm from [157] with CHD =
0.90 mm and applied torque on pinion 460 Nm (left) and of gear module 5 mm
from [103] with CHD = 0.65 mm and applied torque on pinion 1, 720 Nm (right).

Local hardness and residual stress calculation were obtained using the developed
simulation model.

Similar to the method based on Witzig’s work, a quantitative assessment of Béhme’s
calculating approach’s predicted accuracy is not feasible here due to the very limited ex-
perimental data set and lack of quantifiable predictions delivered by this method. The
damage profiles and the experiment match somewhat on a qualitative level, however in the
few calculated examples, the approach produces non-conservative findings. Bohme’s model
enables to include a parameter describing a characteristic size of non-metallic inclusions.
An inclusion size parameter larger than 80 um can be used to adapt the model to Witzig’s
tested gears, as the material used in [52] might be of higher quality. However, this parame-
ter only impacts the modeled fatigue strength for hardness greater than 550 Hy and it does
not significantly alter the predicted TFF risks in the core and case-core transition region.

The gear failure probability calculated with the constant Weibull module only shows
limited alignment with available experimental data. The results are shown for the gear
with module 3mm and 69 teeth with a CHD = 0.5mm in figure 5.10. Regardless of
the method used to calculate the local hardness and residual stresses, calculations using
a constant Weibull module predict a 0% failure rate at load values that are substantially
higher than the measured fatigue strength. A greater accuracy is produced using the
hardness-dependent Weibull model, particularly when the residual stresses originate from
FE simulation. According to Lang’s approach, the load level has relatively little effect on the
failure probability. It is important to keep in mind, nevertheless, that precise assessment

of surface-initiated failures — which are not properly addressed in this work because of
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the adopted contact load modeling approach — may increase the input torque’s effect and
improve the agreement with experimental results. Using simulated data of the entire tooth
volume for TFF calculation slightly shifts the results to higher failure probabilities compared
to extrapolated data from a slice of elements in the axial symmetry plane, which indicates
that this method predicts failure to be more likely to happen in other regions of the tooth

than near the symmetry plane.
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Figure 5.10: Computed failure probability of the gear module 3mm and CHD = 0.5 mm
from [34] for method from Bohme’s work as a function of applied torque on
pinion and calculation assumptions. Results using FE-computed local hard-
ness and residual stress for the tooth’s axial symmetry plane are represented
by continuous lines, calculation using simulation results from the entire tooth
correspond to dotted lines, whereas dashed lines are outcomes from Lang’s
approach. Blue and red colors indicate Weibull coefficients A and B from ta-
ble 5.2, respectively.

Residual stresses and statistical size effect assumptions have a major impact on the results
of calculations performed on the gear with module 5 mm, 41 teeth and CHD = 0.65 mm from
Witzig’s work [34]. Combining a hardness-dependent Weibull coefficient (B) with Lang’s
technique for residual stresses and hardness yields the most accurate fatigue prediction,
with deviations of the predicted torque corresponding to 50 % failure probability that are
under 3 %. Although taking into account the hardness and residual stress gradients from
the entire 3D tooth volume somewhat improves the result, using the constant Weibull

module (A) consistently overestimates the fatigue strength of this gear.
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Figure 5.11: Computed failure probability of the gear module 5 mm and CHD = 0.65 mm
from [34] for method from Bohme’s work as a function of applied torque on
pinion and calculation assumptions. Results using FE-computed local hard-
ness and residual stress for the tooth’s axial symmetry plane are represented
by continuous lines, calculation using simulation results from the entire tooth
correspond to dotted lines, whereas dashed lines are outcomes from Lang’s
approach. Blue and red colors indicate Weibull coefficients A and B from ta-
ble 5.2, respectively.

5.2.c. Model based on Meis’ approach

Methods: For capturing the statistical characteristics of fatigue processes like TFF caused
by non-metallic inclusions, Monte-Carlo approaches offer considerable potential [57, 16].
The method of Meis [16, 123] is used for TFF prediction in this work. Using the critical
plane model KEV-Bosch as outlined in equations 2.21, 2.22 and 2.23, the equivalent stress
amplitude and equivalent mean stress are first computed for each integration point in the
gear tooth. The local alternating fatigue strength of the material is approximated in a first
step using 0,0 = 1.6 - Hy, under the assumption that the material is defect-free. It is also
necessary to estimate the torsion fatigue strength, which may be done with equation 2.24.
In the second calculation stage, assumptions are made on the function characterizing size
distribution of non-metallic inclusions and on their volume concentration. Three distinct

hypotheses are examined in this work:

o Case 1: Generalized extreme value distribution with mean size pg;s; = 10 um, shape
parameter (4 = 0.3, scale parameter o454 = 0.75 - j1gis¢ and volume concentration
for defects Cy = 0.035 mm 3.

o Case 2: Generalized extreme value distribution with mean size pg;s = 25 pum, shape
parameter (4 = 0.3, scale parameter o4 = 0.75 - p14i¢ and volume concentration
for defects Cy = 0.05 mm 3.

o (ase 3: Lognormal distribution with mean size p4;5; = 60 um, shape parameter (z; =
0.3, standard deviation g4 = 0.75 - p14;¢ and volume concentration for defects Cy =
0.035 mm 3.
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Equation 5.10 provides the probability density function of the generalized extreme value
distributions for size variables x > 0, given the previously defined parameters [165]. Equa-

tion 5.11 expresses the lognormal probability density function [153].
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It should be mentioned that the choices of parameters for description of the distribution

—log(x — Mdist)2> ' (5.11)
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2. Odist

of material defects in this work are somewhat arbitrary and are only being made in order to
see if the simulation models can anticipate how fatigue strength behaves in relation to the
presence of non-metallic inclusions. To acquire quantitatively valid computation findings,
future studies should fine-tune the parameters for the size distribution of defects. The
distribution functions used in cases 1, 2 and 3 are shown in figure 5.12. The total number
of defects considered is scaled with the number of loaded teeth. The permissible stresses are
locally decreased by the presence of non-metallic inclusions. Equation 2.1 describes how the
fatigue strength loss depends on the size of the inclusion and the local material hardness.
Using the updated local fatigue strength values and taking non-metallic inclusions into
account, the position and material exposure of the most critically loaded point in the tooth
are established. The result data is recorded and the previously established size distribution
functions are then used to assume new random number, position and size assignments for
defects. This process is repeated until convergence and statistically significant findings are
achieved. In this work, a number of 3,000 iterations is shown to be sufficient and corresponds
to a computing time of around 1 minute for 500,000 material points. This method enables
the prediction of the most critical positions and defect sizes for tooth flank fracture in the

gear, as well as the anticipated failure percentage for the investigated load.

Results: Figure 5.13 illustrates the anticipated failure probability of the gear with module
3mm from Witzig’s investigations [34], based on assumptions made on the size distribution
of non-metallic inclusions, local hardness, and residual stresses. With FE simulated stresses
and case 2 assumptions, a near-perfect agreement between the experimental data and the
computed results is obtained. The fatigue strength of the gear is overestimated when
alternate size distribution functions for material defects are used. The size distribution
function’s kind and specific parameters have a significant impact on the slope and level of
the expected failure vs load level curve. Low mean size, concentration, and dispersion of
the non-metallic inclusions greatly enhance the gear’s expected fatigue strength. Because

Lang’s approach neglects the tensile residual stresses in the tooth core, all other factors
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Figure 5.12: Example of size distribution of defects for the different cases investigated and
a total material volume of 45,000 mm?.

being equal, the results are substantially less conservative.
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Figure 5.13: Computed failure probability of the gear module 3mm and CHD = 0.5 mm
from [34] for probabilistic method from Meis’s work as a function of applied
torque on pinion and calculation assumptions for non-metallic inclusions, hard-
ness and residual stresses. FE-produced local hardness and residual stress re-
sults for the tooth’s axial symmetry plane are represented by continuous lines,
whereas dashed lines are outcomes from Lang’s approach.

The properties of every critical defect found in 3,000 gear simulations with module 3 mm
and CHD = 0.5 mm for the various size distribution assumptions are shown in figure 5.14,
using the local hardness and residual stresses derived from FE heat treatment simulation.
Across all materials studied for this load level, the median size of the critical defects ranges
from 150 pm to 250 pm. The second assumption case 2 results in several outliers with
dimensions greater than 1 mm, whereas case 3’s lognormal function correlates with a smaller
variation range. Although these extraordinarily large defect sizes are uncommon in fatigue
tests and may suggest that the description functions being used need to be adjusted, other

2 especially when assessing optical dark area

authors report defect areas exceeding 1 mm
(ODA) or clusters of adjacent non-metallic inclusions [4, 16, 34]. These results are also not

in direct contradiction with the comparatively small tooth thickness, as the tooth width
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of 18 mm is considerably larger and is geometrically compatible with the occurrence of
such defect sizes. The critical defect position for failure initiation is consistent throughout
every scenario under investigation and is most likely within the range of 1.75 to 2.0 - CHD.
However, case 2’s distribution indicates low probability failures at significantly greater
depths. Figure 5.15 illustrates additional outputs from the simulation approach, such as the
orientation of the critical planes determined by the KEV-Bosch multi-axial stress criteria
and the position of these critical defects. It is anticipated that the transition between the
tooth core and the carburized surface would experience the majority of failures. When
exceptionally large inclusions occur in low-loaded locations, rare failures at higher depths
are predicted. For a large percentage of all predicted failures, the material plane orientations
at the positions identified for crack initiation (blue lines in figure 5.15) present an angle
between 25° and 45° with the horizontal axis, which is slightly lower than the experimental
TFF observations.
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Figure 5.14: Size and depth of the defects that have been identified as critical in 3,000
simulations of the gear with module 3mm and CHD = 0.5 mm under a load
of 1,460 Nm on the pinion and for different assumptions of size distribution of
non-metallic inclusions.

For the gear with module 5mm, CHD = 0.65mm, and 41 teeth, the observations from
figure 5.13 can also be applied to figure 5.16. When coupled with hardness and residual
stresses from heat treatment simulation, the second set of assumptions for the size dis-
tributions of defects results in a highly accurate estimation of the fatigue strength of the
gear. The anticipated failures due to non-metallic inclusions are significantly influenced by
the size distribution functions, wherein the largest defects in the heavily loaded area play

a critical role. Primarily due to the disregard of tensile residual stresses in the core and
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Figure 5.15: Example of computed critical planes and superimposed critical defects of 3,000
simulations on the gear module 3mm from [34] with CHD = 0.5mm and
applied torque 1,460 Nm on pinion. Size distribution for defects is from case 2
and the local hardness and residual stresses are predicted by FE heat treatment
simulation. For clarity, the displayed defect size is multiplied by 0.05 in relation
to the gear.
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case-core transition area, Lang’s method results in an overestimation of the gear’s fatigue

strength.

S 10 —~Case 1 (FE)
£ = T+ Case 1 (Lang)
TEG Q; —~Case 2 (FE)
o 3 50 1| F Case 2 (Lang)
g < Case 3 (FE)
S Case 3 (Lang)

A 02— —m—u—% +o £.50%(exp.)

1,500 2,000 2,500
Driving torque [Nm]

Figure 5.16: Computed failure probability of the gear module 5mm and CHD = 0.65 mm
from [34] for probabilistic method from Meis’s work as a function of applied
torque on pinion and calculation assumptions for non-metallic inclusions, hard-
ness and residual stresses. FE-produced local hardness and residual stress re-
sults for the tooth’s axial symmetry plane are represented by continuous lines,
whereas dashed lines are outcomes from Lang’s approach.

Overall, the effects of the non-metallic inclusions, statistical size effect and contact loads
seem reasonable when the probabilistic technique and the chosen critical plane approach are
coupled. Extensive data can be produced on the position, defect size, load levels and failure
probability or material orientation of the predicted failure initiation, which can be validated
or contradicted by fatigue tests. When the hardness and residual stress are provided by
the developed FE heat treatment model, using the suggested parameter set with plausible
input data case 2 results in extremely good agreement on both 18CrNiMo7-6 gears from
Witzig’s investigations [34]. Neglecting tensile residual stresses in the carburized tooth, on

the other hand, yields significantly understated probabilities of gear failure.

5.2.d. Summary of the tested TFF prediction approaches

Three different approaches were tested in this work, which were adapted from the works of
Witzig [34], Bohme [52] and Meis [16] and tested under several different assumptions. The
two first methods are based on integral calculation of equivalent stress values and evaluate
a damage or material exposure parameter in comparison to a threshold value. For the three
tested 18CrNiMoT7-6 carburized gears in table 5.1, maximum exposure values for depth that
approximately match to the observed gear failures may be determined using Lang’s method
for local hardness and residual stress calculation. It also seems that valid predictions may
be made regarding the impacts of contact stress, CHD, and gear shape. Additionally, for
an entire FE tooth model with 100,000 to 300,000 integration points, the local equivalent

stress may be calculated in a matter of minutes, making it possible to take into account
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factors like crowning or axial position-dependent hardness and residual stresses. The FE
model developed for carburizing heat treatment allows for improved consideration of resid-
ual stresses and local hardness. The damage parameter Dp, in Bohme’s technique, or the
material exposure in Witzig’s method, rise when the tensile residual stresses in the core
and transition area are taken into consideration. The depth profiles are different in both
residual stress calculation methods, but the shift of material exposure or damage parameter
is purely quantitative and not qualitatively noteworthy. Since this work covers only limited
gear fatigue data and the two aforementioned methods do not predict the failure rate but
instead rely on a threshold value that is, for Witzig, largely empirical, it is not possible to
assess the effects of the modifications caused by the FE calculation model on the prediction
accuracy for TFF. Essentially, these methods ignore material defects and the statistical size
effect, despite the fact that these are two of the most important factors determining tooth
flank fracture. A weakest-link approach has been presented to try to obtain quantitative
conclusions for the failure probability of carburized gears under contact load. Gear fail-
ure probabilities were calculated using various Weibull coefficients from Diemar [40] and
Lopenhaus [58]. For the two gears under investigation, none of the examined combina-
tions produce satisfactory results. The combination of Diemar’s constant-value Weibull
coefficient with Witzig’s approach produced the best results. In this instance, utilizing
FE-computed hardness and residual stresses results in a 11 % underestimation of the load
corresponding to 50 % failures for the gear module 5 mm from Witzig’s tests [34] and 6 % for
the fatigue strength of the gear module 3 mm. With understated fatigue strength estimates
of 6 % for the module 3 mm gear and overestimation of 8 % for the second tested geometry,
Lang’s method produced slightly lower errors. Although taking into account the changes
in hardness and residual stresses in the axial direction of the gear is expected to increase
forecast accuracy, this could not be demonstrated. This parameter did not affect the TFF
risks of the smallest gear for the versions and hypotheses that were studied for the statis-
tical size effects. However, the module 5 mm gear computation with complete 3D hardness
and residual stress fields from heat treatment simulation produces findings that are exces-
sively conservative. For a given load and gear configuration, the probabilistic approach
based on Meis” work [16] provides more quantitative fatigue prediction outputs, such as the
failure probability or the locations and sizes of the most critical defects. This approach
allows for a realistic anticipation of the impact of statistical size effect and non-metallic
inclusions. Here, a combined method is suggested using the hardness and local residual
stresses from the developed FE carburizing model. For the two gears under investigation,
nearly complete agreement with the available TFF experimental data may be obtained un-
der reasonable assumptions regarding the size distribution of material flaws. By contrast,
the fatigue strength is much overstated when hardness and residual stress data from Lang’s
empirical formulae are used. There was no consideration of hardness and residual stress

changes along the main axis of the gear in this probabilistic framework, due to the signifi-
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cant computational cost of the critical plane approach used for equivalent stress estimation

from multi-axial contact load.



Chapter 6
Conclusion

This work addresses the crucial problem of tooth flank fracture (TFF), which has become
increasingly prevalent, especially in large gears used in the wind energy industry. Different
TFF evaluation approaches exist, but their performance is still restricted because of the cen-
tral role played by empirical considerations, statistical size effects or non-metallic inclusions
that are not adequately taken into account. Among the most important shortcomings is the
very simplistic consideration of the residual stresses from the carburizing heat treatment,
which is specifically addressed here. To address these issues, this research proposes a novel
approach combining finite element (FE) simulation of carburizing heat treatment with es-
tablished TFF assessment methods. A sophisticated thermal-mechanical-metallurgical heat
treatment FE model was built by utilizing extensive dilatometric experiments and mate-
rial data from published research. This model incorporates essential mechanisms such as
carbon-dependent phase transformations, thermal strains and strains from phase transfor-
mations and tempering, and the TRIP-effect during quenching and tempering. A large
simulative parameter analysis on cylindrical samples is conducted to get an in-depth un-
derstanding of residual stresses in carburized components. The study analyzes the effects
of changes in case-hardening depth (CHD), wall thickness, and height of the samples. In
addition, a thorough validation of the FE heat treatment model for prediction of residual
stresses in carburized gears is conducted with different sizes of gears, CHDs, quenching
media and carbon depth profiles. While discrepancies are noted in certain configurations,
the model consistently outperforms other existing approaches, particularly in accurately
predicting tensile residual stresses in the tooth depth and the transition region between
case and core. The findings from the simulation have exposed concerns regarding the resid-
ual stress equilibrium assumptions implemented in the most commonly utilized prediction
methods. Integration of these simulation outcomes into existing TFF assessment frame-
works, as those derived from Bohme’s and Witzig’s works, increases the anticipated risks
of TFF. However, the exact prediction accuracy remains challenging to ascertain due to
the absence of quantitative results on failure probability provided by these approaches, the
possible need for updated threshold values for failure onset and the limited TFF fatigue
data covered in this work. On the other hand, the probabilistic method investigated pro-
vides a realistic impact estimation of changes in contact load, CHD, gear shape and size,
and material quality. Notably, near-perfect agreement with available TFF experimental

data is achieved for the investigated gear pairs with plausible assumptions regarding the
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size distribution of non-metallic inclusions.

Several improvement potentials and further developments can be identified. The accu-
racy of the residual stress prediction can still be improved, since the model yields deviations
in the surface and near-surface residual stresses on some specific heat treatment configura-
tions that are only partially understood. Applying machine learning techniques and neural
networks based on extensive FE simulation studies using the heat treatment model built,
it might be possible to achieve precise residual stress predictions in a more flexible and
time efficient way. Additionally, extending the framework to encompass nitrided gears,
induction-hardened gears, or incorporating the effects of shot peening procedures would
broaden its applicability and relevance. Furthermore, enhanced modeling for TFF predic-
tion in helical gears, which are frequently employed in heavy-duty tasks within the wind
energy sector, could present a significant improvement. More importantly, it would be
valuable to extend the focus beyond conventional high-cycle fatigue (HCF) concerns to in-
clude the very-high-cycle fatigue (VHCF) regime and finite fatigue life with cycles N < 10°.
Given the practical implications of TFF across a wide range of life cycles, such an enhanced
approach is essential to advance knowledge and reduce the risks of tooth flank fracture in

gear systems.
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Appendix

A1l. Chemical composition of alloys used in this work

Table A.1: Comparison of the chemical composition of steel 18CrNiMo7-6 used for

dilatometer samples and carburized gears [47].

Element in mass percent

Material or standard

C

Si

Mn

P

S

Cr

Mo

Al

Gears module 18 mm

0.188

0.26

0.53

0.005

0.001

1.69

0.31

1.60

0.025

0.0101

Gears module 3 mm

0.170

0.24

0.55

0.004

0.001

1.69

0.30

1.57

0.030

0.0110

Dilatometer samples

0.170

0.30

0.55

0.003

0.002

1.71

0.30

1.58

0.036

0.0095

DIN EN max

0.21

0.40

0.90

0.025

0.035

1.80

0.35

1.70

ISO 683-3[166] | min

0.15

0.50

1.50

0.25

1.40

A2. Austenite flow properties

Table A.2: Temperature-dependent flow properties of 18CrNiMo7-6 with austenite mi-

crostructure

| True plastic strain [-] | True plastic stress [MPa] |
0 63 | 40 22
6.67-1073 122 | 94 59
1.33-1072 149 | 115 68
2.00-1072 173 | 131 74
2.67-1072 195 | 144 80
3.33-1072 216 | 156 84
4.00 - 1072 235 | 167 89
4.67-1072 253 | 177 93
5.33-1072 270 | 187 97
6.00 - 1072 286 | 196 100

| Test temperature [°C] | 625 | 700 | 850
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Table A.3: Temperature-dependent flow properties of 50CrNiMo7-6 with austenite mi-

crostructure

| True plastic strain [-] | True plastic stress [MPa] |
0 101 | 72 26
1.33-1072 177 | 118 64
2.67 - 1072 224 | 144 76
4.00 - 1072 270 | 164 84
5.33-1072 314 | 181 92
6.67 - 1072 357 98
8.0-1072 398 105
9.33-1072 438 111
1.07-107¢ ATT7 118
1.20-1071 516 124

| Test temperature [°C] | 500 | 700 | 850

Table A.4: Temperature-dependent flow properties of 82CrNiMo7-6 with austenite mi-

crostructure

| True plastic strain [-]

True plastic stress [MPa] |

0 124 | 74 39
6.67 - 1073 164 | 102 95
1.33-1072 200 | 119 61
2.00-1072 218 | 132 66
2.67-1072 236 | 144 71
3.33-1072 253 | 155 73
4.00 - 1072 271 | 164 76
4.67 -1072 289 | 172 79
5.33-1072 304 | 181 81
6.00 - 1072 321 | 188 84
| Test temperature [°C] | 500 | 700 | 850 |
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A3. Bainite flow properties

Table A.5: Temperature-dependent flow properties of 18CrNiMo7-6 with bainitic mi-
crostructure (isothermally transformed at 450 °C).

’ True plastic strain [-] | True plastic stress [MPa] ‘
0 530 525 523 | 520
5.56-1073 1,005 | 970 924 | 806
1.11- 1072 1,109 | 1,060 | 998 | 858
1.67 - 1072 1,172 | 1,109 | 1,041 | 886
2.22.1072 1,214 | 1,141 | 1,074 | 906
2.78 1072 1,225 | 1,174 | 1,099 | 922
3.33.102 1,202 | 1,121 | 937
3.89-1072 1,228 951
4.44 -1072 1,251 965
5.00 - 1072 977

| Test temperature [°C] [ 20 | 300 | 400 | 500

Table A.6: Temperature-dependent flow properties of 32CrNiMo7-6 with bainitic mi-
crostructure (isothermally transformed at 400 °C).

’ True plastic strain [-] | True plastic stress [MPa] ‘
0 824 715 684 640 604
5.56 - 1073 1,151 | 1,096 | 1,139 | 1,159 | 1,067
1.11-10°2 1,239 | 1,176 | 1,235 | 1,252 | 1,148
1.67 1072 1,298 | 1,225 | 1,293 | 1,309 | 1,194
9.92 102 1,339 | 1,260 | 1,336 | 1,352 | 1,228
2.78 - 1072 1,372 | 1,283 | 1,372 | 1,388 | 1,256
3.33-102 1,400 | 1,309 | 1,403 | 1,421 | 1,280
3.89 - 1072 1,421 | 1,331 | 1,427 | 1,450 | 1,301
4.44-1072 1,436 | 1,351 | 1,450 | 1,477 | 1,320
5.00 - 1072 1,455 | 1,370 | 1,470 | 1,503 | 1,337

| Test temperature [°C] [ 20 | 100 | 200 | 300 | 400 |
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Table A.7: Temperature-dependent flow properties of 50CrNiMo7-6 with bainitic mi-
crostructure (isothermally transformed at 300 °C).

| True plastic strain [-] | True plastic stress [MPa] |
0 1,145 | 715 684
5.56 - 1073 1,712 | 1,096 1,139
1.11-1072 1,842 | 1,176 | 1,235
1.67-1072 1,911 | 1,225 1,293
2.22-1072 1,960 | 1,260 1,336
2.78 . 102 1,098 | 1,283 | 1,372
3.33-1072 2,029 | 1,309 1,403
3.89-1072 2,055 | 1,331 1,427
4.44 -1072 2,077 | 1,351 1,450
5.00 - 1072 2,095 | 1,370 1,470
Test temperature °C] | 20 | 200 | 300 |

Table A.8: Temperature-dependent flow properties of 66CrNiMo7-6 with bainitic mi-
crostructure (isothermally transformed at 300 °C).

| True plastic strain [-] | True plastic stress [MPa] |

0 1,165 | 860 785

5.56- 1073 1,703 | 1,558 1,311
1.11-1072 1,834 | 1,652 1,387
1.67- 1072 1915 | 1,721 | 1,413
2.22-1072 1,978 | 1,800 1,428
2.78 -1072 2,021 | 1,868 1,439
3.33-102 2,056 | 1,924 | 1,451
3.89 - 1072 2,082 | 1,969 1,463
4441072 2104 | 2,005 | 1,475
5.00 - 1072 2,122 | 2,035 1,487

| Test temperature °C] [ 20 | 150 | 400 |
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A4. Martensite flow properties

Table A.9: Temperature-dependent flow properties of 18CrNiMo7-6 with martensitic mi-

crostructure.

| True plastic strain [-] | True plastic stress [MPa] |
0 672 710 508
5.56 - 1073 1,279 | 1,237 | 1,054
1.11-1072 1,386 | 1,324 1,127
1.67 - 102 1,445 | 1,371 | 1,161
9.22. 1072 1,486 | 1,403 | 1,182
2.78 - 1072 1,017 | 1,427 1,199
3.33- 102 1,544 | 1,446 | 1,213
3.89 1072 1,567 | 1,458 | 1,226
4.44 -1072 1,088 | 1,472 1,238
5.00 - 1072 1,606 | 1,482 | 1,249

| Test temperature [°C] | 20 | 300 | 400 |

Table A.10: Temperature-dependent flow properties of 32CrNiMo7-6 with martensitic mi-

crostructure.
’ True plastic strain [-] | True plastic stress [MPa] ‘

0 1,073 | 1,108 | 988 783

8.89-10~* 1,460 | 1,402 | 1,325 | 1,117
1.78-1073 1,586 | 1,520 | 1,462 | 1,251
2.67-1073 1,608 | 1,550 | 1,335
3.56-1073 1,398
4.44-1073 1,446
5.33-1073 1,485
6.22 1073 1,518

| Test temperature [°C] [ 20 | 100 | 200 | 300 |
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Table A.11: Temperature-dependent flow properties of 50CrNiMo7-6 with martensitic mi-

crostructure.

True plastic strain [-] | True plastic stress [MPa) ‘
0 1,610 | 1,713 | 1,225 | 879
3.33. 10~ 1,932 | 2,002 | 1,574 | 1,101
6.67 - 10~ 2,097 1,216
1.00-1073 1,300
1.33-1073 1,364
1.67-1073 1,414
2.00- 1073 1,456
9.33-107% 1,495
2.67-1073 1,525
3.00- 1073 1,560

| Test temperature [°C] [ 20 | 100 | 200 | 300 |

Table A.12: Temperature-dependent flow properties of 66CrNiMo7-6 samples with marten-
sitic (+ residual austenite) microstructure.

’ True plastic strain [-] | True plastic stress [MPal ‘
0 1,741 | 1,535 1,258
1.33.10°3 2,085 | 1,822 | 1,525
2.67-107% 1,912 | 1,562
4.00-107% 1,956 | 1,592
5.33-1073 1,973 1,619
6.67-1073 1,991 1,650
8.00-1073 2,027 1,689
9.33.1073 2,080 1,737
1.07 - 102 9146 | 1,799

| Test temperature °C] | 20 [ 100 | 200 |

Table A.13: Temperature-dependent flow properties of 82CrNiMo7-6 samples with marten-
sitic (+ residual austenite) microstructure.

| True plastic strain [-] | True plastic stress [MPa] |
0 1,795 | 1,526 | 1,134
1.33-1073 2124 | 1,862 | 1,554
2.67 1073 1,033 | 1,641
4.00-1073 1,961 1,687
5.33 1073 1,084 | 1,714
6.67 1073 2,014 | 1,746
8.00-1073 2,053 1,796
9.33-1073 2,100 1,850
1.07-1072 2,157 1,915
1.20 - 102 1,980

| Test temperature °C] [ 20 | 100 | 200
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A5. Characterization tests for isothermal bainite

phase transformation kinetics

——0,18%C (450°C) ——0,32%C (400°C) 0,44 %C (330°C)
0,50 %C (300°C) 0,66 %C (300°C) — 0,75 %C (300°C)
——0,82%C (300°C)
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Figure A5.1: Time-length change diagram of isothermal bainite phase transformation as a
function of carbon concentration.
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Figure A5.2: Post-processed kinetics parameters 75 and npg for equation 3.1 from isothermal
bainite phase transformation trials in figure A5.1.
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A6. Transformation kinetics model parameters

Model parameters applied for the kinetics of the transformation of austenite

into ferrite/pearlite

Trp |8] | Carbon content [%]

T[°C] |0.18 | 0.32 | 0.44 | 0.50 | 0.66 | 0.82

300 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000
330 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000
350 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000
390 1,000,000 | 1,000,000 | 1,000,000 | 9,968,00 | 1,000,000 | 1,000,000
400 1,000,000 | 1,000,000 | 1,000,000 | 759,808 | 1,000,000 | 1,000,000
450 1,000,000 | 1,000,000 | 136,801 | 196,654 | 1,000,000 | 1,000,000
A75 1,000,000 | 1,000,000 | 53,180 | 100,838 | 1,000,000 | 1,000,000
500 1,000,000 | 1,000,000 | 22,816 | 52,332 | 996,196 | 590,724
525 1,000,000 | 335,371 | 11,797 | 27,778 | 269,170 | 159,944
550 1,000,000 | 88,530 | 7,826 15,356 | 73,396 | 43,973
575 353,848 | 26,399 | 6,511 9,099 20,679 | 12,755
600 63,921 | 10,760 | 6,567 6,070 6,492 4,372
625 12,572 | 6,824 8,822 5,137 2,732 2,255
650 3,480 5,834 19,021 | 7,258 2,123 2,604
660 2,506 5,696 29454 | 10,102 | 2,530 3,783
670 2,031 5,626 47984 | 15417 | 3,644 6,429
675 1,907 5,616 62,089 | 19,552 | 4,660 8,746
680 1,844 5,627 80,882 | 25,123 | 6,169 12,136
690 1,944 5,788 139,277 | 42,678 | 11,661 | 24,315
700 2,741 6,521 242,922 | 74,305 | 23,469 | 50,227
725 35488 | 37,000 | 1,000,000 | 311,934 | 150,107 | 323,644
750 996,344 | 997,600 | 1,000,000 | 1,000,000 | 999,686 | 1,000,000
775 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000 | 1,000,000

Table A.14: Parameter 7rp for description of ferrite/pearlite transformation kinetics as a
function of temperature and carbon content, from [130] and from own investi-
gations.

npp = —335.19 - Cy* + 659.15 - Cy® — 468.06 - Cy* + 145.05 - Cy — 13.527 (A6.1)

Model parameters applied for the kinetics of the transformation of austenite

into bainite

np = 2.9753 - C’2ff —0.8562 - Cepp + 2.0516

e

(AG.2)

Tp = 2.4677 - 10* - Copp " [s] (A6.3)
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EF P H Carbon content [%]

T[°C] [0.18]0.32]0.44]0.50 |

66 |

300 0 0 0

670
675
680
690
700
725
750
775

0. 0.
0 0
0 0
0 0
0 0
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
1 1
0 0
0 0
0 0
0 0

D
o
[a)
O oo R MR, RFRPF R PP EFEFPEFRFRRFREFEFEFEFRFODOOOOOOoO

OO OO R R KPR EFFREFFREFRRPERPODOODOOOO

O OO OO O OO

0.
0
0
0
0
1
1
1
1
1
1
1
1
1
1
1
1
1
1
1
0
0
0
0

Table A.15: Parameter &,p for description of ferrite/pearlite transformation kinetics as a
function of temperature and carbon content, from [130] and from own investi-

gations.

Model parameters applied for the transformation kinetics for the transforma-

tion of austenite into martensite

E = EM . 0-011-(T—Ms)

Mg = —403.99 - Copp + 464.5

Calculation of the empirical effective carbon content parameter

Co
1-krp-{rp—kB<€B

Cepp =

_ 1
kFP =1~ 14¢—50-(Co—0.44)

ks = min(maz((0.67 —0.74 - Cy) - e~1/5,0), 0.55)

(A6.4)

(A6.5)

(A6.6)

(A6.7)

(A6.8)



A. Appendix

162
frp(T) [-] | Carbon content [%]
T [K/s] 0.18 | 0.32 | 0.44 | 0.50 | 0.66 | 0.82
0 1 1 1 1 1 1
0.03 1 1 1 1 1 1
0.06 1 1 1 1 1 1
0.12 1 1 1 1 1 1
0.3 1 1 1 1 1 1
0.6 1 1 1 1 1 0.1
1.2 01 |01 |01 |01 |01 |0.01
1.6 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
2.5 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
5 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
10 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
16 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
25 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
50 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01
100 0.01 | 0.01 | 0.01 | 0.01 | 0.01 | 0.01

Table A.16: Parameter fpp(7T') for description of ferrite/pearlite transformation kinetics
as a function of temperature and carbon content, from [130] and from own

investigations.
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f(T) [-] | Carbon content [%]

TK/s] |018 032 044 050 ]0.66]0.75] 082
170 0 0 0 0 0 0 0
200 0 0 0 0 0 0.56 | 1
230 0 0 0.67 [ 0.67 [084]093]|1
250 0 0 1 1 1 1 1
300 0 0 1 1 1 1 1
350 0 0.5 1 1 1 0.97 | 0.95
390 1 1 0.856 | 0.856 | 0.91 | 0.78 | 0.69
395 1 1 0.838 | 0.838 | 0.76 | 0.7 | 0.65
400 1 1 0.82 [ 0.8 |0.73]0.67 | 0.62
410 1 1 0.747 1 0.747 | 0.68 | 0.58 | 0.5
425 1 1 0.710 { 0.710 | 0.6 | 0.5 | 0.43
450 1 0.89 | 0.637 | 0.637 | 0.53 | 0.41 | 0.31
475 1 0.37 |0.317 [ 0.317 | 0.31 | 0.14 | O
500 0.37 10.235(0.09 |0.09 |0.09|0.02]0
525 0.235 | 0.1 0.03 | 0.03 [0.03]0 0
550 0.1 0 0 0 0 0 0
565 0.1 0 0 0 0 0 0
275 0 0 0 0 0 0 0
990 0 0 0 0 0 0 0
600 0 0 0 0 0 0 0
1,000 0 0 0 0 0 0 0

Table A.17: Parameter fg(7") for description of bainite transformation kinetics as a function
of temperature and carbon content, from [130] and from own investigations.
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A7. Strain model parameters

Austenite:
oy = 2.285-107° K1 (A7.9)
by = —1.95-1072 (A7.10)
Ferrite/Pearlite:
app = —2.676-107*-C. +1.516-107* K* (A7.11)
bpp = —6.91-107*-C, — 1.13- 102 (A7.12)
Martensite:
ay = —1.757-107° - C.2 4 6.762-107% - C, +1.189 - 107> K ! (A7.13)
by = —1.021-1072-C.2+1.331-1072C. — 1.253 - 102 (A7.14)
Bainite:
ap = —3.209-107*-C,5 +4.140-107*. C,* —3.259-107° - C.*
(A7.15)
—1.296-107*-C,2 +4.800-107° - C, +9.088 - 1075 K!
bp = 3.12-1072-C.* —5.40-1072- C.2 +2.57-1072- C, — 1.48 - 1072 (A7.16)

Tempered martensitic-austenitic microstructures for carbon concentration
over 0,32 %C:"

ay = —1.279-1075 . C, + 1.265 - 1075 (A7.17)

by = by —8.728-107%- C.2 +9.251 - 1073 - C, — 1.146 - 1072 (A7.18)

TRIP coefficients for martensite and bainite phase transformations:
KP? . = min(9.801-107% - In(1.622 - C’C)3 +6.503 - 107°,6.503 - 1079) (A7.19)
KpP =281-107%-C2—428-107°.C.2

bain (A7.20)
+1.98-107%-C.—2.07-10"* for C. < 0.66
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A8. Heat transfer coefficients for quench simulation
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Figure A8.3: Applied heat transfer coefficient and quenched surfaces in heat treatment
simulation: oil bath quenching Marquench 875 at 90°C' [132].
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Figure A8.4: Applied heat transfer coefficient and quenched surfaces in heat treatment
simulation: polymer bath quenching Aquacool AC (15%) at 40 °C, inverse fit
with initial parameters from [132].
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—_— Salt bath 170°C
—— Salt bath 170 °C, borehole
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Figure A8.5: Applied heat transfer coefficient and quenched surfaces in heat treatment
simulation: salt bath AS135 with temperature 170 °C', inverse fit with initial
parameters from [167].
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Figure A8.6: Applied heat transfer coefficient and quenched surfaces in heat treatment
simulation: high pressure gas with 18 bar N, values derived from [158].
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A9. Residual stress simulation results for cylindrical

samples

4HV Otan On T Oax
- = - =
£ = 500 £ = 500 \»
e z
2 = 0 ‘ 2 = 0 -
= W =
2 F o500 A F 500
0 50 0 50
Path distance [mm|] Path distance [mm)]

Figure A9.7: Results for heat treatment simulation 1 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.8: Results for heat treatment simulation 2 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.9: Results for heat treatment simulation 3 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.10: Results for heat treatment simulation 4 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.11: Results for heat treatment simulation 5 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.12: Results for heat treatment simulation 6 on cylindrical samples along path 1

(left) and path 2 (right).
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Figure A9.13: Results for heat treatment simulation 7 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.14: Results for heat treatment simulation 8 on cylindrical samples along path 1

(left) and path 2 (right).
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Figure A9.15: Results for heat treatment simulation 9 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.16: Results for heat treatment simulation 10 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.17: Results for heat treatment simulation 11 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.18: Results for heat treatment simulation 12 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.19: Results for heat treatment simulation 13 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.20: Results for heat treatment simulation 14 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.21: Results for heat treatment simulation 15 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.22: Results for heat treatment simulation 16 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.23: Results for heat treatment simulation 17 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.24: Results for heat treatment simulation 18 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.25: Results for heat treatment simulation 19 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.26: Results for heat treatment simulation 20 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.27: Results for heat treatment simulation 21 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.28: Results for heat treatment simulation 22 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.29: Results for heat treatment simulation 23 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.30: Results for heat treatment simulation 24 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.31: Results for heat treatment simulation 25 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.32: Results for heat treatment simulation 26 on cylindrical samples along path 1
(left) and path 2 (right).



176 A. Appendix

—Hy Ttan On — Oa
E = 00l J £ = 500
z 5 =5
2 OE o500 A OE o500
0 50 0 50
Path distance [mm]| Path distance [mm]|

Figure A9.33: Results for heat treatment simulation 27 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.34: Results for heat treatment simulation 28 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.35: Results for heat treatment simulation 29 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.36: Results for heat treatment simulation 30 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.37: Results for heat treatment simulation 31 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.38: Results for heat treatment simulation 32 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.39: Results for heat treatment simulation 33 on cylindrical samples along path 1
(left) and path 2 (right).

£ 5 500\ ya £ = 500\
25 g
% % 0 m % if 0 f&t
a2 500 B 500
0 50 0 50
Path distance [mm|] Path distance [mm)]

Figure A9.40: Results for heat treatment simulation 34 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.41: Results for heat treatment simulation 35 on cylindrical samples along path 1
(left) and path 2 (right).
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Figure A9.42: Results for heat treatment simulation 36 on cylindrical samples along path 1
(left) and path 2 (right).

= = =

£ = 500l S E s 5w

S % S 5

o g 0 f@év w9 0 F

&= ==

A = 500 @ = 500
0 20 100 0 10 20
Path distance [mm|] Path distance [mm)]

Figure A9.43: Results for heat treatment simulation 37 on cylindrical samples along path 1
(left) and path 2 (right).
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